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Abstract
An analysis to develop thermal design guidelines for fusion reactor passive
safety has been carried out. The purpose of the study is to develop a methodol-
ogy, as well as establish guidelines, to analyze the passive safety potential of fusion
reactors with respect to loss-of-cooling transients. The criteria for passive safety
include protecting the public from radiological health risk by minizing the potential
for radiation release, as well as protect the financial investment in the plant by
minimizing the potential for damage to the plant. A number of variations of fusion
blanket design were examined to determine their effect on the temperature response
of the blanket following transients involving power/cooling mismatches. Loss-of-
Flow (LOF), Loss-of-Coolant (LOC), and Overpower scenarios were considered.
Reference blanket designs were selected both to represent the current stage of fusion
blanket design, and to provide a range of design variations.
The allowable temperature limits of the structural materials were defined. The
failure modes considered were acute structural failure, thermal creep rupture, and
volatilization/oxidation of activated structural materials. Acute structural failure
encompasses the possibility that structural damage may not occur, but changes in
the microstructure of the material will prohibit its future use. Models were developed
to predict failure by any of these modes given the post-accident temperature history.
The one-dimensional decay heat source in the reference blankets as a function
of position and time was calculated. In terms of structural materials, the vanadium
alloy V-15Cr-5Ti is found to yield the lowest level of decay heat density. This level
decays by about an order of magnitude in one hour. A low-activation modified HT-9
also yields a low level of decay heat, which decays by an order of magnitude in about
24 hours. The structural steel Fe1422 has a high manganese content, which causes a
high level of decay heat that doesn't decay by an order of magnitude for a number of
months. The breeder materials liquid lithium and solid Li 2 0 both yield essentially no
decay heat, assuming almost complete tritium removal. Liquid lithium-lead Lij7 Pb83does g(-nerate a significant level of decay heat, but does not cause a substantial
increase for the total blanket, since the structural materials dominate. A neutron
multiplier, such as beryllium, will cause an increase in the decay heat level, due to
the increase in the low energy neutron population. This increase can be significant.
The temperature history for the blankets following a LOF or LOC accident was
calculated, using a heat transfer code developed for this purpose. The heat source in
the undercooling transient analysis is primarily the decay heat, since rapid plasma
3
shut-off is assumed. The maternal limits models developed previously were then used
in conjunction wzth the temperature histories to determine if and when failure will
occur in each blanket. In this manner, elements of blanket design which increase or
decreast th# thermal safety margin, with respect to loss-of-cooling transients, were
identifitd.
The results show that the maximum temperature rise in the first wall following
the accident, AT,,,, is almost linearly dependent on the neutron wall load rn. With
these results, maximum allowable wall loads to achieve passive safety in loss-of-
cooling transients were defined for the blankets considered in this study. The Blanket
Comparison and Selection Study (BCSS) level one Li/Li/I blanket is passively safe
in both the LOF and LOC accidents at peak wall loads of up to 8 MU/M2 . The
Li 2 0/He/H T-9 blanket is subject to structural failure at peak wall loads of about 4
AlqW/M 2 . depending on the first wall stress level. To maintain passive safety, high
power density devices, such as the TITAN Reversed-Field-Pinch, may be limited to
wall loads of 10 M/M 2 or lower, again depending on the first wall stress level,
and whether coolant can drain from the module. The D-D fuel cycle, because of its
low neutron wall load, offers excellent inherent safety potential, but D-D blankets
must be designed with safety in mind. Designs which solely maximize power output,
by maximizing the blanket multiplication factor with the use of solid steel blankets,
compromise the safety advantage of the low wall load and can be subject to structural
damage.
The impact of natural convection on the temperature response to a LOFA was
analyzed, using the assumption that the secondary cooling cycle remains availabe
during the transient. It was found that helium is a poor natural convection medium.
In liquid metal cooled blankets, the impact was found to depend heavily on the post-
accident behavior of the magnetic field. If the magnetic field remains at its oper-
ational value. then only L117Pbs3 experiences sufficient natural convection to have
an impact on the temperature response. Natural convection in liquid lithium is sup-
pressed due to the high MHD pressure drop. If the magnetic fi:Id experiences rapid
reduction, such as two orders of magnitude in 30 minutes, then the natural convec-
tion impact is substantial. In both liquid lithium and Lil 7 Pbs3 cooled systems, the
temperature decreases rapidly and levels out at a quasi-steady state value which is
well below the temperature limits. For this reason, it is important to design super-
conducting magnets such that they can experience a rapid field reduction.
Plasma overpower and continuation transients were also analyzed. In a plasma
overpower transient, the plasma heat flux could increase well above the nominal
level, with no corresponding increase in the cooling rate. In this case, there appears
to be a threshold heat flux. Above this heat flux, the first wall will likely fail almost
immediately. Below the threshold heat flux, the first wall will survive for some
time. A plasma continuation transient occurs when cooling is lost but the plasma
continues to burn. This can cause first wall failure in a matter of seconds. The heat
transfer pathway from the first wall to the rest of the blanket has a large impact on
the failure time. Both the overpower and continuation transients indicate the need
for an automatic plasma shut-off mechanism.
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1. Introduction
Although fusion reactor design is still at a relatively early stage, it is important
that safety concerns be included in the design process. Fusion energy appears to
offer significant safety and environmental advantages over alternative sources of
energy. This issue is especially important in light of recent developments in the
fission nuclear reactor industry. Due to the potential of a large scale release of
radioactivity during a severe accident, despite the low probability of these events,
fission reactors require multiple safety systems, huge containment buildings, and
plans for public evacuation. This last issue in particular has cast a serious shadow
over the future of fission reactors as a commercial power source. Besides the threat
to the public health, an accident at a fission plant could mean the loss of a huge
capital investment due to damage sustained by the reactor, such as at Three Mile
Island.
Considering these issues, there is clearly a strong incentive to design fusion
reactors which are inherently safe. Ideally speaking, this means that in the event
of a severe accident, such as a complete loss of cooling, no external intervention or
other additional means of accident mitigation would be required to prevent either
a radiological release or substantial plant damage. That is, plant personnel would
be able to simply "walk away"from the accident. Repairs would only be required
on the failed component which led to the accident, and the down-time of the plant
would be minimized. Further, no evacuation of the public would be required. This
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would mean that in the construction of the plant, there would be no need for the
redundant cooling systems and "nuclear grade"construction, nor for the large con-
tainment structure, that is required at fission plants. These aspects of fission plant
construction represent a signiticant fraction of both the capital cost and the con-
struction time. Finally, the lack of a need for evacuation planning would eliminate
the licensing snafus that have recently been a major obstacle for the fission indus-
try. The potential for fusion reactors to be inherently safe from damage, even under
severe accident conditions, will have a significant impact on whether a commercial
fusion reactor is ever built.
1.1 Background and Results of Previous Studies
The issue of the potential hazards of fusion reactor operation has been the focus
of a number of earlier studies. Many of these have concentrated on defining the risks
associated with fusion [1.1,1.2,1.3]. The primary hazards of fusion plant operation
are the use of tritium in the fuel cycle, coupled with the need to use lithium as a
tritium breeder (for the D-T fuel cycle only), the activation of structural materials
and the potential release of these activation products, and the presence of large
magnets and high magnetic fields, resulting in a huge source of stored (magnetic)
energy. These items have to be considered in any assessment of the safety of the
plant.
Generally speaking, there are two levels of safety concern. The first level in-
volves the risk to public health resulting from a release of radioactivity from the
plant. This issue has received considerable attention recently [1.3, 1.4, 1.5, 1.6].
There are two sources of radiation in a fusion power plant: tritium and neutron
activation products. Tritium is used as a fuel in the D-T fuel cycle, and is an un-
avoidable by-product in both the D-D and D-3 He fuel cycles, although the inventory
of tritium in these advanced fuel cycles is far lower than in the D-T cycle. Neutron
activation products are the result of neutron interactions with the first wall/blanket
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structures surrounding the plasma. The total inventory of these activation prod-
ucts depends largely on the fuel cycle and the reactor materials. Comparison of the
activity levels, as well as the general safety characteristics of the D-T, D-D, and
D-3 He fuel cycles is made in reference [1.7].
These radiation sources only represent a threat to the public if they are released
to the environment. There are a number of mechanisms for the release of radiation.
Tritium handling and its associated dangers is fairly well understood, and continues
to be the subject of analysis r1.8. 1.9, 1.10]. Almost all of the activation products are
contained within the structure of the plant [1.11]. Thus, significant release can only
occur if the structural integrity of the reactor is lost, and the radioative isotopes,
whether in elezimental or oxide form, are volatilized. The loss of structural integrity
implies an accident condition. This could be the result of a natural disaster, such
as earthquake or flood, or an off-normal condition in the reactor itself, which could
lead to structural failure. Mobilization of the radioactive inventory occurs primarily
through volatilization of the activation products. Previous studies [1.4, 1.12, 1.13]
have shown that this will only occur to a significant degree if the temperature in
the activated structure gets very high, well above the normal operating range.
In the past, studies have concentrated on quantifying the risks and conse-
quences of a radiation release from a fusion power plant [1.1, 1.4, 1.5,1.14]. Many of
these studies have attempted to reduce the consequence of such a release by mini-
mizing the activation product inventory, primarily through the use of low activation
materials [1.15, 1.16, 1.17, 1.18]. If the combination of risk and consequence of a
radiation release can be reduced such that there is no threat.(or a minimal threat)
to the public safety, then the plant can be considered inherently safe with regard
to this matter.
The second level of concern regarding plant safety involves damage to the plant
itself. Note that the conditions required for the release of a significant part of the
activation product inventory would almost always involve severe plant damage (a
25
tritium release could occur without such damage). However, damage to the reactor,
such as a structural failure, does not necessarily imply a release of radioactivity.
Plant damage can be caused by natural disasters such as stronger than expected
earthquakes, but these phenomena are unavoidable, and at any rate, the risk is
the same for all types of power plants. Damage to the reactor can also be the
result of equipment and/or operator failure. These failures can generally be divided
into three classes. The first involves the release of chemically-stored energy, such
as a lithium spill and fire, which could cause extremely high temperatures and
severe structural damage. The second involves the release of magnetically-stored
energy, such as a magnet failure, which could generate excessive stresses in the
reactor structures, also leading to structural damage. Both of these issues are of
great importance to fusion plant safety. Finally, the third class of accidents that
could cause plant damage is a power/cooling mismatch, which could also generate
high temperatures and subsequent failure of structural components. This report
concentrates on this third class of failure.
The problem stems from the fact that a loss-of-cooling or an increase in power
would cause the temperature in the first wall/blanket region of the reactor to rise.
If these temperatures get too high, the structural elements in the first wall/blanket
will weaken and subsequently suffer structural failure and possibly melt. In severe
cases, this could also lead to the release of some of the activation product inventory.
Methods of quantifying and/or minimizing the risk of plant damage have re-
ceived far less attention than those involving radiation release. Radiation release
is clearly a more severe problem than plant damage, but ideally speaking, inherent
safety encompasses both concerns. Logan has defined inherent safety as the re-
quirement that ". . . strictly passive means of shutdown and subsequent afterheat
removal be sufficient to prevent significant damage or radioactivity release in the
event of (Loss-of-Coolant) or (Loss-of-Flow) accidents, earthquakes, fire, floods,
loss of electrical power, malfunction of control systems, or plant operator mis-
takes"[1.19]. Logan's argument is essentially that inherent safety will represent
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an economic advantage for fusion over alternative energy sources, primarily for the
reasons discussed in the beginning of this chapter.
Fetter [1.11 also makes a strong case for inherently safe fusion reactors, but es-
sentially defines inherent safety as only the requirement that off-site doses resulting
from an accident be low enough to avoid any early deaths.
The definition of inherent safety adopted for this study is taken to be that
given by Logan. That is, only those blankets which passively cool themselves, after
a loss-of-cooling transient, without sustaining any damage are considered inherently
safe. This automatically includes the requirement that there be no significant re-
lease of radiation. Blankets which are likely to suffer damage in the event of an
undercooling transient, but do not pose any threat of significant radiological re-
lease, are not considered inherently safe, but still represent a substantial advantage
over current fission light-water-reactor technology. It must be pointed out that this
study encompasses only loss-of-cooling transients, and its purpose is to identify de-
sign and operational guidelines which improve or assure safety with regard to these
transients. A truly passively safe reactor must be protected against other potential
failures as well, such as lithium fires, magnet failures, and tritium releases. Further-
more, the designs identified in this report as passively safe, that is, those designs
that achieve the passive safety criteria, can be considered passively safe only with
regard to loss-of-cooling transients. They cannot necessarily be considered passively
safe with regard to the full range of accidents that must be considered at a fusion
power plant.
This report investigates some of the thermal aspects of fusion reactor safety; in
particular, the thermal and structural response of fusion blankets to power/cooling
mismatches. There are essentially two types of power/cooling mismatches, both of
which will result in elevated temperatures in the blanket. The first type involves
loss-of-cooling, and is referred to as an undercooling transient. The second type
involves an increase in the power level with no corresponding increase in the cool-
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ing rate, and is referred to as an overpower transient. The purpose of this study
is to determine whether blankets can be designed that will passively cool them-
selves without damage in the event of a power/cooling mismatch, and to identify
elements of blanket design which enhance thermal safety. Design elements which
hinder thermal safety are also identified, and suggestions for alternative approaches
are given. The impact of some operational parameters is also examined, with the
goal of developing operational guidelines to insure passive safety. Much of this work
was carried out in conjunction with the study conducted by the Senior Committee
on Environmental, Safety, and Ecomomic Aspects of Magnetic Fusion Energy (ES-
ECOM) [1.4], and some of the results presented in this report have been used in
the ESECOM work.
1.2 Approach and Outline of Analyses Performed
The basic approach to this investigation involves calculating the temperature
response of a blanket to undercooling and overpower transients. Once the tempera-
ture response is known, a determination can be made as to whether the blanket will
suffer structural damage, and whether there exists significant potential for the re-
lease of radioactivity. The temperature responses of a number of different blankets
are then compared to determine which designs are better in terms of thermal safety.
The sensitivity of the temperature response to a number of operational parameters
is also determined through a series of parametric calculations, in order to establish
operational guidelines.
1.2.1 Introduction to Reference Blanket Selection
In order to fulfill the purpose of this investigation, a number of reference fusion
reactor blanket designs are required, on N ich the analyses are performed. A careful
literature survey was conducted to identify conceptual blanket designs which are
28
appropriate for this purpose. As a result of this survey, a total of six different
blanket designs were selected as the reference blankets. The blankets that were
chosen are considered to represent the state-of-the-art in fusion blanket design.
Also. thL variations among them allow for interesting comparisons, for the purposes
of identifying the design elements which affect thermal safety. The blankets selected
include two self-cooled, liquid metal tokamaks, two helium-cooled, solid breeder
tokarnaks, a self-cooled liquid metal Reversed-Field-Pinch (RFP), and a helium-
cooled, steel structure, D-D fuel cycle tokamak.
The blankets came essentially from three sources. The primary source was
the Blanket Comparison and Selection Study (BCSS), which was coordinated by
Argonne National Laboratory and completed in 1984 [1.201. The BCSS represents
the most complete examination of blanket design issues performed to date. In the
study, a wide range of blanket options were evaluated on the basis of viability, cost,
performance, and safety. Each option was ranked according to its merits as either a
promising concept which deserves high priority attention (level one); a potentially
attractive concept, with some modifications, deserving a low level research effort
(level two); an unattractive concept which should not be considered further (level
three). The BCSS blankets used in this study are all ranked level one or level two.
The second source of reference blankets was the ESECOM study [1.4], which
also analyzed a number of blanket designs, on the basis of economic, safety, and
environmental concerns. Some of the blankets used in the ESECOM study are slight
modifications of the blankets identified by the BCSS as promising (level one). Many
of the analyses presented in the following chapters were carried out simultaneously
with the ESECOM study. In fact, the nature of some of these analyses was guided
by ESECOM, and the results obtained herein will be published in the ESECOM
report.
Finally, the third source of a reference blanket was a study comparing the eco-
nomic and safety aspects of various fusion fuel cycles [1.7], carried out by Brereton
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at MIT. A D-D fuel cycle blanket was taken from Brereton's work, such that the
thermal safety aspects of this fuel cycle could be analyzed.
Blanket #1 was taken from the Blanket Comparison and Selection Study
(BCSS) [1.20]. It is a self-cooled liquid lithium design, with vanadium alloy V-15Cr-
5Ti structure. Blanket #2 also was taken from the BCSS, and is helium-cooled with
solid Li2 0 breeder. The structural material is HT-9 which has been modified for
low activation [1.1]. This version of HT-9 is referred to as MT-9 throughout the
remainder of this report. These two blankets, while BCSS designs, were chosen
in parallel with ESECOM. Blanket #3 was also chosen in parallel with ESECOM
[1.4], and is similar to the blanket design of the TITAN Reversed-Field-Pinch re-
actor [1.21]. It is also a self-cooled liquid lithium blanket with VCrTi structure.
Blanket #4 is identical to Blanket #1, except it uses liquid lithium lead LiRPbI3
as the .breeder/coolant. Blanket #5 is identical to Blanket #2, except beryllium
has been added to improve the neutronic performance. Finally, Blanket #6 was
taken from Brereton's study which compared the economic and safety aspects of
different fuel cycles [1.7]. It is part of a D-D reactor, consisting of helium-cooled
MT-9 structure. The blanket designs are discussed in detail in Chapter 2.
1.2.2 Introduction to Material Limits
A determination of the allowable temperature limits in the materials of in-
terest is also required, in order to distinguish acceptable temperature responses
from those which will result in damage. For this study, the materials of interest
are two of the most widely considered fusion structural alloys, namely the vana-
dium alloy V-15Cr-5Ti, and a modified'version of the ferritic steel HT-9. This
version of HT-9, called MT-9 in this report, was proposed by Fetter [1.1], and is
modified to reduce activation. The relevant failure mechanisms for these alloys at
elevated temperatures are those of acute structural failure, thermal creep rupture,
and oxidation/volatilization, which can lead to the mobilization of the radioactive
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inventory. Acute structural failure occurs when the stress in a material exceeds the
Ultimate Tensile Strength (UTS) of the material. This also refers to changes in
the micro-structure of the material which may take place as a result of the elevated
temperatures. These changes in micro-structure will prohibit the future use of the
material. Thermal creep rupture occurs when the applied stress combines with high
temperatures to cause excessive creep. The material limits models and assumptions
are developed in Chapter 3.
The temperature limits presented in Chapter 3 and used in this study were
taken from a number of sources. The primary sources of material limit information
were the semi-annual reports published by the Alloy Development for Irradiation
Performance (ADIP) program [1.22]. The thermal creep data for both HT-9 and
VCrTi came largely from the UCLA materials effort headed by Nasr Choniem [1.231.
The analysis of thermal creep in vanadium structures was done in conjunction with
the TITAN study [1.21], although the models used in TITAN are not necessarily
the same as those used here. The oxide mobilization data was taken directly from
the ESECOM study [1.4] and some of its supporting references [1.12,1.13].
For the structural materials used in this analysis, the available strength data
are limited to temperatures below about 650 'C [1.20,1.22,1.23,1.24]. This neces-
sitated that assumptions be made about the strength of these materials at higher
temperatures, as well as extrapolation of the available data to the temperature
range of interest in this study. The data on the effect of irradiation on the strength
properties of the structural materials is even more limited. For this reason, the
limits used in this study represent unirradiated strength property data.
1.2.3 Introduction to Decay Heat Analysis
It is clear that the temperature response of a blanket to a given power/cooling
mismatch will depend on the magnitude and distribution of the heat source. In
the undercooling transients, this heat source has two origins. First, there is the
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plasma heat flux on the surface of the first wall, and the operational power density
from neutron interactions within the volume of the blanket. As long as the plasma
continues to burn, this heat source will exist. In most of the undercooling analyses
performed in this study, it is assumed that the plasma shuts off rapidly, and this
heat source turns out to be relatively small. The second origin of heat is the
decay of radioactive isotopes within the blanket. These isotopes, usually referred
to as activation products, are produced by neutron interactions with the blanket
materials. Both the D-T and D-D fuel cycles represent large neutron sources, and
consequently yield significant neutron fluxes in the reactor structures. The resulting
decay heat distributions are calculated for each of the blankets, and comparisons
are made to identify the materials and design aspects which yield the lowest decay
heat levels. This analysis is discussed in detail in Chapter 4. In the overpower
transient analyses, only the plasma burn heat source is considered.
The decay heat level and general activation characteristics of fusion reactors
has been the subject of a large number of previous studies :1.1, 1.11, 1.15, 1.25].
Most of the low activation work done previously has sought primarily to reduce the
long term activation problems, such as reducing the contact dose to maintenance
workers and alleviating the waste disposal problem. Decay heat production is a
short term concern, i.e., the time frame is measured in hours or at most days.
A number of tools exist for the calculation of the decay heat level in a fusion
reactor. Unfortunately, the agreement between them is not always good, and all
of them are subject to the uncertainties in neutron cross-section data [1.26]. In
this study, the decay heat level is calculated through the use of the REAC ac-
tivation/transmutation code developed at Hanford Engineering and Development
Laboratory (HEDL) [1.27], in conjunction with the ONEDANT neutronics code,
developed at Los Alamos National Laboratory (LANL) [1.281. ONEDANT is used
to calculate the operational neutron fluxes in the blanket. These fluxes are then
used as an input to REAC, which calculates the specific activity of the radioactive
isotopes that are produced.
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1.2.4 Introduction to Undercooling Transient Analysis
In the past, the early stage of fusion reactor design has made accurate calcula-
tion of the temperature response of fusion blankets to undercooling transients very
difficult. With the emergence of detailed conceptual designs such as STARFIRE,
MARS. and the BCSS designs, these calculations can now be made. Piet [1.14]
analyzed the blanket temperature rise after a Loss-of-Coolant Accident (LOCA) for
a number of different blanket designs. Piet's goal, however, was to develop simple
scaling laws which allow for easy comparison of the thermal safety margins of dif-
ferent materials. Piet was also plagued (as was this study) by a lack of strength
data for the relevant materials, and thus had to heuristically define the temperature
limit as a 300 'C rise above the operational value.
More recently, others have calculated the post-LOCA temperature rise in fusion
blankets l.19,1.25]. For the most part, the purpose and results of these previous
analyses are similar to those of this study. Both the ESECOM and TITAN studies
paid considerable attention to this issue, both in parrallel with this work.
In general, undercooling transients can be split into two groups, namely Loss-of-
Flow Accidents (LOFA) and Loss-of-Coolant Accidents (LOCA). For the purposes
of carrying out the analyses presented in this report, a number of assumptions are
made to define the characteristics of each accident scenario. Further, a number of
parameters are varied, such that there are a total of eight different undercooling
transient cases. Each case is defined by a set of parameters and assumptions, which
are outlined in Chapter 5.
The calculated heat source is an input into the model that calculates the tem-
perature response to a specific undercooling transient. In Chapter 5, a model is
developed to account for conductive and radiative heat transfer only, that is, the
effects of convection are neglected. The temperature responses calculated with this
model are analyzed with the material limits models developed in Chapter 3 to de-
termine whether structural ;ailuire is likely to occur. The results of this analysis
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for the different blankets are compared, to determine which of the blankets can
be considered passively safe, and identify the elements of the designs that affect
the thermal safety. The sensitivity of the temperature response to the operational
neutron wall load, as well as a number of other parameters, is determined through
a series of parametric studies.
1.2.5 Introduction to Natural Convection Analysis
The most common type of LOFA is a pump-failure accident, in which the
coolant pump fails. The assumption used in the undercooling transient analysis
presented in Chapter 5 is that in this case, the coolant immediately stops flowing,
and remains stagnant for the duration of the transient. In reality, it is possible
that the coolant would continue to flow at some reduced rate, due to the pressure
head that arises from buoyancy effects in the flow loop. Assuming the secondary
cooling cycle remains availabe and operational, the flowing primary coolant would
transport heat out of the blanket, and could substantially limit the temperature
rise in a LOFA. This phenomenon is known as natural convection. The impact that
natural convection has on the LOFA temperature response is analyzed in Chapter
6. The results are used to identify and recommend design aspects which enhance
the potential for natural convection cooling.
Earlier studies on the question of natural convection in fusion reactors have
generally found that the strong MHD pressure drop will greatly inhibit natural
convection flow [1.29, 1.30], especially in lithium cooled systems. Properly analyzing
such thermal-hydraulic phenomena in a fusion reactor has been severely hindered by
the lack of detailed designs. Recent design studies such as the BCSS have partially
alleviated this problem.
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1.2.6 Introduction to Plasma Overpower/Continuation Transient Analysis
Besides the decay heat, the other heat source that can result in temperature
excursions is the plasma. This can happen in two ways. First, if the plasma
power increases with no corresponding increase in the cooling rate, the temperature
will rise. This is called a plasma overpower transient, or simply an overpower
transient. Secondly, a temperature rise will result if the plasma continues to burn
after cooling is lost. This is known as a plasma continuation transient. The plasma
overpower/continuation transients differ from the decay-heat induced transients in
that the primary heat source is the plasma heat flux on the surface of the first
wall. Compared to the decay heat source, this plasma heat flux is very large, and
can cause a rapid temperature rise in the first wall, as well as a large thermal
gradient. The result is that first wall failure is likely to occur much more quickly
in the plasma induced transients than in the decay-heat induced transients. The
overpower/continuation transients are analyzed in Chapter 7.
Previous studies [1.2, 1.311 have indicated that a plasma overpower transient
would terminate before first wall failure due to first wall ablation, which would
increase the impurity level in the plasma and quench it. This remains.somewhat
uncertain, and at any rate, by the time the transient terminates, the amount of first
wall material ablated may be excessive, requiring replacement of the first wall. To
avoid these problems, Logan [1.191 has suggested a mechanism which would cause
the plasma to quench before any damage has resulted. This concept involves a small
canister of helium, which would escape into the plasma in the event of an overpower
or plasma continuation transient, and thus quench it. This idea is partially the basis
of the analysis presented in Chapter 7.
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2. Reference Design Selection and Verification
The analyses described in this work were carried out on some or all of six
reference blankets, which were chosen from a variety of sources. The underlying
assumptions behind the important design parameters of each blanket, such as oper-
ational neutron wall load and surface heat flux, operating temperature range, and
blanket lifetime, were verified through a brief literature survey. The tritium breed-
ing ratios and blanket multiplication factors were checked using the one-dimensional
neutronics code ONEDANT [2.1] to ascertain that they are in the acceptable range.
The six designs selected' are described in detail in this chapter, along with a brief
review of their important parameters. The elemental compositions of the materi-
als used are given in Table 4.2.1, and their, thermal and mechanical properties are
discussed in Chapter 5 and Appendix C.
Each blanket is designated simply by a number, i.e., Blanket #1, Blanket #2,
etc. The general features of the six blankets chosen are summarized in Table 2.0.1.
Furthermore, throughout the course of this work, some variations were made to
some of the blankets. Different variations of a particular blanket were used to
examine the effect the variation would have on the thermal safety of the blanket.
Most of these variations involved material substitutions, e.g. MT-9 for Fe 1422 in the
manifold region of Blankets #1 and #3. Others represented slight changes in the
configuration of the blanket, usually as _tempts to improve the heat transfer from
the first wall to the heat sink. Because of these variations, it became convenient to
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Table 2.0.1 General Features of Reference Blankets.
Material Combinations
(Breeder/Coolant/Structure)
Li/Li/VCrTi
Li 2O/He/MT-9
Li/Li/VCrTi
Li 17 Pbs3/Li 17 Pb83/VCrTi
Li20/He/MT-9/Bet
He/MT-91
Reactor TVe
D-T Tokamak
D-T Tokamak
D-T RFP*
D-T Tokamak
D-T Tokamak
D-D Tokamak
Total Thickness
(Blanket +
Shield, m)
1.280
1.068
1.055
1.283
1.068
0.910
Reversed-Field-Pinch; This design uses copper magnets, and thus does not have a magnet shield. The coils are
included in the blanket thickness.
t Beryllium neutron multiplier is added to improve neutronic performance.
D-D fuel cycle does not require tritium breeding, thus this blanket consists of coolant and structure only.
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Blanket
#1
#2
#3
#4
#5
#6
Neutron
Wall Load
(MW/m 2 )
5.0
5.0
15.0
5.0
5.0
1.17
Lifetime
(Full Power
Years)
3.0
3.0
1.0
3.0
3.0
12.5
develop a method of referring to each blanket and its variations. In this method, a
two character code is used to designate a particular variation of a particular blanket.
The first character is a letter that designates the blanket (i.e., Blanket #1 - #6).
Each blanket has a letter that corresponds to it. The second character is a number
that represents the variation of the blanket. These two characters, then, designate
the blanket and the variation. The different variations are shown in Table 2.0.2.
The six blankets that were chosen were selected for two reasons. First, they
represent the state of the art in current fusion blanket design, and second, the
variations among them allow for comparisons that should yield indications as to
which design elements improve (or hinder) thermal safety.
Four of the blankets (Blankets #1, #2, #4, and #5) are essentially designs
developed during the Blanket Comparison and Selection Study (BCSS) [2.21. For
the most part, there is good agreement between the maximum temperature limits
given in the BCSS and those given in the literature [2.3 - 2.7]. Some of the operating
conditions and parameters of the BCSS blankets are given in Table 2.0.3. According
to Adegbulugbe [2.3], to achieve a 3 year lifetime with a first wall (FW) of 4.5 mm
thickness (average BCSS FW thickness), the first wall heat flux must be less than
about 0.7 MW/m 2, a 30% discrepancy with the BCSS. Also, assuming a flawed first
wall, due to the crack growth rate, Adegbulugbe states that the first wall heat flux
must not exceed 0.6 MW/m 2 to achieve a three year life, given the plasma burn
cycle assumed in the BCSS.
Yu [2.4] indicates that a 7.5 mm beginning-of-life (BOL) first wall thickness is
needed to support the stresses at end-of-life, which is 25% higher than the 6 mm
BOL thickness given in the BCSS. Yu's value is based on an erosion rate of 1.5
mm/yr, which is 50% higher than the BCSS-assumed erosion rate of 1.0 mm/yr.
According to Yu's fatigue analysis, a 15 NIW-yr/m 2 lifetime is attainable for a first
wall under 15 mm thick, but Yu puts a 10 MW-yr/m 2 lifetime limit on the first
wall due to the loss of ductility.
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Table 2.0.2 Designation of Blanket Variations.
Designation
AO
Al
A2t
A3
Dl
D4 t
El
E2
E3
1: t
(;I t
lilt
Variation
VCrTi Manifold, Fe1422 Shield
Fe1422 Manifold, Fe1422 Shield
MT-9t Manifold, Fe1422 Shield
MT-9t Manifold, MT-9t Shield
First Wall Includes Radial Fins
Slab First Wall Design
Slab First Wall, Fe1422 Manifold
Slab First Wall, MT-9t Manifold
Tubular First Wall, Fe1422 Manifold
Tubular First Wall, MT-9t Manifold
As Described in Text
As Described in Text
As Described in Text
t Base blanket, as described in Text.
SI.-dified Lw activation HT-9 from Reference !2.101.
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Blanket
#1
#2
#3
#4
#5
Table 2.0.3 Operating Conditions and Parameters of Blanket #1. Wall Load, Heat Flux, and
Erosion Rate are the same for all BCSS Blankets.
Parameter
Neutron Wall Load
First Wall Heat Flux
Blanket Lifetime
First Wall Erosion Rate
BOL First Wall Thickness
EOL First Wall Thickness
Maximum Structural Temperature
Maximum Interface Temperature
5.0
1.0
3 Full
1
Valnic
MW/M 2
MW/M 2
Power Years
mm/yr
6 mm
3 mm
750 *C
740 *C
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Other references generally support the parameters given in the BCSS. Blan-
chard and Ghoniem [2.5] indicate a maximum lifetime of 3 years due to the 2%
strain limit criterion. Maziasz [2.6] states that with some improvements, a 15 MW-
yr/M2 lifetime should be possible at 500 *C operation, and Bloom and Smith [2.7]
come to similar conclusions.
2.1 Blanket #1 - BCSS Li/Li/VCrTi
This blanket was chosen in parallel with the work of the Environmental, Safety,
and Economics Committee (ESECOM) [2.8], which looked into some of the same
issues that are covered in this work. The design is essentially the self-cooled Lithium-
Vanadium tokamak blanket described in Chapter 7 of the BCSS.
The important parameters for this blanket, as described in the BCSS, are
shown in Table 2.0.3. The operational neutron wall load is 5 MW/m2, with a
surface heat flux of I MW/m 2 . The assumption is that 20% of the plasma heat
flux is radiated to the limiter. The blanket is designed for a lifetime of three full
power years, i.e., 15 MW-yr/m 2 . A review of the literature [2.3 - 2.7] shows that
these' are slightly optimistic but reasonable values. Table 2.1.1 shows the tritium
breeding ratio (TBR) and blanket multiplication factor for this and all the blankets
considered. As can be seen, the 1-D TBR and blanket multiplication factor are
both adequate.
The basic Tokamak dimensions for Blanket #1 (as for Blankets #2, #4, and
#5) were taken from the BCSS, and are the same as STARFIRE [2.9]. Figure 2.1.1
gives these dimensions. As can be seen, the major radius is 7.0 m, and the first wall
radius is 2.14 m.
Both the neutronic and thermal analyses performed in this work were done
in one dimension. Most of the thermal analysis was carried out assuming slab
geometry. A one-dimensional slab representation of the basic design for the blanket
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Table 2.1.1 Tritium Breeding Ratios (TBR) and Blanket Energy Multiplication Factors
for the Reference Blankets.
Blanket #
1
2
3
4
6
TBR
1.33
1.20
1.32
1.31
1.37
N/A
Blanket
Multiplication
actor
1.16
1.14
1.22
1.25
1.10
1.83
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Figure 2.1.1 Reference Tokamak Dimensions. From Reference 2.2
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itself is shown in Figure 2.1.2. The vertical dashed lines delineate the "regions"of
the blanket. For identification purposes, the regions of each blanket are numbered
from left to right, i.e., in the case of Blanket #1, from Ito 8. Region 1 is essentially
the front face of the first wall, that is, that portion which receives the plasma heat
flux. Region 2 is the first wall coolant channel, and consists of rectangular channels
through which the lithium coolant flows. Region 3 is the back structural slab of
the first wall. Region 4 is the main breeding region, consisting mostly of liquid
lithium, with 7.5% VCrTi structure. Region 5 is the manifold region, where the
lithium coolant enters and exits the blanket from the coolant headers. Region 6
is the second wall, a solid slab for structural purposes. Region 7 is the vacuum
gap, which provides thermal insulation for the blanket, in order to minimize heat
loss from the blanket during operation. The design of this gap turns out to be
quite interesting from the standpoint of thermal safety, as is discussed in Chapter
5. Finally, Region 8 is the shield, which operates at low temperature and provides
radiation and thermal shielding for the superconducting magnets.
The dimensions shown in Figure 2.1.2 correspond to the inboard side - the
reason for analyzing the inboard side is given in Chapter 4. The actual first wall
geometry is shown in Figure 2.1.3. This shape is modeled as shown in Figure 2.1.4
for the purpose of the one-dimensional slab analysis.
The material volume fractions were taken directly from the BCSS. While the
BCSS design utilizes Fe1422 as the structural material in the manifold region (Re-
gion 5), Blanket #1 uses a modified version of HT-9 (MT-9), as a thermal safety
improvement. This is discussed in Chapters 4 and 5. The HT-9 used is modified
for low activation, as proposed by Fetter f2.10]. The material fractions in Region 2
(88.9% Li, 11.1% VCrTi) are calculated from the information given in Figure 2.1.4,
where it is shown that the VCrTi "slabs"are 0.3 cm thick, and the Li channel is 2.A
cm thick; thus, the VCrTi is 11.1% (0.3/(0 3+2.4)) of the material in this region.
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Figure 2.1.2 One-Dimensional Schematic of Blanket 11 for Neutronic
and Thermal Analyaes.
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Figre .. 73Scliemuatic of Blanket -'I Geometry. From Rt-ference '2.2.
Figure 2.
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Figure 2.1.4 Cross-sectional View and Dimensions of Blanket -1. From Reference 2.2.
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2.2 Blanket #2 , BCSS Li20/He/MT-9
Blanket #2 was also chosen in parallel with the ESECOM study, and also
was taken from the BCSS (BCSS Chapter 8). It consists of a helium-cooled, solid
Li20 breeder with the ferritic steel MT-9, which is a version of HT-9 modified for
low activation based on reference [2.10], as the structure. The one-dimensional
geometry is shown in Figure 2.2.1, which is the slab representation of the actual
blanket module shown in Figure 2.2.2. Region 1 is the front slab of the first wall.
Region 2 is the coolant path for the helium coolant, and consists essentially of
pure helium. Region 3 is the back slab of the first wall, and it provides structural
support as well as defines the coolant flow path. Region 4 is the flow distribution
region, where the coolant is distributed into the breeder channels. Region 5 is the
main breeder region, consisting mostly of solid Li2 0. Region 6 is the second breeder
region. Region 7 is the manifold region, where the coolant exits the blanket. Region
8 is the vacuum gap, and Region 9 is the magnet shield. All the material fractions
were taken directly from the BCSS.
The important parameters for Blanket #2 are essentially the same as for Blan-
ket #1 (see Table 2.0.3). The only differences are in the maximum allowed tempera-
tures. For Blanket #2, these are about 200 *C less than for Blanket #1 [2.2,2.3]. As
is seen in Table 2.1.1, the 1-D tritium breeding ratio for Blanket #2 is marginally
acceptable. The TBR (and blanket multiplication) can be improved by adding
beryllium to the blanket [2.2,2.9]. Blanket #5 is identical to Blanket #2 except
that Blanket #5 has beryllium in the breeding region (see Section 2.5), in order
to achieve adequate tritium breeding. The purpose for including both blankets is
to determine the effect that beryllium has on thermal safety. This is discussed in
Sections 4.2.3 and 5.4.1.3.
2.3 Blanket #3 - LANL Li/Li/VCrTi
Blanket #3 was also selected from the ESECOM study [2.8], and is similar
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Figure 2.2.1 One-dimensional schematic of Blanket #2 for Neutronic
and Thermal Analyses.
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Figure 2.2.2 Schematic of Blanket #2. From Reference [2.2].
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to the blanket of the TITAN Reverse-Field-Pinch (RFP) study [2.111. The major
radius of the RFP is 4.23 m, and the first wall radius is 0.65 m. Figure 2.3.1
shows the 1-D representation for Blanket #3. This blanket is similar to Blanket
#1; the major differences are the overall size and, more significantly, the lack of
a large shield. The RFP is a compact, high power density reactor with copper
magnets, which eliminates the need for the large shield seen in Blankets #1 and
#2. The lack of this shield has a significant impact on the temperature response to
power/cooling mismatches, as is discussed in Chapter 5. Since there is no shield,
the magnet regions are included in the analysis for Blanket #3. These are Regions
8 and 9 in Figure 2.3.1.
The TITAN RFP is designed for higher wall loads [2.111, perhaps as high as
20 MW/m 2 , with a lifetime of the first wall/blanket components of about one year.
Whether these wall loads are feasible on the basis of first wall material properties was
not verified in our work. According to the information reviewed at the beginning of
this chapter (references [2.2 - 2.7]), wall loads greater than 10 MW/m 2 may be too
optimistic from the materials standpoint. The high wall load cases were included,
in part, to examine the effect of wall load on the temperature response in, the event
of power/cooling mismatches. This issue is discussed in detail in Chapter 5.
The 1.0 cm thickness of the vacuum gap shown in Figure 2.3.1 was chosen
arbitrarily. The actual thickness of this vacuum gap will have no effect on the results
of the neutronic or thermal analyses, since both are treated in one dimensional
forms.
The operating temperature of Blanket #3 is 600 'C, constant across the thick-
ness of the blanket. This is higher than any of the BCSS blankets, but is still
within the acceptable range of maximum structural temperature and maximum
structure/coolant interface temperature for the materials being used [2.2,2.3]. Ta-
ble 2.1.1 indicates that the TBR and blanket multiplication for Blanket #3 are both
adequate.
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Figure 2.3.1 One-dimensional schematic of Blanket 13 for Neutronic
and Thermal Analyses.
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2.4 Blanket #4 - BCSS LiPb/LiPb/VCrTi
Blanket #4 was chosen to examine the effect of Li17 Pb8 3 (also referred to as
simply LiPb) instead of Li as the breeder material. It is identical to Blanket #1
except for the substitution of LiPb for Li, and the first wall is 50% thicker, to
support the heavier LiPb. The 'Li enrichment in the LiPb is 30% [2.21. Otherwise,
all other parameters are identical to Blanket #1, except the operating temperature,
which is about 50 'C lower than for Blanket #1 [2.21.
Figure 2.4.1 shows the 1-D geometry for Blanket #4, which, as stated, is es-
sentially identical to Blanket #1. Table 2.1.1 shows that the TBR and blanket
multiplication for Blanket #4 are both adequate. While the TBR is slightly lower
than that of Blanket #1, the blanket multiplication is slightly higher.
2.5 Blanket #5 - BCSS Li 20/He/MT-9/Be
Blanket #4 was selected in conjunction with Blanket #1 to determine the rela-
tive thermal safety of LiPb vs. Li. Similarly, Blanket #5 was chosen in conjunction
with Blanket #2 to determine the effect of a neutron multiplier, in this case beryl-
lium, on the thermal response to an undercooling transient. Blanket #5 is identical
to Blanket #2 except that in the first breeder region (Region 5), some of the Li-)O
is replaced with Be. As is mentioned in Section 2.2, the inclusion of Be improves
the TBR. As can be seen in Table 2.1.1, adding Be improved the marginal Blanket
#2 TBR more than sufficiently. The question is, what effect will this have on the
thermal safety.
Figure 2.5.1 shows the Blanket #5 geometry. Note that Be is 20% of the
volume in the first breeder region. The beryllium density is 80% of theoretical
density, which allows for the swelling which occurs during irradiation [2.21.
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Figure 2.4.1 One-dimensional schematic of Blanket 14 for Neutronic
and Thermal Analyses.
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Figure 2.5.1 One-dimensional schematic of Blanket I5 for Neutronic
and Thermal Analyses.
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2.6 Blanket #6 - SJB D-D MT-9/He
Blanket #6 was selected to examine the thermal safety of the D-D fuel cycle,
and was taken from the work of Brereton [2.12] on safety and economic comparisons
of fusion fuel cycles. The D-D fuel cycle is attractive for a number of reasons [2.121,
including enhanced safety due to the absence of tritium. The geometry for Blanket
#6 is shown in Figure 2.6.1. In this blanket, the first wall is incorporated into the
blanket, such that Region 1 is simply a large slab of helium-cooled HT-9. The HT-9
used in this blanket is identical to that used in the other blankets, that is, the low
activation version proposed by Fetter [2.10] and called MT-9. The blanket region is
followed by a vacuum gap (Region 2). Regions 3 and 4 comprise the neutron shield.
Region 5 is a second vacuum gap, and Region 6 is a stainless steel dewar [2.12].
Note the absence of a tritium breeder material. Since tritium breeding is not
a requirement in the D-D fuel cycle, there is added flexibility in the design of the
blanket. Thus the blanket can be designed to maximize the total power (i.e., blanket
multiplication factor), or to improve thermal safety. The criterion used to choose
the blanket thickness was that 94% of the neutron energy must be captured in the
blanket, and the shield thickness was chosen to sufficiently attenuate the neutron
flux for magnet protection [2.12]. The multiplication factor for the blanket shown
is given in Table 2.1.1.
2.7 Summary
Six reference blankets were chosen for the purposes of carrying out the analyses
described in this work. These blankets represent the current approach to tokamak
blanket design, and differ from each other in ways that allow for interesting com-
parisons. The operating parameters of each blanket were verified through a survey
of the literature. Some of these parameters, such as.wall load and blanket lifetime,
are perhaps somewhat optimistic but do not appear unreasonable when compared
to earlier designs.
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Figure 2.6.1 One-dimensional schemotic of Blanket 16 for Neutronic
and Thermal Analyses.
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3. Material Limits
Material limits affect the thermal design of a fusion reactor in a variety of ways.
In terms of normal operation, the lifetime of the blanket system is limited by the
ability of the first wall material to withstand the neutron fluence, cyclic heat load,
and erosion rate [3.1,3.2,3.3]. In an off-normal condition such as a Loss-of-Flow
Accident (LOFA) or Loss-of-Coolant Accident (LOCA), the elevated temperatures
experienced by the structural components can lead to damage and/or the release
of radioactive isotopes [3.4,3.5,3.6]. Thus it is important to attempt to quantify
the various limits that affect the thermal design, as well as the consequences of
exceeding these limits. From the standpoint of this work, it is important to quantify
the damage that may be caused by a particular transient, in order to identify means
of minimizing such damage.
In this chapter, some of the limits based on material properties are discussed.
This includes a brief discussion of blanket lifetime, followed by a more involved
discussion on the temperature limits of the main structural materials (HT-9 and
VCrTi). Note that the version of HT-9 used in this work, called MT-9, is assumed
to have identical structural and thermal properties to the standard HT-9. A model
for predicting the consequences of the elevated temperatures reached during LOFA
and LOCA is presented. Details of the calculations presented in this chapter are
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included in Appendix A.
3.1 Lifetime Limits
The usable lifetime of the first wall/blanket system will have a significant im-
pact on the economics of a fusion reactor '3.7]. The assumed lifetime will also affect
the decay heat analysis, as well as the waste management problem, since the buildup
of radioactive isotopes increases with time. As briefly mentioned in Chapter 2, the
factors that will affect the lifetime of the first wall include irradiation damage and
erosion (physical sputtering) [3.1,3.2,3.3].
3.1.1 Erosion
Erosion is the removal of material on the plasma side of the first wall due
primarily to physical sputering from ion bombardment '3.1,3.81. The erosion rate
is determined by the magnitude of the flux and energy of the charge-exchange
neutrals at the first wall, and thus is dependent on the wall load (i.e., plasma
power density). The BCSS selected an erosion rate of 1.0 mm/yr to correspond
to the 5 MW/m 2 neutron wall load used in that study. This value is more of a
reasonable assumption than the result of a detailed calculation. Other references
[3.2,3.3,3.8] predict a somewhat higher rate. It is this erosion rate that determines
the lifetime of some blankets. The maximum first wall thickness is limited by
thermal stress considerations. The thermal stress in the first wall is directly related
to the temperature gradient across the first wall, which is linearly dependent on
the product of the first wall thickness and the surface heat flux. Using Blanket #1
as an example, given the surface heat flux of 1.0 MW/m 2 , the maximum first wall
thickness turns out to be 6 mm. Given the maximum allowable primary stresses in
the first wall, which are due to the coolant pressure, the minimum thickness of the
first wall is determined. This is given in BCSS as 3 mm. The difference between the
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maximum and minimumn thicknesses is the amount of material that can be eroded
away during the lifetime of the blanket. This is 3 mm for Blanket #1. Dividing
this thickness by the erosion rate gives the usable lifetime of the first wall. For
Blanket #1, then. this lifetime is three years of full power operation. Although the
maximum and minimum first wall thicknesses are slightly different for the other
BCSS blankets (Blankets #2. #4, and #5), the same three year life is assumed for
these blankets, which have the same value of plasma heat flux and neutron wall load
as Blanket 1. This is done so as not to bias any results on the basis of blanket
lifetime.
3.1.2 Atomic Displacements
Besides the charged particle bombardment on the surface of the first wall, the
first wall/blanket structure is subject to irradiation by neutrons, which penetrate
into the structure and collide with lattice nuclei. The neutron irradiation fluence
(flux x time, n/cm2 ) of the first wall is commonly measured in displacements-per-
atom (dpa) r3.9'. The dpa is the average number of times an atom is displaced
from its lattice site by interactions with the neutron flux. The number of dpa
accumulated by the first wall material depends. primarily on the magnitude and
energy spectrum of the neutron fluence. Available formulae for calculating dpa
'3.9] are linearly dependent on the the product of the neutron fluence and the
neutron energy. Because of this, the first wall lifetime in units of (MW-yr/M 2) can
be translated directly into dpa. For both HT-9 and VCrTi under irradiation by
14.1 MeV D-T neutrons, one MW-yr/m 2 translates into 11 dpa [3.1]. Thus, three
years of full power operation at 5 MW/m 2 gives a lifetime of 15 MW-yr/m2, which
translates into 165 dpa for both materials. Note that this 165 dpa is not lifetime
limiting for these materials. The lifetime of the D-T tokamak blankets is detennined
by first wall erosion, as is discussed in Section 3.1.1. Discussion of the dpa limit for
these materials is given below.
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A number of studies have examined the effect of dpa on the strength properties
of materials [3.1, 3.9. 3.10. 3.11. Under irradiation, most materials experience
hardening. i.e., an increase in the yield strength and a decrease in the ductility 3 .9,
3.12. They also experience swelling, due partly to helium production through (n,a)
reactions. Both of these effects are highly temperature dependent.
The dpa can be the limiting factor in the lifetime of the first wall. According
to the BCSS "Section 6.11, radiation induced swelling is the most restrictive limit
on the dpa, based on a swelling limit of 5%. This leads to a limit of about 250 -
275 dpa for HT-9 [3.1].
Based on a limit of 275 dpa in the HT-9 first wall, at 11 dpa per MW-yr/m 2 , a
lifetime of 25 MW-yr/m 2 for a D-T reactor may be predicted t. In a D-D reactor,
because the neutron spectrum is different than for a D-T reactor, it might be inap-
propriate to use the 11 dpa per MW-yr/m 2 "translation factor"mentioned above.
There are two opposing ways to view the problem.
The first method is to use. the approach of Olander [3.9]. Olander assumes that
the dpa production is linearly dependent on the product of the neutron fluence and
the average neutron energy. The fluence is found by multiplying the neutron wall
load (MW/m 2) by the lifetime (yr) and dividing by the average neutron energy.
Thus it is seen that the neutron energy will cancel out of the equation for dpa
production rate, leaving only the product of wall load and time, i.e., MW-yr/m 2 .
Thus for a fixed dpa limit, there will be a fixed lifetime (MW-yr/m 2 ) limit, regardless
of the average neutron energy. This means that D-T and D-D reactors, which have
different average neutron energies, will nevertheless be subject to the same lifetime
limit. In the HT-9 example above, this is 25 MW-yr/m 2 (based on the dpa limit
of 275 and the translation factor of 11 dpa per MW-yr/m 2). equations (3.1) - (3.3)
t Again, note that the lifetime of 15 MW-yr/m 2 used both in the BCSS and in
this study for the D-T tokamak blankets is based on a first wall erosion rate of 1.0
mm/yr.
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show this approach mathematically.
dpa oc (Nn)(En)
where
E, is the average neutron energy (MeV), and
N, is the neutron fluence (n/cm2 )1
N_ "()(t)
En
where
F, is the neutron wall load (MW/M 2 ), and
t is the time (yr),
such that (F,)(t) is the lifetime (MW-yr/M 2 ). Thus,
dpa oc (F.)(t)
It is seen from equation (3.3) that there is no dependence of dpa production
on the average neutron energy. In this case, given a fixed dpa limit, which is a
material property, the lifetime (MW-yr/M 2 ) will also be fixed, regardless of the
neutron energy.
The alternate approach is to assume that the dpa production depends only on
the neutron fluence, and not the average neutron energy, as long as the energy is
above a certain threshold, e.g., I MeV. In both D-T and D-D fusion systems, almost
all of the flux in the first wall will be above this threshold. In this approach, the
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(3.1)
(3.2)
(3.3)
lifetime (MW-yr/m 2 ) is found by multiplying the fixed dpa limit by the average
neutron energy, and converting to the appropriate units. Mathematically,
dpa cx N, (3.4)
and, using equation (3.2),
(F,)(t)dpa cx (3.5)
En
Given a fixed dpa limit, then, the lifetime is found by
(fn)(t) oc (dpa)(En) (3.6)
It is seen in this approach that the lifetime (MVW-yr/m 2 ) depends linearly on
the average neutron energy. In a D-D reactor, the average neutron energy is about
8.2 MeV '3.7". and thus the lifetime of a D-D blanket will be 0.58 (= 8-2) times as
long as that for a D-T blanket. This is due to the fact that, because of the lower
average neutron energy, there are more neutrons produced per megawatt in a D-D
reactor than in a D-T reactor. Since it is assumed that the number of dpa depends
only on the number of neutrons (and not their energy), for the same thermal power,
the dpa rate in the D-D reactor will be higher than in the D-T reactor. This latter
approach was used to determine the lifetime of Blanket #6 [3.7. Instead of 25
MW-yr/in 2 , the lifetime of Blanket #6 is thus 14.6 MW-yr/m 2 . At a neutron wall
load of 1.17 MW/m2, this translates into a usable life of 12.5 full power years (FPY)
[3.71.
Determining which of these two approaches is more correct is an important
issue, especially in comparing the economics of D-D vs. D-T reactors [3.7]. The
truth probably lies somewhere between these two approaches; dpa production scales
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as neutron fluence times the average neutron energy raised to some fractional power.
That is,
dpa 0C (n)(En)* (3.7)
where 0 < a < 1.
There are a number of factors which will affect the value of a. Although this
particular issue does not significantly impact the remainder of this work, it deserves
further attention. A brief discussion of some of the relevant factors follows.
Atomic displacements are, for the most part, the result of scattering interac-
tions of neutrons with nuclei 13.9]. As the neutron scatters off the nucleus, some of
the neutron energy is imparted to the nucleus, and the nucleus is then "kicked"out
of its lattice site. If the imparted energy is sufficient, the nucleus becomes a "pri-
mary knock-on atom"(PKA), and will knock more nuclei out of their lattice sites
before it is finally stopped. Thus, the total number of displacements produced by
the single scatter depends on the amount of energy that is transferred to the nu-
cleus. Clearly, then, higher energy neutrons should produce more displacements
than lower energy neutrons; in fact, the effect should be linear (a=1), as stated by
Olander. This assumes that neutrons of different initial energies give up an equal
fraction of their initial energy by scatter before they are captured or transport out
of the first wall region. That is, if a 14.1 MeV neutron and a 2.5 MeV neutron both
give up half their initial energy by scatter within the first wall, then the ratio of
displacements produced will be 7-= 5.64, which is the same as the ratio of their
initial energies, and a in equation (3.7) will equal one. It is unlikely that this will
be the case, however.
At high energies, especially > 5 MeV, the elastic scattering process is highly
forward peaked [3.13, 3.141. That is, higher energy neutrons give up a smaller
fraction of their energy per scatter than lower energy neutrons [3.14, 3.15, 3.16],
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and experience a smaller change in their angular direction. Furthermore, the elastic
scattering cross-section for many structural materials decreases significantly above
5 MeV. For iron. this cross-section goes from about 2 barn at 5 MeV to about 1 barn
at 14 MeV "3.13,. The result is that 14 MeV D-T neutrons mav actually experience
fewer scatters within the first wall of a fusion reactor than 2.5 MeV D-D neutrons,
before they transport through the first wall and into the blanket. This would mean
that the 14 MeV neutron actually imparts less energy to the nuclei in the first wall,
and thus produces fewer displacements, than the 2.5 MeV D-D neutron. This effect
will work to reduce the value of a in equation (3.7). Determining the magnitude of
this effect, and thus the value of a, requires a detailed neutronic analysis which is
beyond the scope of this work.
3.2 Temperature Limits
The limits discussed in Section 3.1 are relevant in determining the normal op-
erating lifetime of the first wall/blanket system. The goal of this work, however,
is to quantify the structural damage that will occur as the result of an off-normal
condition, and identify guidelines to prevent or minimize such damage. The rele-
vant material limits in this instance involve the high temperature properties of the
structural materials, since the transients considered in this work all involve elevated
temperatures.
In the event of a major accident involving the blanket, the important tem-
peratures of concern are those of the structural material. It is the structure that
maintains the geometry of the reactor, and also contains the large majority of ra-
dioactive isotopes (except tritium; see Section 4.2). When dealing with elevated
temperatures in the structure of a fusion reactor blanket, there are essentially three
areas of concern. These are: 1) melting, 2) structural damage, and 3) radio-isotope
release. All of these are functions of temperature, and the purpose of calculating
the temperature response to power/cooling mismatches is to determine whether any
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of these will occur, and how severe the problem will be. The temperatures at which
these occur in the structural materials VCrTi and HT-9 is discussed in this section.
3.2.1 Structural Failure
At temperatures of about one-half the melting temperature and greater, most
structural materials which have been irradiated exhibit a severe loss of ductility
due to helium embrittlement [3.11, as well as a decrease in yield stress. Thus, it is
possible that at some (elevated) temperature, the ultimate tensile strength (UTS)
of a material will drop below the strecs that it supports, and the material will suffer
acute failure. Whether the structure will completely fail depends on the magnitude
of the stress it supports. A detailed analysis to determine the post-accident stress
distribution was considered beyond the scope of this work, however, a zeroth-order
estimation of the stress is necessary. In general, there are two sources of stress
in the first wall. There is the pressure stress, which is due to the presence of
the (pressurized) coolant in the first wall coolant channel, and the thermal stress,
which arises from the temperature gradient across the first wall. The magnitude
of both of these stresses will be affected by the accident. During a Loss-of-Cooling
Accident, the pressure stress on the first wall structure should decrease from that
of normal operation. In both a pump-failure LOFA or any LOCA, there would be a
decrease of coolant pressure, resulting in reduced pressure stresses in the first wall.
Quantifying this stress is an important issue in fusion reactor accident analysis. The
thermal stress is somewhat more complicated, since it depends on the details of the
operational and post-accident first wall temperature gradient. A more detailed
discussion of thermal stress is given in Chapter 7, in which the overpower transients
are discussed. For the purposes of the analyses presented in Chapters 5 and 6, the
total first wall stress level is treated rather heuristically. The reader is cautioned
that the stress levels used in the calculations presented in these chapters are not
the result of a detailed stress analysis.
72
Even if the applied stress never exceeds the yield stress, the material can still
suffer structural failure due to thermal creep. At high temperatures, even relatively
low values of applied stress can cause a material to creep excessively, until it rup-
tures (i.e., reaches tertiary creep) [3.1, 3.17, 3.18]. A discussion on the post-accident
thermal stress in the first wall is included in the following section on HT-9 Temper-
ature Limits. Again, quantifying the possibility of thermal creep rupture remains
an important issue in fusion reactor accident analysis.
Given the stress level, it is possible to make an estimate of the time-to-rupture
(t,) due to thermal creep using the Larson-Miller Parameter [3.17]. The Larson-
Miller parameter P is a function of t, and temperature, and is constant for a given
stress level in a given material. Specifically,
P =-(T)(C + log1 otr) (3.8)
where
P = Larson-Miller parameter, constant for a given material and stress level,
T temperature (R),
C constant (usually about 20 [3.17]), and
t,= time to rupture or to reach a specified value of creep strain (h)
Using the available data from creep tests on VCrTi [3.1, 3.10], the value of
P can be found at a specified stress. Then, knowing the temperature, the time-
to-rupture t, can be found with equation (3.8). If the time spent at a particular
temperature is greater than the rupture time for that temperature, then the material
is expected to fail due to creep rupture. Since the temperature is changing with
time, the rupture time will also be changing. In this case, failure is assumed to
occur when the cumulative fraction of time over rupture time exceeds one. This is
handled by defining the rupture fraction, f,. The rupture fraction is the time spent
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at a particular temperature divided by the rupture time for that temperature. The
rupture fraction is summed up over increments of time At; if it exceeds one, the
material has failed. That is,
Att(T)
*tr(T) (3.9)
where
fr, =rupture fraction for time increment At 1 (T),
Atz(T) = time spent at temperature T, and
tr(T) = rupture time for temperature T, as determined from equation
(3.8).
Summing f,, over all the time increments Ati(T)
transient gives the cumulative rupture fraction f,
fr = Zf,,
AdiT)
from time = 0 to the end of the
for the transient;
(3.10)
If the cumulative rupture fraction f, exceeds one, then the material has failed. The
details of this calculation are given in Appendix A.
3.2.1.1 VCrTi Temperature Limits
The melting temperature of the V-l5Cr-5Ti alloy is approximately 1890 *C
[3.1j. This is the highest of the three candidate structural materials considered in
the BCSS. A number of problems can result at temperatures far below this, however.
Above 1000 *C, VCrTi undergoes a change of phase, and components which
reach these temperatures may not be re-usable [3.191. As long as the temperature
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does not reach 1200 'C, the VCrTi will not experience a significant decrease in yield
strength. At 1200 0 C, VCrTi experiences a drastic loss of strength [3.19]. Under
these circumstances, there is a good chance that the VCrTi components will no
longer be able to support the stresses on them, resulting in gross structural failure.
While the stress levels are largely unknown, for the purposes of this work, it will be
assumed that any VCrTi component that exceeds 1200 'C will fail. In Chapter 7,
other assumptions are made to accomodate the analysis carried out in that chapter.
Regarding long term effects, such as thermal creep. the available data is limited
to temperatures below 800 "C 13.1, 3.10". At 800 "C, the stress required to cause 1%
creep in 1000 hours is about 270 MPa 13.11. Additional discussion on the available
creep data is given in Appendix A. On the basis of the stress analysis for Blanket
#1 given in the BCSS, it is assumed here that in a LOFA, the stress in the VCrTi
first wall will remain at about 10 MPa, and in a LOCA, the stress will be about
1 MPa. In the LOFA case, it is assumed that the coolant remains in the blanket.
The operational system pressure of the liquid lithium in Blanket #1 is about 3
MPa, which leads to a primary first wall stress of over 100 MPa. About 95% of the
coolant pressure is supplied by the coolant pump, in order to overcome the MHD
pressure drop of the liquid metal coolant as it flows through the blanket. Thus,
when the pump fails, the coolant pressure will drop to about 5% of the operational
pressure, leaving a first wall primary stress of about 5 MPa, which is conservatively
estimated to be 10 MPa. Note that if the LOFA is caused by a flow blockage in
which the coolant pump continues to function, the coolant pressure could remain
high, and thus the first wall stress could remain at its operational value (~ 100
MPa or more). The reader must be cautioned that the stress levels given are
not the result of a detailed stress analysis, but are merely guesses, based on the
operational characteristics, and are used primarily for the purposes of illustration.
Over the relatively long duration (many hours) of some undercooling transients, the
stress level will change due to the mechanical strain (or creep), which is continuously
occurring, and to changes in tie temperature distribution. The data base for VCrTi
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regarding thermal creep is extremely limited. and thus an accurate analysis of the
post-accident thermal stress is impossible at this time. Determination of the Larson-
Miller parameter as a function of stress is discussed in Appendix A.
3.2.1.2 HT-9 Temperature Limits
The melting temperature of the ferritic steel HT-9 is 1420 "C [3.1]. As for
VCrTi, many problems arise at temperatures far below this.
The available data on yield strength vs. temperature for HT-9 is limited to tem-
peratures up to 650 *C. Attempting to extrapolate to higher temperatures can lead
to problems, but the lack of any hard data leaves no other option. The data given
in reference [3.20] are shown in Figure 3.2.1. It is seen that the yield and ultimate
tensile strengths of HT-9 experience a fairly substantial decrease at temperatures
above 550 'C, which corresponds to about one-half the melting temperature. These
data only go to 650 "C, and linear extrapolation to higher temperatures results in
a yield stress of zero at 750 'C. This indicates that there must be a turnaround in
the slope of the yield stress vs. temperature plot between 650 'C and 750 'C, and
the yield stress levels out at some (low) value at temperatures above 750 *C. Thus
for the purposes of the undercooling transient analyses, it will be assumed that any
HT-9 component that exceeds 900 "C will fail. This failure could be in the form
of structural damage, if the UTS drops below the stress in the material. Even if
the applied stress is so low that this damage does not occur, HT-9 experiences a
re-crystallization similar to that of VCrTi at about 900 "C. This process will cause a
drastic, unrecoverable loss of ductility, and thus components which reach this tem-
perature will not be re-usable. The requirement that such components be replaced
would incur an economic penalty, and violate the criteria for inherent safety given
in Chapter 1. In Chapter 7, a linear relation between Ultimate Tensile Strength
and temperature is derived from these data and used to estimate the overpower
transient failure time.
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Figure 3.2.1 Yield and Ultnzate Tensile Strength of HT-9 vs. Temperature.
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In terms of thermal creep, the published data [3.1, 3.10, 3.18, 3.20] again are
limited to temperatures below 600 *C, and again, extrapolation is necessary. Unlike
VCrTi, however, there do exist correlations for the creep strain rate (3.18], and thus
an analysis on the post-accident thermal stress in the first wall can be carried out.
A model for determining the thermal stress in an HT-9 first wall as a function of
time following loss-of-coolant was created in conjunction with Brereton [3.7-. This
model is described in detail in Appendix A (see also reference 13.7), Appendix G).
Briefly. it is assumed that at accident initiation (t=O), the temperature gradient in
the first wall goes to zero. This causes a thermal stress equal in magnitude (but
opposite in sign) to the operational thermal stress, because of the relaxation strain
which has occurred during operation. This post-accident stress will then begin to
decrease due to strain relaxation again. Knowing the stress and temperature, the
strain rate can be calculated from a correlation given in reference [3.181. This can
then be used to find the new stress level after a small time increment At has passed.
This procedure is continued, resulting in a stress vs. time history for the duration
of the transient.
The stress vs. time history is then used in conjunction with the temperature
vs. time history, and the rupture fraction calculated with the method outlined in
Section 3.2. The details of these calculations for the temperature histories given in
Chapters 5 - 7 are given in Appendix A.
In the event of loss-of-flow, it is assumed that the coolant will remain at pres-
sure. In the helium-cooled HT-9 structure blankets considered in this work (Blan-
kets #2, #5, and #6), the helium pressure is 5 MPa. This coolant pressure will
only be reduced by the pressure drop which is normally compensated for by the
pump (which is assumed to have failed in a LOFA). This pressure drop is usually
less than 10% of the system pressure. This means that in a LOFA, unlike a LOCA,
the, pressure stress in the first wall will remain high, and thus the post-accident
stresses will be high. Based on the operational values of pressure stress given in
BCSS, the post-accident stress for LOFA in the HT-9 blankets will be assumed to
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remain constant at 120 MPa.
3.2.2 Radio-isotope Release
Other than causing structural damage to the reactor,'the elevated temperatures
caused by power/cooling mismatches can have another effect. Namely, due to oxi-
dation and volatilization of various elements at elevated temperatures, radioactive
isotopes can be mobilized and thus be released into the atmosphere [3.4, 3.21, 3.22].
For the structural materials at temperatures below melting, release of radionuclides
can occur if the structural material comes in contact with oxygen (in air or steam).
In this case, the structural elements will likely oxidize [3.21, 3.22, 3.23]. The vapor
pressure of the oxides is much higher than the pure elements, and thus the oxide
vapors will be released from the solid structure.
3.2.2.1 VCrTi Volatility/Oxidation
Oxidation of VCrTi can be an extreme problem at elevated temperatures.
'Above about 650 'C, vanadium oxidizes readily [3.22, 3.23'. At oxygen partial
pressures of above 10' Pa, the most abundant oxide formed is V2 0 5 , which has a
melting temperature of about 670 'C [3.22, 3.24, 3.251. Neilson [3.22] has quantified
this effect with experiments, and some of his results are shown in Table 3.2.1. It
is evident that at temperatures greater than 650 'C - 680 'C, the oxide V2 05 will
form and melt. It is assumed that the liquid oxide layer will then slide off, thus
exposing a new surface of solid VCrTi, which will then be oxidized. As is seen from
Table 3.2.1, the total thickness of structure that can be removed by this process is
highly dependent on the oxygen partial pressure as well as the exposure time. In
any case, it appears that a significant fraction of the radioactive inventory could be
mobilized through this process. Further, due to the loss of material, it is assumed
that the first wall will suffer structural failure if it becomes oxidized.
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T.i-e' 3.2.1 Time Required to form V20 5 Oxide as a Function of Temperature and
Oxygen Partial Pressure. From Reference !3.22.
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Based on the data from the EG&G experiment '3.21], The ESECOM Study
3.4) quantified the mobilization fraction of some of the elements present in a VCrTi
structure after irradiation. Additionally, a threshold release fraction was defined,
which is the minimum dose fraction that if released will cause a prompt whole-body
dose of 200 rem at I kilometer from the release 3.41. This prompt dose is defined
as the total dose that would be received at the site boundary in the first seven
days plus half the dose received from the eighth through the 30th days. ESECOM
assumed no containment and the most pessimstic weather conditions. These results
are shown in Table 3.2.2. Note in Table 3.2.2 that the dose release fraction for the
Li, V tokamak in the worst case (case I-V) is 0.04. This means that at least 4%
of the first wall must be released to cause the 200 rem dose. This is based on the
ESECOM blanket first wall thickness and neutron wall load, which are 5 mm and
3.6 MW/m 2 respectively. The threshold release fraction scales linearly with both of
these parameters. Note also in Table 3.2.2 that the dose fraction released (released
is the same as mobilized, since no containment was assumed) if the first wall remains
at 1500 'C for 10 hours is only 0.005, which is almost an order of magnitude less
than the threshold. As will be seen in Chapters 5, 6, and 7, none of the transients
considered in this work produce temperatures of 1500 *C for 10 hours.
It is appropriate to compare the 200 rem prompt dose limit to the Nuclear
Regulatory Commission (NRC) 25 rem, two hour dose limit. This two hour dose
includes the actual exposure received in the two hours following the initial release,
plus the long term commitment received from inhalation of airborne radioactivity
in those first two hours. Note that since the prompt dose includes exposure that
occurs up to 30 days after initiation of the accident, it can be as much as two orders
of magnitude higher than the two hour dose '3.26'. Thus, the 200 rem prompt dose
limit is somewhat more stringent than the 25 rem two hour NRC limit.
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Table 3.2.2 First Wall Threshold Release Fractions and Fractions Released for VCrTi and HT-9.
Data from Reference [3.41.
First Wall
First Wall Thicknessl
Neutron Threshold
Fluence Release Fraction Releasedt
Material (mm) (MWX/m 2) Fraction 1500 0 C 1300 *C 1000 *C
VCrTi 10 20 0.04 5.0e-03 2.3e-04 3.3e-07
HT-9 - 10 20 0.03 1.2e-02 1.2e-03 1.Oe-04
* Release Fraction required to cause 200 rem whole body dose at site boundary.
t Following 10 hours at the indicated temperature. Assumes no containment and most pessimistic
weather and plume dispersion conditions.
Equivalent thickness of pure structural material. That is, value given is total first wall thickness
multiplied by volume fraction of structural material in the first wall.
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3.2.2.2 HT-9 Volatility/Oxidation
The problem of oxidation in HT-9 does not appear to be as severe as it is in
VCrTi, because the oxides of the elements comprising HT-9 do not melt at relatively
low temperatures, the way V 2 0 5 does. The volatility of these elements has been
quantified by other studies ;3.4, 3.211. Piet et. al. [3.21] recommend some minor
changes in the elemental composition of HIT-9 in order to reduce the total activation
product mobilization from HT-9 oxidation. The mobilization fraction of some of
the elements in HT-9 are given by ESECOM ;3 . 4". These results are shown in Table
3.2.2. The total mobilization fraction is clearly quite sensitive to temperature.
Comparing the dose release fraction for the 1500 *C, 10 hour transient to the
threshold release fraction in Table 3.2.2, it is seen that there is a safety margin
of about 2.5. While this represents a release fraction that is much closer to the
threshold than the vanadium case, all transients analyzed in this work lead to
temperatures far below 1500 *C for 10 hours. Therefore, as for the vanadium cases,
the critical dose at site boundary will not be a problem.
3.3 Summary
Material limits are an important aspect of fusion reactor design, for both op-
erational and accident conditions. Some of these limits have been quantified to
facilitate the analyses that follow in the remaining chapters.
The operating lifetime of the first wall/blanket system-depends on physical
sputtering (first wall erosion), atomic displacements, and helium induced swelling.
Determining the operating lifetime of the first wall based on the atomic displacement
limit (measured in displacements-per-atom, dpa) is somewhat uncertain due to the
uncertainty in the dependence of the dpa rate on the neutron energy. This issue is
important, particularly when comparing alternate fuel cycles, in which the neutron
spectra are different from the D-T spectrum. There exist two conflicting viewpoints,
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one which suggests that the dpa rate is linearly dependent on neutron energy 13.9,
and one which suggests that there is no dependence of dpa rate on neutron energy
'3.71. The actual situation probably lies somewhere in between.
In the event of a transient which leads to elevated temperatures, the material
limits of interest involve the dependence on temperature of the Ultimate Tensile
Strength (UTS). creep resistance, and oxidation characteristics of the structural
materials. Elevated temperatures in structural materials can cause melting, acute
structural failure, thermal creep induced failure, and oxidation or volatization, all
of which could lead to the release of radioactive isotopes.
Quantifying the structural response of the first wall requires determination
of the post-accident stress level, which has a pressure component and a thermal
component. This is a complicated problem, and is beyond the scope of this work.
For this reason, heuristic estimates of the first wall stress were made, based on
the operational conditions and the available data r3.1,3.18]. In the Loss-of-Flow
(LOFA) scenario, it is assumed that the coolant remains in the coolant channel. In
the liquid-metal cooled blankets (i.e.. Li/Li/VCrTi Blanket #1), the non-flowing
coolant pressure will be low, since most of the operating pressure is designed to
overcome the MHD pressure drop. In this instance, the total post-accident stress
(pressure + thermal) is assumed to remain constant at 10 MPa. In the helium cooled
blankets (i.e., Li 2 0/He/MT-9 Blanket #2), the non-flowing coolant pressure will
be almost the same as the operating coolant pressure (5 MPa), and thus the post-
accident first wall stress is assumed to be 120 MPa. In the Loss-of-Coolant (LOCA)
scenario, there is only a thermal stress, since the coolant is no longer present. In
the VCrTi blankets, since no data exists, this stress is assumed to be constant at
1 MPa. The improved data base for HT-9 allow for a more detailed calculation of
the post-LOCA thermal stress based on thermal creep correlations [3.181.
The high temperature data base for the candidate structural materials VCrTi
and HT-9 is quite limited, requiring extrapolation of the lower temperature data.
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The UTS of the VCrTi alloy suffers a dramatic decrease above 1200 'C '3.19]. For
this reason, it is assumed that VCrTi components which go above 1200 'C will
suffer acute structural failure. Extrapolation of the HT-9 data [3.1, 3.10) indicate
that the UTS will be very close to zero at 900 'C, and thus it assumed that HT-9
components which go to temperatures above this will also suffer acute structural
failure. This actually depends heavily on the stress in the component. It is possible
that this stress will be very low, and thus structural failure may not actually occur.
However, at temperatures between 1100 *C to 1200'C for VCrTi, and 900 *C to 1000
'C for HT-9, re-crystallization of the material will occur, and thus the material will
lose its ductility. This ductility will not be recovered upon cooling of the structure,
and thus the component will not be re-usable. Further, the deformation and/or
distortion that occurs may prohibit the simple removal of the damaged module. In
either case, this would represent an economic penalty, since the affected modules
would have to be repaired. This requirement violates the inherent safety criteria
outlined in Chapter 1, and thus the acute failure temperature limits of 1200 *C for
VCrTi and 900 'C for HT-9 are appropriate. In Chapter 7, a different approach is
used to model the material strength. In that chapter, a relation between the UTS
and temperature is derived for the purposes of estimating the failure time in plasma
induced temperature excursions.
A model for analyzing the potential for thermal creep induced structural failure
was developed, based on Larson-Miller theory [3.17]. This model is described in
Section 3.2.1 and Appendix A.
A brief literature survey was conducted to estimate the potential for radio-
isotope release. The VCrTi alloy oxidizes readily above 650 'C [3.22 - 3.25], forming
the liquid %205. This could result in severe structural damage. However, at tem-
peratures of 1500 'C, the fraction of radioactivity mobilized in 10 hours are lower
than that required to yield the threshold critical dose at the site boundary (3.4].
The release fraction for HT-9 under the same conditions is somewhat higher, but
still has a reasonable safety margin.
85
References for Chapter 3
[3.11 D.L. Smith et al., Blanket Comparison and Selection Study (BCSS) - Final
Report, Argonne National Laboratory. ANL/FPP-84-1, September 1984.
[3.2] O.A. Adegbulugbe, Structural Design Limits for Fusion First Walls, Doc-
toral Dissertation, Nuclear Engineering Department, Massachusetts Institute
of Technology, 1981.
[3.31 G.P. Yu, Relationship of Material Properties in the Design of a Fusion Reac-
tor First Wall, Doctoral Dissertation, Nuclear Engineering Department, Mas-
sachusetts Institute of Technology, 1981.
[3.4] Report by the Committee on Environmental, Safety and Economic Aspects of
Magnetic Fusion Energy, Final Report, U.S. DOE, to be issued, 1987.
[3.5] S.J. Piet, M.S. Kazimi, L.M. Lidsky, Potential Consequences of Tokamak Fu-
sion Reactor Accidents: The Materials Impact, PFC/RR-82-19, June 1982.
[3.6' B.C. Logan, A Rationale for Fusion Economics Based on Inherent Safety,
Lawrence Livermore National Laboratory, UCRL-91761, November 1984.
[3.7] S.J. Brereton and M.S. Kazimi, Safety and Economic Comparison of Fusion
Fuel Cycles, PFC/RR-87-7, Massachusetts Institute of Technology, Plasma Fu-
sion Center, August 1987.
[3.8] D.L. Smith, Physical Sputtering Model for Fusion Reactor First Wall Materials,
J. Nucl. Mater., 75, 20, 1978.
[3.9] D.R. Olander, Fundamental Aspects of Nuclear Reactor Fuel Elements, Tech-
nical Information Center, U.S. Department of Energy, TID-26711-PI, 1976.
'3.10] R.E. Gold and R. Bajaj, Mechanical Property Evaluation of Path C Vanadium
Scoping Alloys, Alloy Development for Irradiation Performance - Semiannual
Progress Report DOE/ER-0045/10, pp. 122-141, October 1983.
86 ,
3.11I R. Carlander, et al., Effects of Radiation on Substructure and Mechanical
Properties of Metals and Alloys, American Society for Testing and Material
publication ASTM-STP529, p. 399, 1973.
[3.12' B.A. Wilcox, Basic Strengthening Mechanisms in Refractory Metals, Refractory
Metal Alloys. Metallurgy, and Technology, I. Machlin, et al., editors, Plenum
Press, NY, pp. 1-40, (1968).
f3.13' M.D. Goldberg. et. al.. Neutron Cross Sections, ENDF-B/V, Brookhaven Na-
tional Laboratory. BNL-325, (1966).
[3.14 W.E. Meyerhof, Elements of Nuclear Physics, McGraw-Hill, Inc. (1967).
[3.15. A.F. Henry, Nuclear Reactor Analysis, The MIT Press, Cambridge, Massachusetts,
1975.
[3.161 A. Foderaro, The Elements of Neutron Interaction Theory, The MIT Press,
Cambridge, Massachusetts, 1971.
[3.17 J.A. Collins, Failure of Materials in Mechanical Design, John Wiley & Sons,
1981.
[3.18] R.J. Amodeo and N.M. Ghoniem, Development of Design Equations for Ferritic
Alloys in Fusion Reactors, Nuclear Engineering and Design/Fusion, 2, p. 97,
1985.
r3.19" D.K. Sze, Personal Commumication, July 1985.
'3.20' J.E. Chafey and J.B. Wattier, Estimation of Allowable Design Stress Values
for 12Cr-1Mo-0.3V Steel, General Atomic Project 4230, GA-A14610, February
1978.
[3.21] S.J. Piet, et. al., Oxidation/Volatilization Rates in Air for Candidate Fusion
Reactor Blanket Materials, PCA and HT-9, J. Nucl. Mater. 141 - 143, pp.
24-28, November/December 1986.
87
[3.22] R.M. Neilson, Volatility of V15Cr5Ti Fusion Reactor Alloy, Idaho National
Engineering Laboratory, EGG-M--25985, December 1986.
[3.23] R.C. Weast, Editor-in-Chief, CRC Handbook of Chemistry and Physics, 65th
Edition, CRC Press, Inc., 1984.
[3.24] Y.S. Touloukian, editor, Thermophysical Properties of High - Temperature
Solid Materials, Thermophysical Properties Research Center, Purdue Univer-
sity, Volume 4-I, p. 524.
[3.25] Audiere, Madi, and Grenet, Electrical and Thermal Properties of V 2 0 5 , J.
Mater. Sci., 17 [10], pp. 2973-2978, 1982.
[3.26] S. J. Piet, Safety and Environmental Requirements and Design Targets for
TIBER-IL, Informal Report, Idaho National Engineering Laboratory, EG&G-
FSP-7848, September 1987.
[3.27] F. Holtzberg and A. Reisman, Reactions of the Group VB Pentoxides with
Alkali Oxides and Carbonates II: Phase Diagram of the System K2 CO3 V 2 0 5 ,
J. Am. Chem. Soc., 78, pp. 1536-1540, 1956.
[3.28] G.K. Layden and J. McQuarrie, Effect of Minor Additions on Sintering MgO,
J. Am. Ceram. Soc., 42(2), pp. 89-92, 1959.
[3.29] G.R. Rigby and P. Hutton, Action of Alkali and Alkali-Vanadium Oxide Slags
on Alumina-Silica Refractories, J. Am. Ceram. Soc., 45(2), pp. 68-72, 1962.
[3.30] R.E. Gold and R. Bajaj, Mechanical Property Evaluation of Path C Vanadium
Scoping Alloys, Alloy Development for Irradiation Performance - Semiannual
Progress Report DOE/ER-0045/7, pp. 125-128, April 1982.
[3.31] M. Schirra, Creep and Creep-Rupture Behavior of Vanadium Based Alloys,
United States - Euratom Fast Reactor Exchange Program, EURFNR-1449,
1977.
88
4. Decay Heat Analysis
The first step in calculating the temperature response to the various transients
is to determine the heat source present within the system. With the plasma burn-
ing, this includes the surface heat flux on the front face of the first wall, and the
volumetric power density from the interaction of the neutron flux with the blan-
ket materials. This is the heat source for the transients considered in Chapter 7.
In Chapters 5 and 6, however, it is assumed that a fairly rapid plasma shutdown
can always be achieved in the event of an accident (4.1,4.21. Thus, the bulk of the
heat will come from the decay of the radionuclides which have been created in the
blanket as the result of neutron interactions.
In this chapter, the origin of decay heat in fusion reactors is briefly discussed.
This is followed by the presentation of the results of a fairly extensive analysis of
the decay heat problem. This includes comparing the decay heating from differ-
ent structural materials, breeder materials, and the impact of a neutron multiplier
(Beryllium) on the overall decay heat density of a fusion blanket. The validity of
a simplifying assumption commonly used in the calculation of decay heat density
is assessed. The D-D and D-T fuel cycles are compared, as are the inboard and
outboard sides of a D-T reactor.
For all the blankets outlined in Chapter 2, the one-dimensional decay-heat
densities were calculated using the model described in the following section. The
results are shown in Figures 4.0.1 through 4.0.6, which are plots of the decay heat
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Figure 4.0.1 Decay Heat Density vs. Radial Distance for
Blanket 11 (A2), inboard, 5 MW/m 3"Z
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Figure 4.0.2 Decay Heat Density vs. Radial Distance for
Blanket #2 (D4), Inboard, 5 MW/m"u
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Figure 4.0.3 Decay Heat Density vs. Radial Distance
Blanket 13 (e2). Outboard, 5 MW/m"z2
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Figure 4.0.4 Decay Heat. Density vs. Radial Distance for
Blanket 4 (PI), Inboard, 5 MW/m"2
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Figure 4.0.5 Decay Heat Density vs. Radial Distance for
Blanket #5 (GI), Inboard, MW/m"RZ
10 1 --I I
Shutdown
0--- Hour10 - 1 Dv7
S- I- 1 Month
10-1
% %0
1-2
10--3
0-4
10
10-6 -
0.0 0.2 0.4 0.6 0.8 1.0 1.2
Radial Distance (m)
94
Figure 4.0.6 Decay Heat Density vs. Radial Distance for
Blanket I6 (H1),Inboard, 1.17 MW/m"2
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density (MW/M 3 ) vs. x, the distance from the first wall (m). These figures are
discussed and compared throughout the rest of this chapter. For all the blankets,
the decay heat analysis was done at the end of blanket life, since the decay heat
density will Le highest at this time [4.31, thus the case being analyzed will represent
the most pessimistic case. As is discussed in Chapter 3, the lifetime of the D-T
tokamak blankets (Blankets #1, #2, #4, and #5) is based on first wall erosion and
and is assumed to be 15 MW-yr/rn 2 (three full power years). For the Reversed-
Field-Pinch Blanket #3, the lifetime is also about 15 MW-yr/m 2 , which is one full
power year. The lifetime of the D-D tokamak Blanket #6 is based on the dpa
limit in the MT-9 first wall (see Section 3.1), and is about 14.6 MW-yr/m 2 , which
translates to 12.5 full power years [4.2,4.4,4.5].
4.1 Calculational Model
The mechanism for producing radionuclides within the blanket is neutron in-
teractions with structural elements, the result of which is a radioactive nuclide. For
instance, iron is a major element in many structural materials. Natural iron consists
of 54 Fe, 5"Fe, 57Fe, and 5 Fe [4.6). These elements, in a fusion first wall/blanket
which experiences a neutron flux, can undergo many reactions, including the fol-
lowing [4.61:
5 6 Fe(n,p)5 1Mn
57 Fe(nd) 5"Mn
5 4 Fe(n,-y) 5 5 Fe
58 Fe(n,d) 57 Mn
The isotopes 56 Mn, 55 Fe, and 57 Mn are radioactive, and will decay with a charac-
teristic half-life. The decay energy thus released emerges as heat deposited in the
location of the decaying isotope (for -y-decay this is not necessarily true; see Section
4.3).
From the example given above, it is seen that the amount of decay heat that
96
a given material produces will depend on a number of factors, including the cross-
sections for reactions which produce radioactive isotopes, and the decay energy and
half-life of those isotopes. Thus, while one material may be the source of a large
amount of decay heat, another material may contribute only very little decay heat.
So it is clear that materials selection has a major impact on the decay heat profile
of a given blanket design [4.3,4.71. This topic is discussed in detail in Section 4.2.
Determining the decay heat density (q(ecay(X, t) ) in the first wall/blanket of a
fusion reactor has been the subject of many studies [4.3,4.6,4.81. However, a number
of different calculational tools exist, and the agreement between them is not always
good [4.9]. The differences exist primarily due to uncertainties in the value of the
neutron cross-sections for the relevant reactions.
The first step in calculating qdeca (x, t) in the blanket involves finding the op-
erational neutron fluxes. This is done using the one-dimensional neutron transport
code ONEDANT [4.10], a discrete-ordinates code, using a P3 S1 2 approximation.
One-dimensional cylindrical geometry is used to model the overall tokamak geom-
etry (see Appendix B for further detail), with the dimensions and compositions
of each blanket given in Figures 2.1.1 through 2.6.1. The fluxes calculated by
ONEDANT are an input to the activation/transmutation code REAC [4.6]. For
a given irradiation time, REAC calculates the the activity (Ci/cm 3 ) of the ra-
dionuclides produced at selected positions in the blanket for selected times after
shutdown. REAC also calculates a 21 energy-group source distribution for decay
-y's at the same selected blanket positions.
In the thermal analysis (Chapter 5), it was found in almost all cases that
maximum temperatures were reached within 10 hours, and within 48 hours (two
days), the temperatures had either leveled off or had begun to decrease. Thus, it
was deemed sufficient to include only the isotopes which contribute significantly
to the overall decay heat up to two days after shutdown. This is accomplished by
calculating the amount of heat produced by every isotope given in the REAC output
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within the first two days after shutdown. Then, only the isotopes that contribute
0.10% or more of the total are considered significant, and the rest are ignored. Table
4.1.1 shows some of the significant isotopes for some of the blanket materials.
The primary goal of the decay heat analysis is to determine the heat source
4decay(X, t) and represent it in a form which allows easy input into the thermal
model. Thus, an equation for deay(x, t) is desirable. Using the decay constants of
the respective isotopes, the decay heat density as a function of time for any position
in the blanket can be expressed as:
qdecay(t) = aie-Ait (4.1)
where the sum is over all the significant isotopes present at that blanket position.
Furthermore, the neutron flux decreases exponentially as the distance from the first
wall (distance into the blanket) increases [4.11,4.12,4.13]. The activity calculated
by REAC is a direct function of the neutron flux, and thus it can be assumed that
the activity of each isotope will fall off exponentially with the distance from the
first wall. This leads to the expression
qdecay(x, t) ae= t- A C(4.2)
where x is the distance from the first wall. The parameters a1 and yi are found
by manipulation of the data in the REAC output (a detailed discussion of this
procedure is contained in Appendix B). The summation in equation (4.2) is over
all the significant isotopes in the particular blanket region of interest. For a difrer-
ent region which contains different radioisotopes, the summation index will change
to correspond to those isotopes. Equation (4.2) is used in the thermal model to
calculate the decay heat source.
Throughout the remainder of this chapter, there are a number of references
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Table 4.1.1 Isotopes contributing significantly to afterheat during the first 48 hours
for the candidate structural and breeder materials.
VCrTi MT-9 Fe1422 Lithium Li->O LijPbsp
52 54AIn 5"Mn 3 H 3 H 2 03 Pb
5 Ti Mn 54 Mn aHe 18N 2 09 Pb
4 8 SC 58CO 580 3 H
47 Sc "Mo sFe
5 1Cr COCo
4 8 SC
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to the decay heat fraction. The details of how the decay heat fraction is calculated
are given in Appendix B. Briefly, the decay heat fraction is the total amount of
decay power (MW) produced in the blanket (or one region of the blanket) divided
by the total amount of power produced by the blanket during normal operation.
This is similar to the decay heat fraction parameter used is assessing fission reactors,
and is useful for comparing the decay heat levels in different blankets.
4.2. Materials Impact on Decay Heat Density
As was mentioned, the materials used in the First Wall/Blanket system will
have a significant impact on the overall decay heat density [4.3,4.6,4.7,4.81. An
analysis was performed to compare the decay heat densities of some materials. In
Chapter 5, the effect of the different decay heat densities on the blanket temperature
response to undercooling transients is examined. The materials considered, with
their elemental compositions, are listed in Table 4.2.1. Impurities were included in
the decay heat analysis, but were found to have minimal effect, due to their small
concentrations.
4.2.1 Structural Material
Most of the decay heat produced in a fusion reactor will come from the struc-
tural material [4.3]. This is because most of the high-Z elements typically used iii
structural materials are subject to transmutation reactions such as those given iin
Section 4.1. Thus, the choice of structural material will have a major impact on Ole
overall decay heat density of the fusion reactor.
A number of different structural materials were analyzed in this work. In suMle
cases, direct comparisons were made between candidate materials for the samic
application. In other cases, a comparison can only be made by comparing the
decay heat densities of two blankets which use different structural materials.
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Table 4.2.1 Candidate Structural and Breeder Materials and Their Constituent Ele-
ments. Number density (atom/barn-cm) of each material is listed below
material name. Element
Reference [4.8].
concentrations are atomic fractions. Data from
VCrTi
Element 7.217 x 10-2
C
N
0
Al
Si
P
Ti
V
Cr
Fe
Ni
Nb
Mo
K
Mn
Cu
As
S
Li
Na
Ca
Pb
MT-9*
8.483 x 10-2
8.460 x 10-4
1.813 x 10-3
1.587 x 10-3
7.520 x 10-5
5.440 x 10-4
1.640 x 10-4
5.300 x 10-2
7.953 x 10-'
1.465 x 10-'
9.090 x 10-
8.650 x 10 5
1.366 x 10-5
7.142 x 10-5
- none -
- none -.
- none -
- none -
- none -
- none -
- none -
- none -
- none -
Fe1422
8.794 x 10-2
9.210 x 10-3
1.578 x 10-4
- none -
- none -
4.917 x 10-3
- none -
- none -
3.253 x 10-3
1.222 x 10-1
8.431 x 10-1
4.705 x 10-3
1.189 x 10-S
5.757 x 10-3
4.239 x 108
6.531 x 10-3
2.608 x 10-5
2.212 x 10-6
- none -
- none -
- none -
- none -
- none -
Lithium
4.514 x 10-2
2.628 x 10-2
7.379 x 10-4
- none -
- none -
4.453 x 10-3
2.634 x 10-4
- none -
- none -
2.102 x 10-2
7.907 x 10-1
1.797 x 10-2
- none -
- none -
- none -
1.386 x 10-1
- none -
- none -
3.392 x 10-S
- none -
- none -
- none -
- none -
1.
5.766 x 10-6
2.471 x 10-5
- none -
- none -
2.751 x 10-s
- none -
- none -
4.070 x 10-7
2.661 x 10-7
1.239 x 10-85
- none -
- none -
- none -
3.539 x 10-5
- none -
- none -
- none -
- none -
9.998 x 10-1
9.022 x 10-
5.167 x 10-
- none -
3.
1.
3.
1.
1.
1.
7.
3.
6.
4.
* Modifed for low activation. as presented in Reference 4.81. Due to lack of
cross-section data. the elements Barium and Bismuth are neglected, and
Tungsten is replaced by Manganese. See discussion in Section 4.2.1.2.
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LiO Li 1 7Pbs3
211 x 10-1 3.381 x 10-2
314 x 10-8 negligible
421 x 10-S negligible
325 x 10-1 - none -
- none - - none -
416 x 10-5 negligible
- none - - none -
- none - - none -
952 x 10-7 negligible
912 x 10-7 negligible
122 x 10-7 negligible
- none - - none -
- none - - none -
- none - - none -
104 x 10-S 5.308 x 10-6
- none - - none -
- none - 5.445 x 10's
- none - - none -
- none - - none -
674 x 10-1 1.701 x 10-1
323 x 10-5 1.354 x 10-5
481 x 10-s 7.768 x 10-8
- none - 8.269 x 10-1
4.2.1.1 Vanadium Alloy V-15Cr-5Ti
The vanadium alloy V-15Cr-5Ti is used as the structural material in blankets
#1, #3, and #4. There are some regions in these blankets which are 100% VCrTi
(see Figures 2.1.1, 2.3.1, and 2.4.1), and the decay heat density in these regions can
be seen in Figures 4.0.1, 4.0.3, and 4.0.4.
The primary feature to note is that the decay heat density in VCrTi decays
by almost one order of magnitude in one hour. This relatively rapid decay is one
reason that makes VCrTi, in terms of decay heat, probably the best of the commonly
considered structural materials (i.e., VCrTi, HT-9, PCA) [4.4]. The contribution of
each isotope to the total decay heat produced in the VCrTi first wall region (Region
1) of Blanket #3 is displayed in Table 4.2.2. Shown are the isotopes that contribute
to the total decay heat density, the individual decay heat density for each isotope
at shutdown (broken down into contributions from 0 and -y decay and the total),
the total heat each isotope contributes over a two day period, and the fraction (%)
that each contributes to the two day total of all the isotopes. Recall that only those
isotopes with a value in this column of at least 0.10 are considered significant.
At shutdown, the bulk of the decay heat from VCrTi comes from "2 V (see Table
4.2.2, column 4), which is produced in fairly large quantities from the 5'V(n,-y) 52 V
reaction. This reaction has a cross-section, and thus s2V is produced primarily by
slow neutrons. When it decays, 52 V emits a 1.07 MeV 0 particle and a 1.44 MeV
ray [4.31. The half-life of s 2V is only 3.75 minutes, thus, in less than one hour, the
"
2 V has essentially decayed away entirely. This is the main reason that the total
decay heat from VCrTi reduces by an order of magnitude in one hour. The isotope
4 8 Sc, which has a half life of 43.7 hours, produces the most heat over the two day
period.
Figure 4.2.1 plots the decay heat fraction in each region of Blanket #1, and
the total, as a function of time. Note that, in the VCrTi first wall, the decay heat
decays by a factor of about five in one hour. In the VCrTi second wall (Region 6),
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Table 4.2.2 Isotopes contributing
of Blanket #3.
to decoy heat in VCrTi first wall
DECAY POWER @ SHUTDOWN
Half Life
4.37e+O1 hr
8.38e+01 day
2.77e+01 day
3.35e+0 0 day
3.75e+00 min
1.60e+01 day
5.76e+e0 min
4.54e+00 day
1.64e+02 day
beto
(W/cm**3)
0.278e-01
0.122e-02
0. 137e-02
0. 659e-02
0.115e+01
0.441&-03
0.204o+00
0.220.-03
0.388e-03
gamma
(W/cm* *3)
0.435e+00
0.223e-01
0.824e-02
0.453e-02
0.155e+01
0. 622.-03
0.867*--O1
0.685e-03
0.
total
(W/cm*.3)
0. 463e+00
0. 235-el
0.961e-02
0.11 10-Ol
0.270e+01
0. 106e-02
0.291*+0
0. 905-03
0.388e-03
Total Heat
Produced
in 2 Days
(J/cm**3)
0.560e+05
0.402e+04
0.162&+04
0.157e+04
0.877e+03
0. 176e+03
0.145e+03
0.135*+03
0.668&+02
Percent of
2-Day Total
Contributed
by Isotope
86.516
6.222
2.506
2.432
1.356
0.272
0.224
0.208
0.103
Table 4.2.3 Isotopes contributing
of Blanket #2.
to decoy heat In MT-9 first wall
DECAY POWER 0 SHUTDOWN
beta
Half-Life (W/cm**.3)
3.13e+02 day
2.60e+00 hr
7.08e+01 day
2.77e+01 day
6.60e+01 hr
2.68e+01 yr
2.70e+02 day
5.27e+00 yr
4.37e+01 hr
3.61e+01 hr
1.02e+01 day
3.75e+00 min
0. 858E-03
0.464E+00
0. 337E-03
0.101 E-e2
0. 593E-02
0. 000E+00
0. 241 E-03
0. 457E-04
0. 735E-04
0. 880E-04
0. 297E-05
0.682E-01
gommo
(W/cm**3)
0. 144E+00
0. 939E+eO
0.921E-02
0. 608E-02
0. 229E-02
0.212E-02
0. 146E-02
0.114E-02
0.115E-02
0.932E--03
0. 557E-03
0.917E-01
total
(W/cm**3)
0. 145E+00
0. 140E+01
0.955E-02
0. 709E-02
0. 823E-02
0.212E-02
0. 170E-02
0. 119E-02
0.122E-02
0. 102E-02
0. 560E-03
0. 160E+00
Total Heat
Produced
in 2 Days
(J/cm.*3)
0.250E+05
0.189E+05
0. 163E+04
0.120E+04
0.112E+04
0.367E+03
0.294E+03
0.205E+03
0.148E+03
0.115E+03
0.905E+02
0.519E+02
Percent of
2-Day Total
Contributed
by Isotope
50.688
38.403
3.313
2.424
2.264
0.744
0.595
0.416
0. 300
0.233
0.183
0.105
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Isotope
Sc 48
Sc 46
Cr 51
Sc 47
V 52
V 48
TI 51
Ca 47
Co 45
Isotope
Mn 54
Mn 56
Co 58
Cr 51
Mo 99
Fe 55
Co 57
Co 60
Sc 48
Ni 57
Nb 92m
V 52
Figure 4.2.1 Decay Heat Fraction by Zone vs. Tune for Blanket #1 (A2)
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however, the decay heat decays by a factor of about 300 in one hour. This is because
in the first wall, the flux is mostly fast, i.e., the neutron spectrum is hard. Thus, the
slow-neutron induced 5 1V(n,-y)5 2 V is less dominant, and other, longer lived isotopes,
such as 48 SC, which is formed primarily from the fast-neutron induced 5 1V(n,a) 4 8 Sc
reaction, play a more important role in the production of decay heat. The relatively
long-life of these isotopes cause the total decay heat density in this region to decay
more slowly. In the second wall, at the back of the blanket, the flux spectrum is
much softer, and thus s2 V is by far the dominant isotope, producing over 99% of
the decay power at shutdown. Thus, the total decay heat density in this region
decays much more rapidly.
In summary, because the decay heat from VCrTi is dominated by the short-
lived isotope 5 2V, the decay power produced by VCrTi decays fairly rapidly in time.
Thus, over a two day period, the total amount of decay heat produced by VCrTi is
small compared to other structural materials. From the standpoint of decay heat
production, then, VCrTi is the best candidate structural material.
4.2.1.2 Ferritic Steel MT-9
The ferritic steel MT-9 is used as the structural material in Blankets #2, #5,
and the D-D Blanket #6. The HT-9 used throughout this study, referred to as
MT-9, is a version proposed by Fetter [4.8], which has been modified to reduce
the activation level. It should be pointed out that the HT-9 Fetter has proposed
contains small amounts of tungsten, barium, and bismuth. The cross-sections for
these elements were not available at the time the decay heat analysis was performed.
The elements barium and bismuth were neglected, since the concentration of these
elements is so small, and they don't lead to significant decay heat-producing isotopes
anyway. Manganese was used to represent tungsten, since the decay heat behavior
of these two elements is similar. MT-9 is also used as the bulk of the structural
material in the manifolds of Blankets #1, #3, and #4. Check Figures 2.1.1 - 2.6.1 to
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find the regions which contain only MT-9. The decay heat density in these regions
can be seen in Figures 4.0.1 - 4.0.6.
Figure 4.2.2 shows the decay heat fraction for each region of Blanket #2 as a
function of time. It takes 24 hours for the decay heat in the MT-9 first wall to decay
by an order of magnitude, after which time it remains fairly constant up to a month
after shutdown. Table 4.2.3 gives the isotopic breakdown of the decay heat in the
first section of this first wall (Region 1 - see Figure 2.2.1). The dominant isotopes,
both at shutdown and for the two day total, are 54 Mn and 5"Mn, which have half-
lives of 313 (lays and 2.6 hours, respectively. At shutdown, 56 Mn contributes almost
90% of the decay power.
It should be noted that at the back of the blanket, where the flux is softer, 56 Mn
does not become the highly dominant isotope the way s2V does in VCrTi blankets.
While it does contribute a higher fraction of the two-day total at the back, the effect
is not nearly as pronounced as it is in Figure 4.2.1 for VCrTi. This is because 56 Mn
is produced through a number of reactions, some from slow neutrons and some from
fast neutrons [4.6]. Similarly, 54 Mn is produced by a few different reactions as well,
and is not produced solely by fast neutrons, the way 4 8 Sc is from 5 'V.
Despite the production of the long-lived isotope 54Mn, MT-9 is still a good
structural material in terms of decay heat. The overall decay heat level does decay
by an order of magnitude in one day, and in areas where the flux is mostly slow, it
will decay by significantly more than this in about eight to twelve hours.
4.2.1.3 Fe1422 Steel
Fe1422 steel is used as the shield material in all the blankets, and was proposed
by the BCSS and ESECOM study as the manifold material in Blankets #1, #3,
and #4. Fe1422 has good strength properties [4.4] and is significantly less expensive
than HT-9 [4.5]. The "1422"notation indicates that the steel consists of 14% Mn,
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F.gure 4.2.2 Decay Heat Fraction by Zone vs. Time for Blanket #2 (D4)
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2% Ni, and 2% Cr. The remainder is Fe.
Figures 4.2.3 and 4.2.4 show the decay heat density vs. x for Blankets #1 and
#3 with Fe1422 in place of the MT-9 in the manifold region (Region 5 in Blanket
#1, Region 6 in Blanket #). Also, the decay heat density vs. time behavior for the
Fe1422 shield region can be seen in Figures 4.2.1 and 4.2.2.
ft is seen immediately from these figures that the decay heat density from
Fe1422 is very high compared to VCrTi and MT-9. This is almost exclusively
because of the large amount of manganese present, which produces both "'Mn
and 5 6Mn. The decay heat density from Fe1422 does not decay significantly for a
number of hours, until the 5"Mn (2.6 hour half-life) decays to a fraction of its initial
concentration. Even then, 5 4Mn (313 day half-life) continues to produce significant
levels of decay heat for months.
Table 4.2.4 gives the isotopic breakdown of the decay heat production in the
Fe1422 manifold region of Blanket #3. Note that 5 4Mn produces over half of the
two-day total, and produces about 12% of the decay power at shutdown. This mea-is
that the decay heat from Fe1422 will not be reduced by an order of magnitude until
about three months have passed.
In Figures 4.0.1 - 4.0.6, it is seen that the decay heat density in the Fel422
shields falls off quickly with x. This is due to the flux attenuation in the shield.
Thus, in this region where the flux is low, and mostly thermal, using Fe1422 will
not cause a significant problem in terms of decay heat.
Due to the large amount of manganese, the steel Fel422 produces high levels
of decay heat. Furthermore, a substantial fraction of this heat is produced by the
long-lived isotope 54 Mn, and thus does not decay over a short time period. For
these reasons, in terms of decay heat production, Fe1422 is a very poor structural
material for use in the blanket/manifold region. In regions where the neutron flux is
highly attenuated (i.e., the flux is small compared to the first wall, and the spectrum
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Figure 4.2.3 Decay Heat Density vs. Radial Distance for
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Figure 4.2.4 Decay Heat Density vs. Radial Distance for
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Table 4.2.4 Isotopes contributing to decay heat in Fe1422 Manifold
in Blanket 13. Note that the decay heat in the interior
of the manifold is found by an exponential interpolation
of the endpoints.
FRONT OF MANIFOLD
DECAY POWER 0 SHUTDOWN
Half-Life
3.13e+02 day
2.60e+00 hr
7.08e+01 day
4.37e+01 hr
2.70e+02 day
5.27e+00 yr
8.38e+e1 day
2.77e+6l day
4.45e+01 day
3.61e+01 hr
2.68e+00 yr
beto
(W/cmo*3)
0.275e-03
0. 104e+00
0.329e-03
0.289e-03
0.732e-04
0. 128-04
0. 164e-04
0.417e-04
0.256e-04
0. 212e-04
0.
gommo(W/cmo*3)
0. 461 e-01
0.211e+00
0.899e-02
0.4510-02
0. 4-43e-03
0.320e-03
0.301e-03
0.250e-03
0.252e-03
0.225e-03
0.877e-04
total(W/cm* 03)
0.464e-01
0.316e+00
0.932e-02
0.480e-02
0.517-03
0.333-03
0.317e-03
0. 292e-03
0.277e-03
0.246e-03
0.877e-04
Total Heat
Produced
in 2 Days
(J/cm.*3)
0.800e+04
0. 427e+04
0.160e+04
0.581e+03
0.890e+02
0.575e+02
0.543e+02
0.492e+02
0.472e+02
0.278e+02
0..152e+02
Percent of
2-Day Total
Contributed
by Isotope
53.889
28.727
10.746
3.913
0.600
0.387
0.366
0.3,32
0.318
0.187
0.102
BACK OF MANIFOLD
DECAY POWER 0 SHUTDOWN
beto(W/cm**3)
0. 264e-01
0.614e-05
0.563e,-04
0.256e-06
0.251e-02
0. 355e-06
0. 641 e-06
0. 252e-86
0.806e-06
0.
gammo(W/cmo*3)
0. 535e-01
0.604e-04
0.
0. 429e-04
0. 338e-02
0. 97ee-05
0. 385e-05
0.394-a-e5
0.116e-05
0. 10le-05
total(W/cm**3)
0.800e-01
0. 665e-04
0.563e-04
0. 432e-04
0. 589e-02
0.101e-04
0. 449e-05
0.419e--05
0. 197e-05
0.101 e-05
Total Heat
Produced
in 2 Days
(J/cm.*3)
0.108e+04
0.113e+02
0.972e+01
0.745e+01
0.191e+e1
0. 172e+01
0.756e+00
0.507e+00
0.324e+00
0.175e+00
Percent of
2-Day Total
Contributed
by Isotope
96.927
1.016
0.873
0.668
0.172
0.154
0.068
0.045
0.029
0.016
III
Isotope
Mn 54
Mn 56
Co 58
Sc 48
Co 57
Co 60
Sc 46
Cr. 51
Fe 59
Ni 57
Fe 55
Half-LifeIsotope
Mn 56
Fe 59
C 14
Mn 54
V 52
Co 58
Cr 51
Sc 48
P 32
Fe 55
2.60e+00
4.45e+0 I
5.73e+03
3.13e+02
3.75e+00
7.08e+01
2.77e+01
4. 37e+01
1.43e+el
2.68e-!0
hr
day,
yr
day
min
day
day
hr
day
yr
is mostly thermal), the decay heat problem is not so severe, and Fe1422 is an
adequate material.
4.2.1.4 Direct Comparison: MT-9 vs. Fe1422
The steel Fe1422 is proposed as the structural material in the manifolds of
Blankets #1, #3, and #4 [4.2,4.41. The results shown in Section 4.2.1.3 and in
Chapter 5, however, indicate that this is a poor choice. Ferritic steel MT-9 was
substituted for the Fe1422 in these regions, and an analysis was done to find the
impact on both the decay heat and the temperature response (see Chapter 5).
In Figure 4.2.5 the ratio.of the decay heat density of the Fe1422 manifold over
the MT-9 manifold of Blanket #1 is shown. At shutdown, this ratio is between five
and ten, meaning that Fe1422 is producing between five and ten times as much decay
heat as MT-9. Initially, the ratio increases with time, as - 2 V which comes from the
VCrTi present in the manifold, and "'1Mo which comes from MT-9, two short-lived
isotopes that contribute significantly to the decay heat at shutdown, decay. After-
about 12 hours, however, the dominant isotopes become 54 Mn in Fe1422, and 14Mn
and "9 Mo in MT-9, and the ratio decreases. While there is substantially more 54Mlvn
from Fe1422, after one day, the 54 Mn and 99 Mo from MT-9 combine to produce
almost as much decay heat, and thus the ratio approaches one. It should be noted
that at longer times, the "Mo (7.=66 hours) will decay, and the ratio will increase
again, as "4Mn becomes the only significant isotope for both materials. In this case,
the decay heat ratio would approach about 2.75.
4.2.2 Breeder Material
There have been a number of lithium compounds that have been considered
as potential breeder materials [4.1,4.4,4.13,4.14]. Three different breeder materials
were con-!dered in this work: Liquid Lithium, Solid Lithium-Oxide Li20, and Liquid
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100
10
1
0.1L_
0.0
Ratio of Decay Heat Density vs. Radial Distance
3lanket IJ, Pe]422/HT-9 Manifold (AI)/(A2)
I j I j7- -T I I' IT
Shutdown
1 Hour
4 Hours
12 Hours
I Day
--
--
N.
' - II t
0.2 0.4 0.6 0.8 1.0 1.2
Radial Distance
113
for
L I
a)
C.
so
(m)
1.4
I I I I I I I
' I ' I ' -- t 'L
Lithium-Lead, Li 17 Pb 83 . In general, except for tritium, lithium itself (lots iiot
produce any troublesome radioactive isotvpes that contribute significantly to the
overall decay heat in a blanket. Tritium can be a significant factor in the overall
decay heat density, depending on the steady state concentration of tritium in the
blanket.
For lithium compounds, the compound elements can produce isotopes that
contribute significantly to the decay heat density. This is particularly true in the
case of lithium-lead, where the lead produces some radioactive isotopes that are a
major factor in the decay heat level of lithium-lead blankets.
The three breeder materials considered are analyzed from the standpoint of
decay heat in this section. As in Section 4.2.1, some direct comparisons were made.
4.2.2.1 Liquid Lithium
Liquid lithium is used as the breeder material in Blankets #1 and #3. ligures
4.0.1 and 4.0.3, and Figures 4.2.1 and 4.2.6, show the decay heat behavior of these
blankets. In particular, the breeder section (Region 5) of Blanket #3 (see Figure
2.3.1) is pure lithium. Table 4.2.5 gives the isotopic breakdown of the decay heat in
this region. Compare the total amount of heat produced in two days in this region
to that of the first wall regions in Tables 4.2.2 and 4.2.3. It is seen that liquid
lithium produces relatively very little decay heat.
It should be noted that in calculating activity levels, REAC treats tritium as
it does every other isotope. The code does not account for removal of tritium, but
assumes that the tritium continues to accumulate for the duration of the irradiation
time, which is the blanket lifetime. Thus, for the data presented in Table 4.2.5, the
tritium concentration is reduced by a factor of 2000 from the concentration it would
reach if no tritium was removed during normal operation [4.5,4.15]. That is, the
activity calculated by REAC for the End-of-Life was reduced by a. factor of 2000,
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Figure 4.2.6 Decay Heat Fraction by Zone vs. Time for Blanket #3 (E4)
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Table 4.2.5 Isotopes contributing to decay heat in liquid lithium
breeder region of Blanket #3. Exponential interpolation
is used for interior of region.
FRONT OF BREEDER REGION
DECAY POWER 0 SHUTDOWN
Half-Life
2.60e+00 yr
1.50e+01 hr
1.68e+81 hr
1.26e+01 yr
4.54e+00 day
8.00e-Ol sec
1.24e+01 hr
1.83e+00 hr
2.30e+00 min
3.50e+01 day
2.60e+00 hr
3.72e+01 min
4.37e+01 hr
3.13e+02 day
2.69e+02 yr
beta
(W/cm* .3)
0.506e--06
0.795e-06
0.218e-05
0.964e-06
0.237e-06
0.450e-01
0.516e-06
0.571e-06
0. 414e-04
0.
0.418e-06
0.243e--05
0. 583e-08
0.376e-09
0.364e-07
gamma(W/cm**3)
0. 292e-05
0.595e-05
0. 843e-06
0.
0.738e-06
0.
0. 974e-07
0.159-05
0. 594e-04
0. 109e-06
0.846e-06
0.237-O5
0.912e-07
0.631e-07
0.
total
(W/cm* *3)
0. 343-5
0.675e-O5
0.3024-O5
0.964e-06
0.975e-06
0.450e-Ol
0.613e-06
0.216e-05
0.101 e-03
0. 109e-06
0. 126e-05
0.480-O5
0. 970e-07
0.635e-07
0.364e-07
BACK OF BREEDER REGION
DECAY POWER 0 SHUTDOWN
Half-Life
1.50e+O1 hr1.26e+01 yr
2.C0e+00 yr
1.65e+O1 hr
4.54e+00 day
1.:4i+O1 hr
8.0 e-O1 sec
3.50e+Ol day
2.Z3e+00 mun
1.E63+00 hr
2.6,e+00 hr
3. '3e+02 day
3.7Zei-O1 min
4..37e+O1 hr
2.E9e+02 yr
beta
(W/cm.*3)
0.668e-06
0. 339e-06
0. 415e-07
0. 253e-06
0. 282e-07
0. 178e-06
0.614e-02
0.
0. 738e-05
0. 958e-07
0. 714e-07
0 86e-10
0.285e-06
0. 752e-09
e.703e-08
gamma
(W/cm*.3)
0.500e-OS
0.
0.239e-06
0.978e-07
0.879e-07
0.336e-07
0.
0.220e-07
0.106e-04
0.266e-06
0.144e-06
0.145e-07
0.278e-06
0. 118e-07
0.
total
(W/cmO*3)
0.567e-05
0. 339e-06
0.281 e-06
0.350e-06
0.116e-06
0.212e-06
0.614e-02
0.220e-07
0. 180e-04
0 . 362e-06
0.216e-06
0. 146e-07
0.563e-06
0. 125e-07
0. 708e-08
Total Heat
Produced
in 2 Days
(J/cm.**3)
0.592e+e0
0.469e+00
0.227e+00
0.166e+00
0.145e+O0
0.520e-0e
0.368-O1
0. 205e-O1
0.201e-1
0.184e-1
0.171e-O1
0. 155e-Ol
0.117e-01
0.1090-e1
0.630e-02
Total Heat
Produced
in 2 Days
(J/cm**3)
0.394e+00
0.586e-01
0.485e-al
0.264e-01
0.173e-el
0.127e-01
0.709e-02
0.373e-02
0.358e-02
0.344e-02
0.292e-02
0. 251e-02
0.181e-02
0.15le-02
0.122e-02
Percent of
2-Day Total
Contributed
by Isotope
32.278
25,541
12.377
9.073
7.916
2.832
2.004
1.119
1.094
1.003
0.930
0.843
0.639
0.597
0.343
Percent of
2-Day Total
Contributed
by Isotope
66.709
9.932
8.215
4.466
2.930
2.150
1.201
0.632
0.607
0.583
0.494
0.425
0.307
0.256
0.207
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Isotope
No 22
No 24
Zr 97
H 3
Cc 47
He 6
K 42
Ar 41
Al 28
Ar 37
Mn 56
Cl 38
Sc 48
Mn 54
Ar 39
Isotope
No 24
H 3
No 22
Zr 97
Co 47
K 42
He 6
Ar 37
Al 28
Ar 41
Mn 56
Mn 54
Cl 38
Sc 48
Ar 39
to account for the fact that the tritium is constantly being removed during oper-
ation. This is arrived at by dividing the total amount of tritium (kg) that would
accumulate if no tritium was removed for the lifetime of the blanket, by the actual
steady state inventory (kg) of tritium in the blanket, as given by reference f4.15].
It is seen that tritium contributes about 10% of the total decay heat for the region,
and at any rate, it is clear that the true decay heat level from pure liquid lithium
is highly dependent on the actual steady-state concentration of tritium.
Note from Figure 4.0.3 that the decay heat density in this pure lithium region
is well below that of the neighboring structural regions. At shutdown, the isotope
6 He, which has a very short half-life of 0.80 second, contributes over 99% of the
decay heat from lithium. This isotope decays to insignificant levels within seconds,
and thus the decay heat level at shutdown in the pure lithium region (Region 5)
shown in Figure 4.0.3 is deceptive. Note that after only 10 seconds, this level decays
by more than two orders of magnitude, and is almost four orders of magnitude less
than the decay heat density in the adjacent MT-9 manifold region.
The conclusion is that from a decay heat standpoint, liquid lithium is an ex-
cellent choice of breeder material. If the tritium can be be effectively complet'ely
removed (i.e., > 99% removal), then the amount of decay heat contributed by the
lithium will be insignificant, and in the case of a Loss-of-Flow-Accident, the lithium
in the blanket will act as a heat sink.
4.2.2.2 Solid Lithium-Oxide Li2 0
The ceramic lithium-oxide is used as the breeder in Blankets #2 and #5. Like
liquid lithium, Li20 produces no potentially troublesome radioactive isotopes except
tritium. The fact that the tritium is constantly being removed eliminate it as a
significant decay heat producing isotope. Since Li20 is a solid ceramic, the steady
state tritium inventory is a subject of concern [4.41. The exact tritium inventory is
a function of a number of parameters, such as pellet type and size, exact operating
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temperature, and purge stream characteristics. Since the tritium concentration is
a strong function of temperature, it is possible that, as the temperature rises in
the course of the accident, some of the tritiurn will be driven out of the blanket,
causing the concentration t, decrease, although this could be offset by an increase in
the tritium solubility at higher temperatures [4.16]. A detailed investigation of the
exact tritium inventory before and luring the accident was considered beyond the
scope of this thesis. Thus, the concentration that would be reached if no tritium was
removed during operation was reduced by an arbitrarily chosen factor. For Li2 O,
this factor was chosen to be 10. According to reference [4.15], this factor should
be more like 5000 in the helium-cooled Li 2 O blankets, thus the factor of 10 is very
conservative.
There are no regions in any of the blankets analyzed that contain pure Li2 0.
Regions 5 and 6 of Blankets #2 and #5 contain Li,)0, but in these regions, the large
fraction of the total decay heat produced in the first two clays is from the MT-9
structure that is also present. Tritium is essentially the only isotope from LiO that
contributes significantly at all, although '"N, produced froin 0(n,p)'6 N reactions,
is present in sufficient quantities to make a contribution at shutdown. The half-life
of 1"N is very short (7.1 seconds), however, thus "6N contributes very little over a
two day period.
Since tritium is the only significant contributor to the decay heat from Li2 0, the
overall decay heat in Li20 blankets will depend on the amount and type of structure
(see Section 4.2.1) and the steady-state tritium inventory in the blanket. Given that
most of the tritium is removed during operation, the overall Li2 O contribution to
the decay heat is small compared to that of the structure, even with the conservative
reduction factor. Like liquid lithium, then, Li 2O is an excellent choice of breeder
material from the decay heat standpoint.
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4.2.2.3 Liquid Lithium-Lead Lij 7 Pb83
Liquid lithium-lead is the breeder material in Blanket #4, which is essentially
the same as Blanket #1 except for the breeder material. In Blanket #4, the tritium
inventory was reduced by a factor of 100, since it is constantly being removed.
This factor was chosen arbitrarily and is assumed conservative based on the results
presented in Section 4.2.2.1 for liquid lithium.
The isotopic breakdown of the decay heat from the breeder region, Region 4,
is shown in Table 4.2.6. Note that two isotopes of lead, 20 3 Pb and 2 0 9Pb, are the
most significant contributors to the decay heat in this region. Thus, unlike liquid
lithium and Li20, Li1 7 Pb83 does produce isotopes other than tritium that contribute
significantly to the decay heat. In fact, note from Table 4.2.6 that because of these
lead isotopes, the tritium contribution, while an order of magnitude higher than that
of tritium in the breeder region (Region 5) of Blanket #3 (see Table 4.2.5), is only
a small fraction of a percent of the total in the breeder region (Region 4) of Blanket
#4. Given the conservative reduction factor of 100 that was used for Blanket #4, the
indication is that in Lil 7 Pb8 3 , tritium is not a significant contributor to the decay
heat, because of the high decay heat-producing lead isotopes 2 03Pb and 20 9Ph:
The decay heat problem with Lir7Pbs3 is pointed up in Figure 4.2.7, which
shows the ratio of decay heat for Blanket #4 over Blanket #1. As was stated, these
two blankets are identical except for the breeder material. Note that at shutdown
and one hour, the decay heat in Blanket #4, especially in the first wall/breeder
regions (where the decay heat is highest), is about a factor of two higher in Blanket
#4 than in Blanket #1. This is due to the lead isotopes mentioned above. The decay
heat in the shield is slightly lower in Blanket #4, due to greater flux attenuation in
Li1 7 Pb83 .
At longer times, after the lead isotopes decay, it is seen that the ratio plotted
in Figure 4.2.7 drops well below one, espec illy at the back of the breeder region.
This is because in the Li17 Pb 83 system, the flux is much more thermalized than
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Table 4.2.6 Isotopes contributing to decoy heat in liquid lithium-lead/VCrTi
breeder region of Blanket #4. Exponential interpolation is used
for interior of region.
FRONT OF BREEDER REGION
DECAY POWER 0 SHUTDOWN
Half-Life
4.37e+01 hr
5.20e+01 hr
3.30e+00 hr
8.38e+01 day
3.75e+00 min
2.77e+01 day
3.35e+00 min
4.66e+01 day
1.26e+01 yr
5.76e+00 min
4.54e+00 day
6.60e+01 hr
3.50e+01 day
1.50e+01 hr
8.67e+01 hr
beta
(W/cm**3)
0. 327E-03
0. 151 E-02
0.912E-02
0. 155E-04
0.555E-01
0. 213E-04
0. 773E-04
0. 107E-04
0. 109E-04
0. 243E-02
0. 273E-05
0. 874E-05
0.416E-06
0. 188E-05
0. 000E+00
gammo
(W/cm**3)
0.511 E-02
0. 272E-02
0. 000E+00
0.284E-03
0.746E-01
0. 128E-03
0.531E-04
0. 297E-05
0.000E+00
0. 104E--02
0. 850E-05
0. 338E-05
0. 800E-05
0.141 E-04
0. 483E-05
total
(W/cm*03)
0. 544E-02
0.423E-02
0.912E-02
0.300E-03
0. 130E+00
0. 149E-03
0. 130E-03
0. 137E-04
e. 109E-04
0. 347E-02
0. 112E-04
0. 121E-04
0. 842E-05
0. 160E-04
0. 483E-05
BACK OF BREEDER REGION
DECAY POWER 0 SHUTDOWN
Half-Life
3.30e+00 hr
3.75e+00 min
4.37e+01 hr,
5.20e+01 hr-
2.77e+01 day
8.38e+01 day
1.26e+01 vr
6.60e+01 -
3.25e+00 mn
1.43e+01 acy
1 50e+01 hr
3.50e+01 day
8.67e+01 hr
beta
(W/cm**.3)
0.338E-02
0.215E-0 1
0.627E-05
0. 295E-04
0.219E-05
0.331E-06
0. 380E-05
0.293E-05
0. 54E-05
0. 756E-06
0. 437E-06
0. 692E-07
0 OOOE+00
gamma
(W/cm*.3)
0. 000E+00
0. 290E-01
0. 980E-04
0. 533E-04
0.131 E-04
0. 604E-05
0. 000E+00
0. 713E-05
0. 108E-05
0. 109E-05
0.328E-05
0. 133E-05
0. 805E-06
total
(W/cm**3)
0.338E-02
0.505E-01
0. 104E-03
0. 828E-04
0. 153E-04
0. 637E-05
0. 380E-5
0. 407E-05
0 260E-05
0 .185E-05
0.371E-05
0. 140E-05
0 .805E-06
Total Heat
Produced
in 2 Days
(J/cm*.3)
0.658E+03
0.540E+03
0.156E+03
0.513E+02
0.422E+02
0.252E+02
0.185E+02
0.233E+01
0.188E+01
0. 173E+01
8.167E+01
0.165E+01
0.143E+01
0.111E+01
0.694E+00
Total Heat
Produced
in 2 Days
(J/cm*03)
0 580E+02
0. 164E+e2
0. 126E+02
0.106E+C
0.258E+e'
0.109E+e'
0 656E+;-'
0 552E 2.
0 358E+22
0.304E+ee
0 258E+0e
0. 237E+00
0. 115E+00
Percent of
2-Day Total
Contributed
by Isotop*
43.655
35,833
10.367
3.405
2.801
1.670
1.224
0.154
0.125
0.115
0.111
0.1")9
0.095
0.074
0.046
Percent of
2-Day Total
Contributed
by Isotope
55.767
15.766
12.139
10.168
2.454
1.051
0.631
0.531
0:54
0.29?
0.248
0.228
0.111
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Isotope
Sc 48
Pb203
Pb209
Sc 46
V 52
Cr 51
Sc 47
Hg203
H 3
Ti 51
Ca 47
Mo 99
Nb 95
No 24
Nb 95*
Isotope
Pb209
V 52
Sc 48
Pb203
Cr 51
Sc 46
H 3
Mo 99
Sc 47
P 32
No 24
Nb 95
Nb 95*
Figure 4.2.7 Ratio of Decay Heat Density vs. Radial Distance for
Blanket #4 / Blanket #1 - (P1)/(A2)
2.5 i I
Shutdown
J Hour
I Day
I Month
I {
o/
%/
Nl
- I I I
0.2 0.4 0.6 0.8 1.0
Radial Distance (m)
121
I----
r ~
2.0
1.5
* -
U)
0)
0)
C)
C)
C
1 0
0.5
n n
0.0 1.2 1.4
7-T
I I I I
in the liquid lithium system. Longer lived isotopes such as 48 Sc, a product of the
VCrTi structure, are produced ua rily from fast neutron reactions. Thus these
isotopes play a greater role in the (harder flux spectrum) liquid lithium blanket,
so the decay heat in this blanket is higher at long times. ft must be remembered,
however, that the overall magnitude of the decay power at these longer times is
much lower than at shutdown. The result is that over two days, the total amount
of decay heat produced in the Li1 7 Pb8 3 bret- .tr region of Blanket #4 is about 20%
higher than that produced in the liquid lithium breeder region of Blanket # L
From purely a decay heat standpoint, Li L7PbSS is the least attractive of the
three breeder materials considered in this work. This is because Li17Pbs3 produces
radioactive isotopes of lead which contribute relatively large amounts of decay heat
compared to the other breeder materials.
4.2.3 Effect of Beryllium Neutron Multiplier
The use of a neutron multiplier has been considered in a number of blanke.
studies [4.1,4.4]. Through (n,2n) reactions, the neutron population, and thus the
tritium breeding ratio, can be improved. The most attractive candidate for neutron
multiplier is beryllium [4.41. The neutron reaction of interest is 9 Be(n,2n)2a, which
has a cross-section on the order of 0.5 barn and a threshold energy of about 2.2
MeV [4.17].
Because the 'Be(n,2n)2a reaction is endothermic, and the energy of the in-
coming neutron must be divided between the two outgoing neutrons, the effect of
Be is to increase the less energetic flux. This can have a significant impact on the
decay heat production. The isotopes that generally contribute significantly to the
decay heat in a blanket can be roughly divided into two groups: those produced
by slow neutrons (usually } (n,y) reactions), which will be referred to heretofore
as group 1 isotopes; and those produced b) fast neutrons (usually (n,p), (n,d), and
(n,a) reactions), which will be referred to as group 2 isotopes. The group I isotopes
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tend to have shorter half-lives than the gro p 2 isow4pes Thus, group I isotopes
generally have a higher Accay rate (ad thus decay power) at shutdown, but they
decay more quickly, that is, they "burn hotter for a shorter time."Table 4.2.7 breaks
down some of the significant isotopes shown in Table 4.1.1 into groups I and 2, and
gives their half-lives.
The split between groups 1 and 2 is very < ear for VCrTi, with "1Ti being the
only exception. For MT-9, the split is much more fuzzy. 09Mo, a group 1 isotope,
has a half-life that is short compared to the other isotopes listed, but is not short
for the purpose of this work, and "5 Mn is produced by fast and slow neutrons. It
should be noted that in Fe1422, the slow neutron 55 Mn(n,-y)51Mn reaction produces
far more 5 6Mn than the fast neutron 56 Fe(n,p) 5"Mn reaction, and so "6 Mn is a valid
group 1 isotope for Fe1422.
The point is that the isotopes that are produced, and the subsequent decay
heat behavior of the system, are highly dependent on the flux spectrum, and since
beryllium alters the spectrum by increasing the slow flux, there can be a significant
difference in the decay heat between blankets that use beryllium and those which
do not. This effect was analyzed by comparing the decay heat in Blanket #5 with
that in Blanket #2. These two blankets are identical except for the presence of
beryllium in the first breeder region (Region 5) of Blanket #5.
Figure 4.2.8 plots the ratio of the decay heat in Blanket #5 over the decay heat
in Blanket #2. Note that in the breeder region, where the beryllium is located in
Blanket #5, the ratio is just about 1.2, and decreases slightly with time. Table 4.2.8
displays the significant isotopes shown in Table 4.2.7 for the MT-9 in this breeder
region, along with the decay heat that each isotope produces in two days. The
ratio shown is the ratio of the total decay heat produced by the isotope in a two
day period in Blanket #5 over Blanket #2. %qote that the group 2 isotopes show
the least differences (lowest ratios), while tb- group 1 isotopes show much greater
differences (higher ratios). This is because the group 1 isotopes are produced by
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Table 4.2.7 Comparison of Group I Isotopes vs. Group 2 Isotopes.
VCrTi
Isotope
4 8 
c
46SC
51 Cr
47 Sc
52V
S5 Ti
MT-9
Isotope
54 Mn
58
58 Co
9 9 Mo
51 Cr
59Fe
55Fe
G-,roup
2
2
2
2
2
Grou2
2
1
2
1
2
* Exception
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Primary Reaction
51V(n,a)48Sc
47Ti(n,n'p) 4 Sc
5 2 Cr(n,2n)5 Cr
51V(n,n'a) 4?Sc,48 Ti(n,d)47Sc
51V(n,y)52 V
51V(n,p)51Ti
Primary Reaction
54Fe(n,p)54 Mn
58Fe(n,p)58 Mn *,55 Mn(n,y)5 8 Mn
58 Ni(n,p)58 Co
98Mo(n,y)99Mo
5 2 Cr(n,2n) 5 'Cr
58Fe(n,1) 59 Fe
58Fe(n,2n) 55 Fe,58 Ni(n,a) 55 Fe
Half-Life
43.7 hr
83.8 day
27.7 day
3.35 day
3.75 min
5.76 min*
Half-Life
313 days
2.6 hr
70.8 days
66 hr
3.35 days
44.5 days*
2.68 yr
Figure 4.2.8 Ratio of Decay Heat Density vs. Radial Distance for
Blanket 15 / Blanket 12 - (Gl)/(D4)
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Table 4.2.8 Comparison of Decay Heat Produced
vs. Blanket #2.
in 2 Days by Isotopes in Blanket #5
Isotope Group
5 4 Mn 2
s6 .n 1
58 Co 2
99 Mo 1
5 1 Cr 2
59 Fe 1
55Fe 2
Total
Blanket #5
(J/cm3 )
2.227 x
1.750 x
1.548 x
1.573 x
9.240 x
5.420 x
2.789 x
103
103
102
102
101
101
10,
Blanket #2
(J /cm)
1.966
1.491
1.365
1.190
8.497
1.108
2.594
x
x
x
x
x
x
x
102
102
102
101
101
4.684 x 103 4.027 x 103
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Ratio
1.133
1.174
1.134
1.322
1.087
48.92
1.075
1.163
----------
the thermnal flux, which is much higher in the beryllium system (Blanket #5). The
group 2 isotopes are producriby the fast flux, which is only slightly higher in the
beryllium system (due to the overall increase in the neutron population caused by
the beryllium).
Note also in Figure 4.2.8 that the decay heat ratio in the front of the Fe1422
shield is 50% higher in Blanket #5 at shutd-,on. This again is due to the increase
in the thermal flux, which produces a larger amount of 5 6 Mn, a group 1 isotope
for Fe1422. Because thermal neutrons are attenuated more quickly (over a shorter
distance) than fast neutrons, the mostly thermal flux in the shield of Blanket #5
falls off very sharply. The harder flux spectrum in the shield of Blanket #2 falls off
less rapidly, and thus at the back of the shield, the decay heat is higher in Blanket
#2.
At longer times, such as one day, after the 5 6Mn has decayed away, the decay
heat in the front of the shield of Blanket #5 is much lower than that of Blanket
#2. This is because in this region, the fast flux in Blanket #2 is greater than that
of Blanket #5, and so in Blanket #2, there is a greater production of longer-lived
group 2 isotopes.
Overall, the total decay heat produced ini Blanket #5 over a two day period is
about 15% higher than that of Blanket #2. At shorter times, the difference is larger,
because of the faster decay rate of the group 1 isotopes. After one hour, the total
decay heat produced in Blanket #5 is about 25% greater than that of Blanket #2.
This could be a significant difference, and could make a difference between inherent
safety and non-inherent safety for this particular design. Other blanket systems
might be even more adversely affected by the presence of beryllium. Note from Table
4.2.7 that there is a much greater split between the group 1 and group 2 isotopes in.
VCrTi than in MT-9. The indication is that for a VCrTi blanket, the inclusion of
beryllium would result in a greater difference in the dccay heat production. Note
from the Fe1422 shield region of Figure 4.2.8 that the difference can indeed be very
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large for some materials. The conclusion to be drawn is that the copious use of
beryllium to increase tritium breeding ratios and blanket multiplication factors can
lead to adverse affects with respect to decay heat, and some care should be taken
to ensure that safety is not seriously compromised.
4.3 Effect of Transport of Decay Gamma Rays
In the Section 4.1, it was stated that the energy released when a radioactive
isotope decays emerges as heat deposited in the location of the decaying isotope.
For 3 emission decay, this is the case, since the charged 3 particle will be stopped
almost immediately by the surrounding medium [4.18]. For -y emmission, the as-
sumption that decay -y-rays also deposit their energy in the immediate vicinity of
the decaying isotope was used for all the decay heat analyses presented thus far.
In truth, however, decay-y's will instead transport through the blanket, depositing
their energy along the way through pair-production and Compton scattering reac-
tions, until finally, at low energies, the -- ray is absorbed in the photo-electric eflect
[4.18,4.191.
Accounting for the transport of decay -y's could have a significant effect on the
decay heat profiles presented in Figures 4.0.1 - 4.0.6. To examine this effect, the
decay heat in Blanket #1 was calculated with -y-transport included, and the results
compared to those obtained with the assumption that the -y's deposit their energy
locally (Figure 4.0.1).
The decay heat density with allowance for -y-transport is calculated by mak-
ing use of the 21 energy-group 7-source distribution which is given in the REAC
output. The -y-source distribution is collapsed into 12 groups, and then used as
the flux source input to a ONEDANT run. ONEDANT calculates the -y-heating
distribution throughout the blanket that results from this y-source distribution.
The y-heating distribution is added to the 3-heating distribution calculated with
the method described in Section 4.1. The total represents the true decay heat dis-
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tribution, including the transport of decay y's. Since ONEDANT calculates the
y-heating distribution only for J ixed I-source, the decay heat calculated in this
manner cannot be assumed to decay as e-, as is discussed in Section 4.1. Instead,
for each time after shutdown at which a result is desired, the y-source at that time,
as calculated by REAC, must be input to ONEDANT, the resulting -y-heating dis-
tribution calculated, and this added to the ,3-heating distribution calculated for the
same time.
The decay heat distribution in Blanket #1 with allowance for -y-transport is
plotted in Figure 4.3.1, while Figure 4.3.2 plots the ratio of the decay heat in Blanket
#1 with -y-transport over the decay heat with local y deposition.
It is seen immediately in Figure 4.3.2 that the decay heat calculated with 7-
transport is lower in the first wall, higher in the blanket and second wall, and lower
in the shield, for the most part. In the manifold, it is higher at shutdown, lower at
one hour, and about the same after that.
These results can be explained by noting in Figure 4.3.1 that accounting for
y-transport results in a smoother decay heat distribution. This is because -Y-rays
produced in high decay heat regions transport out of those regions, and deposit
some of their energy in low decay heat regions. Thus, 7-rays produced in the first
wall (primarily from s2V) and the manifold region (primarily from 5 2 V, 5"Mn, and
5 6Mn) transport out of their regions of origin and into the breeder region, increasing
the decay heat density in the breeder region. Similarly, -y's produced in the shield
(from 5"Mn and. 4Mn, both in large quantities due to the Fe1422 present) transport
into the second wall and through into the manifold region, increasing the decay heat
in both these regions while decreasing the decay heat in the shield.
After an hour, the 1 2V has decayed away, and the dominant isotope in the
VCrTi structure is 4 8 Sc, which is an even stronger y-emitter than 5 2 V. Also, in the
MT-9 and Fe1422 structure, 54 Mn contributes a greater fraction of the total decay
heat, due to the faster decay of 5 6Mn. Essentially all the decay energy emitted
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Figure 4.3.1 Decay Heat Density Including Gamma-Transport vs.
for Blanket #1 (A2) Inboard, 5 MW/m"2
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from 54 Mn is in the form of y-rays. The result-is that after an hour, the effect seen
at shutdown Is evn more pr ruii'ed. 'T'hedecay heat in the manifold is actually
lower with -y-transport than without it, due to the fact that the -y's produced in
the manifold region transport out and deposit their heat in other regions. The
transport of decay -y's from the manifold into the breeder region results in the large
ratio seen in Figure 4.3.2 at the back of the breeder region. At the front of the shield,
the 54 Mn and 56 Mn produce -y's that transport into the second wall, boosting the
heating rate in that region. At the same time, the s 2V in the second wall, which at
shutdown produced -y's that deposited considerable heat in the front of the shield,
has decayed away, thus, in the -y-transport case, the heating rate in the front of
the shield reduces significantly in one hour. In the local-deposition case, the 5 2 V
in the second wall does not affect the decay heat density at the front of the shield,
and thus at one hour, the decay heat density at the front of the shield is still fairly
high. This is the reason that at one hour, the ratio in Figure 4.3.2 at the front of
the shield is small.
At one day and beyond, all the NMn, a significant /3-emitter, has decayed away,
and the remaining dominant isotopes are "8 Sc from VCrTi, and 54 Mn fromN MT-9
and Fe1422. Since both these isotopes are almost pure -y-emitters [4.3], the effect
is to "smooth out"the decay heat density distribution. Thus, in areas where the
local-deposition decay heat (Figure 4.0.1) Is low, the ratio will be greater than one
(see Figure 4.3.2), and in areas where the local-deposition decay heat is high, the
ratio will be less than one. This is seen in Figure 4.3.2.
The primary effect of accounting for the transport of decay y's is that the decay
heat density distribution appears smoother than it does when local deposition of
decay y's is assumed. Assuming local deposition, then, overestimates the decay
heat in areas where the decay heat is highest, such as the first wall. The effect is
dependent on the materials present, and the particular radioactive isotopes they
produce. It should be noted that whether --transport is accounted for or not, the
total decay heat produced is the same, assuming no y escape out the back of the
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shield, and since the decay heat is so low in this region, this is a good assumption.
Thus, the effect of accounting for the transport of decay y's on the temperature
response to a LOCA or LOFA is minimal.
4.4 Decay Heat Behavior of D-D Blanket
In Chapter 2, it was mentioned that D-D blanket was chosen to analyze the
inherent safety potential of this fuel cycle. In terms of decay heat, the primary
difference between the D-T and D-D fuel cycles is in the spectrum of neutrons
which emerge from the plasma. While each D-T reaction produces one 14.1 MeV
neutron, the catalyzed D-D reactions produce about an equal number of 14.1 MeV
and 2.5 MeV neutrons. The reactions involved in catalyzed D-D fusion are shown
below.
D + D -+ T (1.01 MeV) + H (3.02 MeV)
D + D -+ 3He (0.82 MeV) + n (2.45 MeV)
D + T -- + 4 He (3.5 MeV) + n (14.1 MeV)
D + 'He -+ 4He (3.6 MeV) + H (14.7 MeV)
The net result is that in D-D reactors, only 60% of the energy comes from
neutrons, compared to 80% in D-T reactors [4.5]. D-D reactors operate at a much
lower plasma power density, and thus neutron wall load, than D-T reactors. This
could mean a lower decay.heat density in D-D blankets. However, D-D blankets are
often optimized for blanket multiplication (see Table 2.1.1), in order to maximize
the output energy for a given size reactor. This means that the D-D blankets often
consist mostly of steel (see Figure 2.6.1), which produces more decay heat than the
lithium breeder materials used in D-T designs.
The combination of the effects can be seen by comparing Figure 4.4.1 with
Figure 4.2.2. Figure 4.4.1 is the decay heat fraction for the D-D Blanket #6.
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Figure 4.4.1 Decay Heat Fraction by Zone vs. Time for Blanket #6 (H1)
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The decay heat fraction from the D-0 Blanket #6 is higher, as is the total decay
heat, than for Blanket #2, which con.Ls of the same structural material (MT-9).
The higher decay heat fraction in the D-D blanket is due primarily to the higher
concentration of structural material. In fact, there is almost five times as much
structure in the D-D inboard blanket as that of Blanket #2 (see Figures 2.2.1 and
2.6.1). However, it can be seen from Figures 4.2.2 and 4.4.1 that the decay heat
fraction in the D-D blanket is only about a factor of two times higher than il llanket
#2. There are two contributing factors to this effect. First, as was mentioned, the
fraction of the energy entering the blanket in the form of neutrons is lower in the D-
D case. Second, the D-D blanket has a higher blanket energy multiplication factor.
Both of these factors work to reduce the decay heat fraction of the D-D blanket (see
Appendix C.2). Note that the decay heat from the B4 C and SS304 shield regions
of Blanket #6 are not shown in Figure 4.4.1. This is because these regions do not
contribute significantly to the decay heat from this blanket.
The conclusion is that, because of opposing effects, the overall decay heat in D-
D blankets is very similar to that of D-T blankets. The increased design flexibility
of the D-D blanket (e.g., no tritium breeder required) can be utilized to reduce
decay heat levels and improve thermal safety by using low activation materials
[4.3,4.5]. However, D-D designs which optimize only the energy multiplication (such
as Blanket #6) will experience higher decay heat levels, and will therefore suffer a
thermal safety penalty.
4.5 Decay Heat Level of Inboard vs. Outboard Blankets
In Chapter 2, it was stated that all of the analyses were performed on the
inboard blankets (with the exception of the RFP Blanket #3), since this represents
the more conservative case. To demonstrate this, the decay heat densities of the
inboard and outboard versions of blanket #1 were calculated and compared.
Due to the geometric effects of toroidal geometry, the neutron flux in the out-
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hoard first wall will be greater than that in the inboard first wall [4. 13,4.20j. TFhis,
the decay heat density in the first waL will be higher on the outboard side. This
will hold for the blanket as well; the decay heat density on the outboard side will he
higher than the inboard side at the same radial position (i.e., at the same distance
from the first wall). In all of the tokamak blankets considered in this work, how-
ever, as is the case in most tokamaks [4.1,4.4], the outboard blanket is considerably
thicker than the inboard blanket. In particular, in the BCSS blankets considered
here, the thickness of the shield is more than 50% greater on the outboard side
than on the inboard side. Thus, because of the increased flux attenuation, the de-
cay heat levels at the back of the outboard blanket will be very low compared to
the inboard blanket. This will bring the average decay heat density (total decay
heat over total volume) in the outboard blanket down. It is this average decay heat
density that is important when considering the temperature rise due to afterheat
during LOCA/LOFA.
To examine this issue, the outboard version of Blanket #1 was analyzed for
both decay heat and temperature rise. The results of the decay heat analysis are
presented here. Figure 4.5.1 shows the shutdown decay heat levels in the first wall of
the inboard and outboard sides. Note that the decay heat density in the structural
regions of the first wall is 15% - 20% higher on the outboard side, due to the higher
neutron flux.
Figure 4.5.2 gives the shutdown decay heat densities in the entire blanket for
the inboard and outboard sides. Note that for the first 40 cm, the two are very close.
Actually, the outboard side is slightly higher (about 15%) clue to the higher neutron
flux. After 40 cm, the geometries of the two sides becomes different, although similar
behavior is seen for the manifold and second wall regions (Regions 5 and 6) of each
side. After the second wall in the outboard blanket, which is 85 cm from the first
wall, there is a large (50 cm) vacuum gap. This accounts for the vertical lines
in Figure 4.5.2. The primary difference is een in the shield regions. While the
attenuation of the decay heat in the shield is similar for both sides, note that the
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Figure 4.5.1 Decay Heat Density vs. Radial Distance at Shutdown for
Blanket 41 (A2) Inboard vs. Outboard, 5 MW/m"3
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outboard shield has an additional 45 cm where the decay heat level is very low (<
10'1 W/cm 3 ). This causes the average decay heat density in the outboard side to
be lower than the average in the inboard side. At shutdown, the average decay heat
density in the inboard blanket is 0.11 W/m3. This average in the outboard side
is 0.044 W/m 3 . Thus, the average is 2.5 times greater in the inboard side, which
puts the inboard blanket at greater risk in the event of a thermal transient such as
LOCA or LOFA.
4.6 Summary
In both D-T and D-D fusion reactors, the neutrons produced in the plasma
enter the first wall/blanket regions, where they interact with the various elements
that comprise the blanket. Some of these interactions transform stable isotopes
into radioactive isotopes. These radioactive isotopes then decay, and in the process
deposit the decay energy in the form of heat. The heat thas produced is referred
to as decay heat. For each of the six reference blankets described in Chapter 2,
the post-shutdown decay heat density /ifcay(x, t) (W/m 3 ), where x is the distance
from the first wall and t is the time after shutdown, was calculated. The calci-
lational tools used include the neutron transport code ONEDANT [4.101 and the
activation/transmutation code REAC [4.61.
4.6.1 Structural Material
Due to the mechanism of decay heat production, the amount of decay heat
produced is a highly material dependent property. In all of the blankets, it is the
structural material which produces almost all of the decay heat. The vanadium
alloy V-15Cr-5Ti yields a relatively low level of decay heat density at shutdown.
Furthermore, most of this heat is produced by the short-lived isotope "V, which
has a 3.75 minute half-life. This means that the total decay heat level of VCrTi
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decays quickly, by as much as an order of magnitude or more in one hour, depending
on the neutron flux spectrum. This makes VCrTi an excellent choice of structural
material from the decay heat standpoint.
The ferritic alloy MT-9 also produces a fairly low level of decay heat at shut-
down. Most of this heat, however, comes from the isotopes 54 Mn and "5 Mn, which
have half-lives of 313 days and 2.6 hours, respectively. This means that the decay
heat level of MT-9 will decay more slowly than that of VCrTi, e.g., it will take
about 24 hours to decay by an order of magnitude. Beyond one day, however, the
total decay heat level of MT-9 is also very low, making MT-9 another good choice
of structural material from the decay heat standpoint.
The steel Fe1422 is much less expensive than HT-9 (MT-9), and has been
proposed as a substitute for HT-9 for some applications. Unfortunately, the high
(14%) manganese content of Fe1422 yields a very high decay heat level at shutdown.
Furthermore, due to the relatively long life of the contibuting isotopes, this level
decays quite slowly. It takes as long as three months for the decay heat level of
Fe1422 to decay by an order of magnitude. For this reason, use of Fe1422 in the
blanket is not recommended. In areas where the magnitude of the neutron flux is
low and the spectrum is mostly thermal (i.e., the flux is highly attenuated),.such
as in the magnet shield of a superconducting tokamak, use of Fe1422 is acceptable.
4.6.2 Breeder Material
In the breeder materials, the decay heat level is not as important a factor,
since these materials yield lower decay heat levels than the structural materials. In
particular, both liquid lithium and the solid ceramic Li20 yield only tritium as an
isotope that could potentially contribute significant amounts of decay heat. Since
the tritium that is produced in these breeder materials is constantly being removed,
the maximum concentration of tritium in the blanket will be kept quite low, and
thus its decay heat contribution will be minimal. The result is that both of these
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breeder materials produce essentially no decay heat, and thus from the standpoint
of decay heat, both are excellent choices for breeder material. Conversely, the
eutectic Li, 7 Pb8 3 yields two isotopes of lead, 20 Pb and 20 9 Pb, which contribute
significant amounts of decay heat. The level of decay heat produced by Li17 Pb83 is
still lower than that of the structural materials, however, and thus, while LiPb is
the least attractive of the three breeder materials considered, it should not present
a particular problem in terms of decay heat.
4.6.3 Effect of Neutron Multiplier
Utilization of a neutron multiplier to improve the tritium breeding ratio in
fusion blankets has been widely considered. The most attractive candidate neutron
multiplier is beryllium. Beryllium increases the magnitude of the overall neutron
flux, but especially of the lower energy flux, due to the physics of the multiplication
reaction. The altered flux spectrum can have a significant impact on the decay
heat level. The isotopes that produce decay heat can in general be divided into
those produced by slow neutrons (group 1), and those produced by fast neutrons
(group 2). Group 1 isotopes -sually have shorter half-lives, thus decay more quickly,
producing a higher decay heat level, but for a shorter time, than group 2 isotopes.
The increased slow flux in systems which use beryllium results in a decay heat level
that is about 25% higher in the first hour, and about 15% higher after one day.
This effect is material dependent, but these values, which are specifically for the
Li2 O/He/MT-9 system, should be representative.
4.6.4 Effect of Transport of Decay Gammas
One simplifying assumption used in the calculation of the decay heat level in
a fusion reactor is that -y-rays emitted, by iecaying isotopes depih)sit their energy
at the location they are producea. In reality., hese 'y's will transport through the
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blanket and deposit their energy in a smeared fashion across the blanket. Including
this effect in the calculation results in- a decay heat density profile that is smoother,
i.e., has a lower peak-to-average ratio, than when local deposition is assumed. This
means that incluling the -y-transport effect will lower the calculated decay heat in
regions where it is highest, and raise it in regions where it is lowest. The total
decay heat will be the same in either case, however, and thus the impact on the
temperature response to undercooling transients is expected to be minimal.
4.6.5 Decay Heat of the D-D Fuel Cycle
The different neutron spectrum and different neutron-to-thermal power ratio
experienced in D-D vs. D-T reactors will have an impact on the decay heat level
produced. In a D-D reactor, the neutron spectrum is softer, and a lower fraction
of the energy comes from neutrons. This will result in a lower decay heat fraction.
However, many D-D blankets are designed to maximize the blanket multiplication
factor by using mostly steel. This high concentration of structural material results
in a higher decay heat level. These opposing effects will cancel to a certain degree,
and the final result will depend on the specific D-D design. It is recommended that
the added design flexibility in the D-D reactor be used to minimize the activation
level in the blanket, by constructing at least part of the blanket with a low activation
material. If this is done, the D-D fuel cycle offers an excellent safety advantage in
terms of decay heat.
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5. Analysis of Undercooling Transients
The most commonly considered transients which lead to a rise in temperature
above the operational level are those which involve a loss-of-system-cooling. A
number of different scenarios can lead to loss-of-cooling, including pump failure,
flow blockage, loss-of-site power, and coolant tube rupture. These accidents can be
divided into two general groups, namely, Loss-of-Flow Accidents (LOFA) and Loss-
of-Coolant Accidents (LOCA). In a LOFA, the coolant, which normally is being
pumped through the blanket and is thus removing the blanket heat via forced
convection, stops flowing. This can arise because the coolant pump fails, or the
coolant flow passage becomes blocked by some structural failure. The result is that
the coolant remains in the blanket, but is no longer flowing. Thus, the heat being
produced in the blanket (whether operational power or decay heat) is no longer
being actively removed. This will lead to a temperature rise in the blanket. A
LOCA *can arise if a coolant tube or other coolant piping ruptures, thus allowing
the coolant to leak out of the system. In this case, the coolant will drain out of
the blanket, leaving a void in its place. This will obviously cause a termination of
active cooling, and a blanket temperature rise.
In this chapter, the temperature response of a blanket to the undercooling
transients (i.e., LOFA, LOCA) is analyzed with a simple, one-dimensional model
that considers heat conduction and radiati-. only. The effects of natural convection
blanket heat removal are put off for the next chapter. Comparing the temperature
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response to these transients of the six blankets allows the identification of aspects of
blanket design which assist in minimizing the maximum post-accident temperature.
Analyzing the temperature responses with the temperature limit models given in
Chapter 3 also allows the definition of operational limits which will insure passive
thermal safety.
In the following sections, the physical basis for the model is described, followed
by a brief summary of some of the assumptions used both in the development of the
model and its applications. Following this, the results of the analysis for the (six)
blankets are given, along with the results of an investigation into the sensitivity cif
the temperature responses to various parameters such as wall emissivity, plasma
shut-off time, and neutron wall load.
5.1 Model For Thermal Transport
This section describes the development of the model used to calculate the
temperature response to the undercooling transients.
5.1.1 Heat Transport Model
The model for the transport of heat in the blanket starts with the basic as-
sumption that there are no moving fluids to be considered. Thus the appropriate
equation for heat transport takes the form:
p(r)cp(r, T) aT ' t) ecay -V -k(r, T)VT(r, t) (5.1)
The first simplification involves the approximation that the blanket geometry
resembles that of a slab, with variations only in the x-direction. Thus, equation
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(5.1) for a one-dimensional slab becomes:
a T (x t) P f O % ( T (x t) \p(x)c (x,) L ) + - (k(x,T) T x ) (5.2)
The blanket "slab"is broken up into a fine mesh to obtain a numerical solution
to equation (5.2). Each mesh point has a temperature Ti, which is assumed constant
with respect to x over a small volume Axi. Figure 5.1.1 displays this modeling.
Equation (5.2) is then integrated over Axi, and the resulting equation for Ti(t)
becomes:
(dT\ ,- / \/T \ALxjipjc~(T) = qdeay(x,t)dx + k)(() dx
4,dt),() iad(t)I...(A) (5.3)
Equation (5.3) is a heat balance for the slab of thickness Ax., around the mesh
point i. This must include the heat flux leaving or entering mesh zone i at the zone
boundaries due to radiative heat transfer. This radiation term is:
=a T. ~ -§1 (5.4)
where a = Boltzmann's constant
Since 4deca(,X, t) can be approximated by a simple exponential function of x
(see Section 4.1), it is easy to evaluate this integral in closed analytical form. The
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Figure 5.1.1 Schematic of fine mesh opproximation for
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temperature gradient integral, however, involves some approximation to simplify its
form. The temperature integral in equation (5.3) can be evaluated as -
f- ( ki(T) dx= k (
an x i8x 6lx ~ =~i+ 7~
(5.5)
The value of dTi/dx at the two zone interfaces can be approximated in finite differ-
ence form as (Ti+j - Ti)/(xi+i - xi) and (TI - T _1)/(xi - xi- 1 ) respectively. The
second integral in equation (5.3) thus becomes
ki(T ) ( ) dx = k
-k x =.xi 
- 22 Ix
(z= xi + (
2i -i~ -Xi
(5.6)
The problem is to evaluate k at the zone interfaces. This is done by linearly
weighting the thermal resistance, i.e., 1/k, between the two respective zones. Thus,
ak \\= Xi + )- =
2)+(" ) (5.7)
Using this expression, equation (5.3) becomes
Axi picpc(T) dt
\ / )= az;
I xt)dxz + Ak (i+ )4d\ ca+(X-- Xi )
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(,T)
Ti1- Ti-., + q,.a(t)| ,i (5.8)
where Aki is given in equation (5.7). With some algebraic manipulation, this be-
comes
Xic ((Pi T)) [La.
-Ak i-
i t)dx + k Ti+ - Ti
deca(X7 Xi+i - Xi
+ )
There are several ways to solve equation (5.9), including implicit and explicit
methods. The details of these solutions are provided in Appendix D. The final form
of the equation for Ti, in implicit form, is as follows:
Ti" = Ti"~' + (Ax 2p.cpT) [ dt 4dca,(x, t)dx + Aki_1
(T")j] b,,
. e3 [(T") 
-
where
superscript n refers to the time-step,
Aki given in equation (5.7),
Si =- 1 if there is a radiation path between points i and j,
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(d7i
kdt}
(5.9)
At] (5.10)
2s 1 _- Tn
X% - xi
-iTim - T"
( i+1 ~~Xi
S;j = 0 if there is no radiation path between points i and j.
5.1.2 Material Property Modeling
All of the parameters in equation (5.10), i.e., xi, pi, Cp(T), ki(T), ej, Aij are
inputs to the code, which is called THIOD (Transient H-eating In One Dimension).
The material properties p and E are assumed to be constant with temperature.
The specific heat and thermal conductivity, c, and k, are assumed to be linear
functions of temperature. The material properties used are given in Appendix C.
This representation is assumed valid over the temperature range being observed in
this analysis.
For regions which contain more than one material, or in which there may be
some vacuum (due to coolant drain), the region is homogenized, and the volumetric
heat capacity pep for the region is found by a volumetric average of the materials
present. The thermal conductivity for each region is found by weighting the con-
ductivity of each conduction path by its area. This is valid, since the conduction
paths within each region of the blankets considered in this work are radial, that is,
they are homogeneous in the x direction. Further detail on the calculation of the
zone-averaged thermal conductivity is given in Appendix C.
5.1.3 Description of Accidents
As mentioned in the brief discussion at the beginning of this chapter, the under-
cooling transients considered in this work are divided into two groups, Loss-of-Flow
Accidents (LOFA) and Loss-of-Coolant Accidents (LOCA). In this section, the as-
sumptions used to define these accidents are discussed, as well as the variations that
were considered. In this discussion, and in the discussion of the results presented
later in this chapter, time equals zero refel s to the initiation of the accident.
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5.1.3.1 Immediate Plasma Shut-Off vs. Continued Plasma Burn
Immediately following accident initiation, that is, the time at which the pump
fails or the coolant tube ruptures, there is some question as to how the plasma
will behave. There are essentially two scenarios to consider. The first scenario is
referred to as immediate plasma shut-off, and the second is referred to as continued
plasma burn.
In the case of immediate plasma shut-off, it is assumed that the plasma com-
pletely terminates at time equals zero (i.e., at accident initiation). The plasma
heat flux to the first wall and the volumetric heating due to neutron interactions in
the blanket both go immediately to zero. The only heat source in this case is the
decay heat in the blanket, and for this reason, this scenario is referred to with the
designation (DC), for Decay Heat only.
In the case of continued plasma burn, there is a question as to how long the
plasma will continue to burn, and at what power level. This issue is discussed
further in Chapter 7, but for the purposes of the analyses carried out in Chapters
5 and 6, an assumption was used to define the post-accident plasma burn rate vs.
time behavior. This assumption was taken directly from the ESECOM [5.2] study.
This behavior is shown in Figure 5.1.2. As is seen, the plasma is assumed to burn
at full power for one full second, after which it ramps linearly down to zero power
after five seconds. The continued plasma burn results in both a heat flux to the
first wall and a volumetric heating due to neutron interactions within the blanket.
The designation (PL) is used to refer to the continued plasma burn scenario.
In many of the cases analyzed, the continued plasma burn results in a peak first
wall temperature being reached within five seconds of accident initiation. After this
peak is reached, the temperature begins to decrease immediately. Later it increases
again and reaches a second peak due to decay heating. The continued plasma burn
impact on the temperature response is disc,% ised in detail in Section 5.4.6.
154
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5.1.3.2 LOFA vs. LOCA
The two basic undercooling transients that were considered in this study are:
1) Loss-of-Flow Accident (LOFA), and 2) Loss-of-Coolant Accident (LOCA). For
the analysis presented in this chapter, no consideration was given to the transient
time in which the flow velocity reduces tc ero (LOFA) or the coolant drains from
the blanket (LOCA).
In the Loss-of-Flow case, the coolant velocity is assumed to go immediately to
zero at accident initiation. The coolant then remains in the blanket as a stagnant
liquid which is able to conduct heat as though it was a solid. Precisely speaking,
this scenario is better described as a flow blockage than a pump failure, and in
any case, this is a conservative approximation to the actual transient. In Chapter
6 pump failure events are described more realistically so that the coolant can still
flow and remove heat by natural convection.
In the Loss-of-Coolant case,, it is assumed that all of the coolant is lost at
accident initiation, leaving a void in its place. Heat can be 'radiated across the
void space left by the coolant loss, but no conduction or convection is assumed,
except conduction along radial structural elements. In this scenario, there are no
blowdown or time-to-drain effects. Allowing for finite coolant drain time should
result-in a smaller temperature rise, since the draining coolant would enhance the
heat transfer from the first wall to the back of the blanket.
Piet [5.3] calculated the time-to-drain in a LOCA for a number of different
scenarios. The results are highly dependent on the blanket module configuration
and the location of the pipe or manifold break. In general, however, Piet found that
high pressure coolants (such as helium) drain very rapidly (te < 0.1 second), while
liquid metal coolants may take several seconds or even minutes to drain, depending
on MHD factors. Thus, including time-t- drain effects in the helium cooled blankets
(Blankets #2, #5, and #6) would have i1gligible impact on the LOCA temperature
rise.
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For the liquid metal cooled blankets (Blankets #1, #3, and #4), this is not the
case. The plasma-induced peak temperature reached within the first five seconds
would be reduced because of the enhanced heat transfer and increased heat capacity
during the coolant drain time. According to Piet, the maximum coolant drain time,
including MHD effects, is about 15 minutes. Thus, the decay heat induced peak,
which is not reached for a number of hours, probably would not be affected.
5.2 Temperature Response of Blankets
The model described in the Section 5.1 was applied to the six blankets to
determine the temperature response of these blankets to the undercooling transients
considered (i.e., LOFA and LOCA). The heat source in this analysis includes the
decay heat densities which are discussed in detail in Chapter 4, and the plasma and
neutron heating rates in the continued plasma burn cases explained above.
The following four sections discuss the temperature response to the base case
LOFA and LOCA of Blankets #1, #2, #3, and #6. These four blankets encompass
the range of design variations considered in this work. The materials impact within
similar designs is discussed in Section 5.4, with the use of Blankets #4 and #5.
Blankets #4 and #5 are identical to Blankets #1 and #2, respectively, except for
materials differences. The four blankets being discussed here include:
Blanket #1 - Self-cooled liquid metal (Li/Li/V) tokarnak.
Blanket #2 - Helium-cooled solid breeder (Li 2 O/He/MT-9) tokamak.
Blanket #3 - self-cooled liquid metal (Li/Li/V) Reversed-Field-Pinch, a compact,
high power density machine.
Blanket #6 - Helium-cooled (He/MT-9) D-D fuel cycle tokamak.
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5.2.1 Base Case Parameters
For all the blankets, one set of parameters is defined as the "base case". The
results of the base cases are the basis of comparison for the results obtained when
one or more of the parameters is varied from its base case value. For the most part,
the values of the base case parameters are those which are given in the references as
the operational values for the particular blanket (see Chapter 2, Table 2.0.3). The
base case parameters for each blanket are presented in, Table 5.2.1. A discussion of
the values in Table 5.2.1 follows.
5.2.1.1 Radiative Emissivities
Impurities in the flowing coolant can cause a number of adverse effects, in-
cluding corrosion and oxidation of structural surfaces which are in contact with the
coolant [5.4]. For this reason, it is assumed that all the materials within the blanket
will he relatively impurity-free. This means that the structural surfaces inside the
blanket will be free of oxides. The radiative emissivity (e) of such "shiny"(non-
oxidized) surfaces is usually very low [5.5,5.6,5.7]. Thus, the value selected was
t.=0. 10.
All of the blanket designs considered in this work (see Chapter 2) have vacuum
gaps separating the blanket and the shield (or coil), and the shield (or coil) and the
heat sink. It is assumed that these surfaces could be exposed to air or other cover
gas, which would result in the formation of an oxide layer. This oxide layer will
increase the radiative emissivity [5.6,5.7]. The value chosen under this assumption
is E=0 .50.
5.2.1.2 Heat Sink Availability
The blanket systems considered include only the blanket and shield combina-
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Table 5.2.1 Base Case parameters for the undercooling transients of the six blankets.
LOFA/
Blanket LOCA
Emissivity
in Blanket
Emissivity
Across Gaps'
Heat Sink
Availability
Neutron
Wall Load
Continued
Plasma Burn"
#1 LOFA
LOCA
#2 LOFA
LOCA
#3 LOFA
LOCA
#4 LOFA
LOCA
#5 LOFA
LOCA
#6t LOFA
LOCA
0.10
0.10
0.10
0.10
0.10
0.10
0.10
0.10
0.10
0.10
0.10
0.10
0.50
0.50
0.50
0.50
0.50
0.50
0.50
0.50
0.50
0.50
0.50
0.50
100 *C Coil
100 *C Coil
100 *C Coil
100 *C Coil
20 0C Wall
20 *C Wall
100 *C Coil
100 *C Coil
100 *C Coil
100 0C Coil
100 *C Coil
100 'C Coil
5 MW/mn
5 MW/m2
5 MW/m 2
5 MW/M 2
15 MW/m2
15 MW/M 2
5 MW/m 2
5 MW/m2
5 MW/m 2
5 MW/M 2
1.17 MW/M2
1.17 MW/r 2
From back of blanket to
Continued Plasma Burn
D-D blanket.
shield, and from back of shield to heat sink.
behavior is discussed in Se:tion 5.1.3.1.
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yes
no
no
yes
yes
no
yes
no
no
yes
no
yes
t
tion, except in the RFP Blanket #3, where the copper magnet coils are directly
behind the blanket. For purposes of defining the boundary condition, it was as-
sumed that behind the shield are the magnet coils, which, because they are cooled
separately, do not lose cooling. Thus, the coils essentially represent a constant tem-
perature heat sink, to which the shield can radiate heat. The coil temperature is
assumed to remain at 100 "C. This is obviously much higher than the operational
superconducting magnet temperature. The assumption is that the cryogenic col-
ing system will be shut off during the accident, but normal cooling will continue.
In the case of the RFP blanket #3, where the coils are included, the heat sink is
assumed to be the structure behind the coils, which is assumed to remain at room
temperature, i.e., 20 *C.
5.2.1.3 Neutron Wall Load
The base case neutron wall load for each blanket is given in Table 5.2.1. These
values are discussed in Chapter 2.
5.2.1.4 Post-Accident Plasma Burn History
The behavior of the plasma after accident initiation is discussed in Section
5.1.3.1. Essentially there are two cases: immediate plasma shut-off, and continued
plasma burn. The continued plasma burn history assumed is shown in Figure 5.1.2.
The effect of continued plasma burn vs. immediate plasma shut-off is discussed in
Section 5.4.6. Additional discussion on the continued plasma burn issue is given in
Chapter 7. In the liquid metal cooled blankets, i.e., Blankets #1, #3, and #4, the
coolant suffers a substantial pressure drop during operation due to MHD effects,
which are a result cf the magnetic field [5.4,5.8,5.91. As is seen in Chapter 6, the
flow rate decreases very rapidly after pump fai'ure because of these MHD effects.
Thus, it is reasonable to assume in a LOFA that the flow stops at time=0 0, when
160
the pump fails. The time to reach "zero"flow is very short, and the amount of heat
removed by the flowing coolant during this short time is negligible. For this reason,
the base case LOFA for the liquid metal cooled blankets includes continued plasma
burn. In the helium cooled blanke s (Blankets #2, #5, and #6), there is no MID
pressure drop. The operational flow loop pressure drop is only about 10% of the
system pressure, and the time to reach "zero"flow after pump failure will not be as
short. The heat removed by the flowing coolant between the time the pump fails
and the time the coolant stops flowing can be significant. It is assumed here that
this effect will exactly negate the effect of continued plasma burn, with the result
being, effectively, that the LOFA is initiated at the same time that the plasma turns
off. Thus, the base case LOFA for the helium cooled blankets assumes immediate
plasma shut-off.
Conversely, in the LOCA cases, the time to drain for the helium coolant will
be very short [5.31, and the heat removed during this short blowdown time will be
negligible. Therefore, continued plasma burn represents the base case LOCA for
the helium cooled blankets. The liquid metal coolants will have a significant drain
time, due in part to the same MHD effects that cause the flow to go to zero so
quickly in the LOFA case. This time-to-drain effect of the liquid metal coolants is
also assumed to exactly negate the effect of continued plasma burn. Therefore, the
base case LOCA for the liquid metal cooled blankets assumes immediate plasma
shut-off.
5.2.1.5 Inboard vs. Outboard Blanket
For all of the tokamak blankets (all blankets except Blanket #3), the analysis
considered only the inboard side. As is discussed in Section 4.5, due to effects of
toroidal geometry, the neutron flux in the first wall and blanket of a tokamak will
be slightly higher on the outboard side, depending -a the aspect ratio [5.10,5.11].
Thus, it would be expected that the decay heat density in the first wall should be
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somewhat higher on the outboard side, making the outboard side the more conser-
vative (higher temperature rise) case. However, in all the tokamaks considered, the
outboard blanket is considerably thicker than the inboard blanket. Thus, the decay
heat density will be higher at the back of the inboard blanket than at the back of
the outboard blanket, due to the increased attenuation from the thicker outboard
blanket (see Section 4.5). Note that if high attenuation materials are used in the
inboard blanket to further reduce the overall thickness, the decy heat density my
become even higher than measured here. Overall, the average decay heat density
is higher in the inboard blanket. This is why the inboard blankets were considered
in both the decay heat and temperature response analyses. Note that Blanket #3
belongs to a Reversed-Field-Pinch reactor, which has equal blanket thicknesses on
both the inboard and outboard sides. Thus, the analysis for Blanket #3 considered
the outboard blanket. This issue is discussed further in Section 5.5.
5.2.1.6 Designation of Cases
In the course of this work, a number of variations were made to the input
parameters discussed in this section (5.2.1) and in Section 5.1.3. For instance, cases
were run for Loss-of-Flow (LOF) vs. Loss-of-Coolant (LOC), continued plasma burn
(PL) vs. decay heat only (DC), as well as variations made in the radiative emissivity
of various surfaces. To keep track of these cases, a bookkeeping scheme was devised
to allow for quick reference to each different case. This scheme is described here.
Each case is referred to by a six-character name, such as A2C1PL. The six
characters are broken down as follows: the first two characters designate the blanket
and the variation, as discussed in Chapter 2 and displayed in Table 2.0.2.
The third character in the six-character name is always the letter C, and the
fourth is a number; these two in combination designate the Case #, as given in
Table 5.2.2. As can be seen, there are eight different cases, each one representing a
different combination of the parameters discussed in Sections 5.1.3 and 5.2.1, such
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Table 5.2.2 Summary of Different Cases Analyzed.
LOFA /LOCA
Emissivity
in Blanket
Emissivity
Across Gaps*
Heat Sink
Available
Cit LOFA 0.10
C2t LOCA 0.10
C3 LOFA 0.10
C4 LOFA 0.10
C5 LOFA 0.10
C6 LOCA 0.50
C7 LOCA 0.10
IOCA 010
* From back of blanket to shield, and
I Base Case LOFA
t Base Case LOCA
0.50
0.50
0.10
0.50
0.10
0.50
0.50
S10
from back of shield to
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Case#
yes
yes
yes
no
no
yes
no
no
heat sink.
as LOFA vs. LOCA, high wall emissivity vs. low wall emissivity, etc. The fifth
and sixth characters are either PL, which .designates continued plasma born (as
discussed in Sections 5.1.3.1, 5.2.1.4, and 5.4.5), or DC, which designates decay
heat only (immediate plasma shut-off).
The example given above is A2ClPL. Phis is broken down as follows. The
'A'represents Blanket #1, and the '2'represents the second variation of Blanket #1,
which means the manifold material is MT-9 (see Table 2.0.2). The first variation
of Blanket #1 (designated Al) used Fe1422 in the manifold, which is the way the
blanket is proposed in the BCSS. In this study, the A2 (MT-9 manifold) blanket is
the base Blanket #1 as described in Chapter 2. The 'C1'designates Case 1. From
Table 5.2.2, it is seen that this .is the base case LOFA. Note that the parameters
given in Table 5.2.2 for Case 1 are the same as those given in Table 5.2.1, for the
base case LOFA for Blanket #1. Finally, the 'PL'designates the continued plasma
burn option, as opposed to the decay heat only option 'DC', as discussed in Sections
5.1.3.1 and 5.2.1.4. Tables 2.0.2 and 5.2.2 should be referred to when distinguishing
between the different cases.
5.2.2 Blanket #1, Li/Li/V Tokamak
The design for Blanket #1, the Li/Li/VCrTi tokamak blanket from the BCSS
[5.4], is discussed in detail in Section 2.1. The one-dimensional geometry and the
decay heat source shown in Figures 2.1.1 and 4.0.1, respectively, are inputs to the
code THIOD, which calculates the transient temperature response. The initial
temperature distribution for this blanket was taken from the BCSS, and is shown
in Appendix C. The other input parameters are discussed in Section 5.2.1. The
code was run for the LOFA and LOCA scenarios outlined in Section 5.1.3.
For the LOFA case (designated A2C1PL), Figure 5.2.1 gives the temperature
time history for the first wall and the front of the shield for the first 48 hours of the
accident. Figure 5.2.2 shows the temperature vs. radial distance profile at
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shutdown, one day and two days after accident initiation.
The most important feature to note from Figure 5.2.1 is that the temperature
of the first wall does not exceed 700 'C at any time in the first 48 hours. The
temperature levels off after about 30 hours, and at the 48 hour mark is actually
decreasing slightly. Furthermore, from Figure 5.2.2, it is seen that the first wall is at
the hottest temperature of any point in the blanket, as expected, since this region
has the highest decay heat density (see Figure 4.0.1) and is farthest from the heat
sink. This means that in the event of a LOFA under the base case conditions stated
above, the entire blanket will remain well below the short term limits for VCrTi
(see Section 3.2.1). Also, according to the information presented in Section 3.2.1 on
thermal creep behavior, there should be no problem even if the 700 'C temperature
is maintained for a very long time (103 hours). Since the temperature is decreasing
after 48 hours and will continue to decrease, creep failure is not likely. Table 5.2.3
summarizes the results of the creep-rupture analysis, described in Section 3.2.11, of
this scenario. Note that after 48 hours, the rupture fraction is negligible.
Regarding radio-isotope release, the temperature reached in the first wall is
just about that which is required to cause oxidation. This is only a problem in an
oxygen atmosphere, and since there will be no structural failure, there shouild be
no pathway for oxygen to come in contact with the first wall. Thus, with regard
to the base case LOFA, Blanket #1 can be considered to be inherently safe, as no
radioactivity mobilization is expected to occur.
The response to the base case LOCA (A2C2DC) is shown in Figure 5.2.3.
Note that the temperature of the first wall exceeds 900 'C after about 8 hours,
and remains at this level for another 24 hours. This temperature does not pose an
immediate threat to the structural integrity of the first wall. After 48 hours, the
rupture fraction, given in Table 5.2.3., is only about 1.6e-04. This is based on a
constant first wall stress of 10 MPa, which could be an overestimation. According
to the extrapolation method used for VCrTi thermal creep behavior, at 1.0 MPa,
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Table 5.2.3 Rupture Time/Fraction for Various Cases Analyzed.
Blanket j Wall Load max | stress Irupt timel rupt fract
I  ICase (MW/m2) Temp(C) I (MPo) I (hours) | 048 hrs
S 1 | A1C1PL 5.0 j 1115.6 10.0 >48 I 2.15e-01
1 j A2C1PL 5.0 672.0 10.0 >48 <1.Oe-08
1 j A2C1PL 10.0 983.6 10.0 >48 4.04e-e3
1 A2C1DC 1 5.0 j 668.9 I 10.0 I >48 I <1.Oe-08
I1 A2C2DC 5.0 1 925.1 10.0 >48 1 1.55*-04
1 A2C2DC I 7.5 I 1116.7 J 10.0 >48 1 6.49e-01
I A2C2DC I 5.0 925.1 I 1.0 I >48 1.07e--4
1 . A2C2DC I 7.5 I 1116.7 I 1.0 | >48 I 4.71e-01
I1 A2C2PL I 5.0 I 926.9 I 10.0 >48 I 1.68e-44
1 A2C2PL I 7.5 1118.8 10.8 >48 I 6.98e-41
I A2C2PL I 10.0 j 1281.5 I 10.0 6.090 -
2 D4C1DC 5.0 840.6 120.0 0.480 I -
2 | D4C1PL 5.0 I 864.9 I 120.0 I 0.003 I -
2 D4C2PL I 5.0 I 1001.7 * I >48 1 1.43e-02
2 | D4C2PL 7.5 1142.1 * I 0.005 I -
2 D4C2DC 1 5.0 f 981.9 * I >48 2.61e-43
3 I E4C1PL I 15.0 1055.1 I 10.0 I >48 I 7.21e-02
3 | E4C1PL I 15.0 1055.1 100.0 20.0 -
3 1 E4C1PL 1 20.0 | 1203.3 10.0 I 8.261 I -
3 I E4C2DC 5.0 941.2 ' 10.0 >48 1.52e-04
3 I ECZ:: 10.0 1154.4 10.0 10.200 -
3 I iC:: 1 15.0 1325.4 10.0 1.460 1 -
K 3 E4C2C 15.0 ( 1325.4 1.0 1 1.560 -
3 I E4C2=. 15.0 I 1776.6 j 10.0 - 0.001 1 -
5 1 Gb;.O 5.0 850.0 120.0 I 0.423 I -
5 G1C2PL I 5.0 , 1023.8 * I >48 2.24e-02
6 H1C1DC 0.585 I 573.2 120.0 >48 1.70e-04
6 I-c:: 1.17 732.4 I 120.01 6089 I -
6 1 n1C2PL I 1.17 741.5 * >48 | 3.42e-06
*First Wai S tess
see Appeno~ xE.
is calculated bosed on thermal creep rote;
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the rupture fraction is about 33% less than that at 10 MPa, or 1.le-04. This should
be in the range of any reasonable safety margin that might be imposed. At higher
neutron wall loads, the rupture fraction increases significantly. Note from Table
5.2.3 that at 7.5 MW/m 2 , which could be reached due to the poloidal variation of
the wall load (i.e., 1.5 peak-to-average ratio - see Section 5.3), the rupture fraction
reaches 0.7 after 48 hours. This is dangerously close to rupture, and would exceed
the safety margin.
In the event of an oxygen leak into the vacuum chamber, possibly due to
structural failure, the result would be disastrous. At 900 rC, vanadium oxidizes
quite rapidly, forming liquid V 2 0 5 [5.12]. In this case, it can be assumed that the
entire first wall would be liquefied, and its possible that a fraction of the radioactive
inventory would be mobilized.
If the possibility of an oxygen leak is excluded, then Blanket #1 does have
the potential to be inherently safe with regard to the base case LOCA. Given some
of the conservative assumptions regarding this transient (see Section 5.1.3.2), the
analysis indicates that the first wall would survive, and no replacement or repair
would be necessary. There is a reasonable safety margin at the nominal wall load,
however, at higher wall loads, even those within the range of the poloidal variation,
the temperature response results in conditions close to thermi creep rupture.
5.2.3 Blanket #2, Li2 O/He/MT-9 Tokamak
The features of Blanket #2 are discussed in Section 2.2, and the decay heat
source is given in Figure 4.0.2. The initial temperature distribution was assumed to
be the same as that of Blanket #1. Actually, the operational temperature of Blanket
#2 would be lower than that of Blanket #1, due to the more stringent temperature
limits on HT-9 vs. VCrTi [5.4,5.13,5.14]. The same temperature distribution was
chosen so as not to bias results of the accident analyses in favor of a blanket which
operates at a lower temperature.
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The response to the base case LOFA (D4C1DC) is given in Figure 5.2.4. The
temperature rises steadily due to the decay heat, reaching a maximum of about
840 'C after an hour and a half. Then, because of the heat sink, the temperature
decreases to under 700 'C after 48 hours.
This relatively rapid rise to 840 'C may cause serious problems in the MT-9
(11T-9) first wall. As is mentioned in Section 3.2.1.2, the temperature at which [T-
9 is assumed to experience acute failure is 900 "C. This figure, however, represents
only an educated guess based on an extrapolation of HT-9 strength properties at
lower temp'eratures. It is possible that acute failure occurs at temperatures below
900 *C, in which case the first wall will likely fail after only 1.5 hours.
The thermal creep analysis indicates that creep rupture will occur after only
30 minutes (see Table 5.2.3). This is due to the relatively high pressure stress in
the first wall (120 MPa - see Section 3.2.1.2) from the coolant pressure, which is
assumed to remain near the operational level. The temperatures reached will not
release substantial amounts of radioactivity, but the structural failure will represent
a loss of capital investment.
Figure 5.2.5 displays the temperature response to the base case LOCA for
Blanket #2 (D4C2PL). The continued plasma burn results in a peak temperature
being reached within five seconds. After this, the first wall temperature decreases
slightly, as the temperature gradient in the blanket flattens out somewhat. The
temperature then rises, due to decay heat, reaching a maximum of 1000 "C in just
over an hour. In just less than half an hour, the temperature reaches 900 "C, which
is the temperature at which acute failure is assumed to occur in HT-9 (see Section
3.2.1.2).
The rapid temperature rise can be attributed to design of the first wall of this
blanket (see Section 2.2, Figure 2.2.1). The first wall consists of a slab of MT-9,
which is backed by a region of pure helium coolant (which is not present in the
LOCA), followed by another slab of MT-9, and then another region of pure helium
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(again, a vacuum in the LOCA). Thus, the only available mechanism for removing
heat from this first slab is via radiation to an equally hot second slab, which can
only radiate to the bulk of the blanket. Recall that the radiative emissivity of
these in-blanket surfaces is assumed to be low (e=0.10, see Section 5.2.1.1 and
Table 5.2.1). At these low emissivities, radiative heat transfer between two surfaces
is only effective at very high temperatures, and when the temperature difference
between the two surfaces is large. Thus, the first wall is essentially insulated until
it becomes rather hot, at which time the heat removal rate due to radiation will
overtake the decay heat source, and the first wall temperature will begin to decrease.
The maximum temperatures that are reached in the early stages of the transient can
be sufficient to cause gross structural failure. This could represent a generic problem
with helium-cooled designs. The "tubes"that comprise the first wall of Blanket #1
(see Figure 2.1.4) provide a conduction path for removal of heat from the first
wall even in a LOCA. The slab first wall design of Blanket #2 (see Figure 2.2.2)
provides no such path. If the heat transport properties of helium are inadequate
to allow for a tubular first wall design, then it should be recognized that from a
safety standpoint, helium-cooled blanket designs are at a disadvantage. Otherwise,
the conclusion to be made is that the first wall (of any blanket) should be designed
with radial conduction paths that will not be degraded during a LOFA or a LOCA.
That is, there should always be a solid structural member connecting the first wall
to the remainder of the blanket, to facilitate first wall heat removal in the event
that active cooling is lost.
5.2.4 Blanket #3, Li/Li/V RFP
The design of Blanket #3 is given in Figure 2.3.1, and the decay heat source is
shown in Figure 4.0.3. This blanket was designed for a Reversed-Field-Pinch (RPF)
reactor. For the purposes of this work, the RFP is the same as a tokamak except
1) the inboard and outboard blankets are tie same, and 2) the magnets are copper
(as opposed to superconducting). Copper magnets do not require the large shield
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that superconducting magnets require, thus the overall blanket/shield thickness is
less in the RFP. Instead of a steel shield behind the blanket, there are the copper
poloidal and toroidal field coils. The initial temperature distribution is assumed to
be flat across the blanket, at 600 'C, while the coils are assumed to be at i.3orn
temperature (20 0 C) [5.151.
The temperature response to the base case LOFA (E4C1PL) is given in Figure
5.2.6. The continued plasma burn causes a peak temperature of over 1050 "C in
about 3 seconds, which falls off rapidly to 865 "C after 10 seconds. It continues to
drop as the plasma-induced gradient flattens out, until after about 30 minutes it
begins to rise again. The temperature reaches a second peak of 1050 'C after about
12 hours. It is unlikely that these temperatures will cause acute structural failure
in the VCrTi first wall. The thermal creep analysis, as shown in Table 5.2.3, for
the nominal 15 MW/m 2 wall load indicates that creep induced first wall structural
failure will not occur within 48 hours. The rupture fraction at this time is about
0.07, which is small but significant. This significant value of the rupture fraction
indicates that just a small increase in the temperature could lead to structural
failure. Note in Table 5.2.4 that at 20 MW/m 2 , which is in the range of the
poloidal variation, the first wall will fail due to thermal creep after about 8 hours.
Any oxygen that might leak into the system would severely aggravate the problem,
due to oxidation.
The temperature response of Blanket #3 to the base case LOCA (E4C2DC) is
shown in Figure 5.2.7. Assuming immediate plasma shut-off in this case (see Section
5.2.1.4) eliminates the first temperature peak seen for the LOFA in Figure 5.2.6.
However, in the LOFA case, the stagnant liquid lithium acts as both a heat sink and
a heat transfer medium. The lack of this liquid lithium in the LOCA case results
in fairly rapid temperature rise in the first wall. The temperature reaches 1200 'C
in less than an hour, at which time tlh first wall is assumed to suffer acute failure.
Thermal creep analysis indicates creep rupture in about 1.5 hours. In the event of
oxidation, these temperatures are high enough to result in significant mobilization
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of the radioactive inventory (see Table 5.3.2). It is clear that a base case LOCA
may lead to at least a loss of capital investment.
It is conceivable that liquid metal cooled blankets can be designed such that
complete coolant drain from the blanket module is an improbable event. This is
the approach taken in the TITAN study [5.15]. In the TITAN blanket, the lithium
coolant enters and exits the blanket modules from the top. Thus, even in the event
of a double-ended pipe break, the lithium that is within the blanket module will
remain, due simply to gravity. This makes a LOCA, as it is defined in this study
(i.e., complete coolant drain from the entire module), unlikely. This approach is
highly recommended, given the results presented here. If such a design is feasible,
then the maximum credible accident involving loss-of-cooling would be a LOFA, or
a LOCA which results in only partial coolant drain. In either case, the continued
presence of the lithium in the module would greatly limit the first wall temperature
rise. This effect can be noted by comparing the temperature history of the LOFA
(Figure 5.2.6) with that of the LOCA (Figure 5.2.7);
The high temperatures experienced by Blanket #3 are the result of the high
wall load (15 MW/m 2 ) at which the RFP operates, and serve to illustrate the
problem with high power density machines. As is discussed in Section 5.3, the
maximum temperatures reached following LOFA or LOCA scale linearly with the
operational wall load, This is attributed to the fact that the decay heat density also
scales linearly with neutron wall load. This is an important consideration given the
recent interest in compact, high power density machines. It would appear based on
the above results that the economic advantage of very high power densities may be
offset by a safety penalty. This issue is discussed further in Section 5.3.
5.2.5 Blanket #6, He/MT-9 D-D Tokamak
The D-D Blanket #6 is described in Section 2.6 and shown in Figure 2.6.1.
The decay heat density of Blanket #6 is discussed in Section 4.4 and is given in
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Figure 4.0.6. Blanket #6 has the same initial temperature distribution as Blankets
#1 and #2.
The temperature response to the base case LOFA (HICIDC) is given in Figure
5.2.8. Note that the first wall temperature actually declines at the start, as the tem-
perature gradient across the blanket flattens out. The temperature then increases
steadily, reaching a maximum of about 730 'C after 8 hours, before decreasing to
below 690 'C at 48 hours. This maximum is very manageable in terms of acute fail-
Ltre and radiation release. The thermal stress analysis, however, indicates thermal
creep failure of the first wall after 6 hours, as is shown in Table 5.2.3. This is.due
to the fairly high stress in the first wall, due to the presence of the coolant, which
is assumed to remain at system pressure.
The response to the base case LOCA (H1C2PL) is given in Figure 5.2.9. There
is an immediate temperature rise here, due to the plasma continuation assumed in
helium-cooled LOCAs (see Section 5.2.1.4). The maximum temperature reached
is about 740 C, at about 8 hours. This is very similar to the LOFA case, as is.
expected, since the only difference between the LOFA and the LOCA inthis blanket,
except for the continued plasma burn, is the presence of helium. Since helium has
low thermal conductivity and low volumetric specific heat, it has a small effect on
the temperature response. Again, this temperature should not cause any problem
with respect to acute structural failure or radiation release. The thermal creep
analysis indicates also that the first wall will not approach failure clue to thermal
creep. The difference between this and the LOFA case is the stress assumed in the
first wall. The details of the thermal stress/creep calculation for the LOCA are
discussed in Appendix A. Since there is only a thermal stress, which is fairly small
and relaxes with time, the elevated temperatures do not pose a problem.
This is in contrast to the LOFA results presented above. Again, the difference
is in the first wall stress that exists in the LOFA (high stress) vs. the LOCA (low
stress). The recommendation is that in the event of a LOFA, it would be advisable
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to de-pressurize the system by removing the coolant. In essence, this would mean
turning a LOFA into a LOCA. In a LOFA, the presence of the helium coolant may
mitigate the temperature rise of the first wall due to natural convection. The added
pressure that the coolant exerts on the first wall, however, may cause thermal creep
rupture, as is demonstrated above.
For the most part, the temperature -rise in the D-D blanket is manageable.
Assuming the coolant pressure can be relieved, the blanket is inherently safe with
respect to both LOFA and LOCA. This is due to the low wall load at which the
D-D machine operates. More discussion of the D-D safety performance is contained
in Section 5.3.
5.3 Impact of Wall Load Variations
The thermal analysis of all the blankets was carried out for a number of dif-
ferent neutron wall loads, in order to determine the sensitivity of the post-accident
temperatures to the operational wall load as well as develop guidelines for the wax-
inum allowable wall load from the perspective of inherent safety.. The results of
this analysis are presented in this section.
Figures 5.3.1 and 5.3.2 give the maximum temperatures reached in the first
wall of the six blankets following the base case LOFA and LOCA as a function of
the operational neutron wall load. The maximum temperatures plotted in these
figures are only those due to the decay heat. The peak temperature that may be
reached within the first few seconds as a result of the continued plasma burn is a
separate effect, and is examined in greater detail in Section 5.4.6.
Note that in all the cases, the maximum temperature is almost linearly depen-
dent on wall load. This is due to the fact that the decay heat density is exactly
linearly dependent on wall load (5.16,5.171. The non-linearity in the maximum
temperature is due to the fact that at higher temperatures (higher wall loads), the
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Figure 5.3.1 Max: z'um First Wall Tempera t ure Following LOFA vs. Wall Load for
All Blankets, Base Case LOPA (Case 1)
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radiative heat transfer to the heat sink is more effective. This means that in the
higher wall load cases, a higher fraction of the heat is transferred to the heat sink,
resulting in a slightly less than linear dependence of maximum temperature on wall
load. Inmost cases, this is a small effect, and can hardly be noticed in Figures 5.3.1
and 5.3.2.
It is interesting to note that the slope of maximum temperature (Trna,) vs.
Wall Load (r,) is different for each blanket. (The reasons for this are primarily
discussed in Section 5.4, which examines the effect of the different variations that
each blanket represents.) To examine this effect, it is convenient to define the
temperature rise, A T, as
AT=Tmaz -To (5.11)
where T is the initial temperature of the first wall.
The linear dependence of T,2-M, on r, allows us to express AT as
A T=a, - b (5.12)
where a and b are constants.
Table 5.3.1 gives the values of a and b for the blankets given in Figures 5.3.1
and 5.3.2 for the LOFA and LOCA base cases. These values of a and b were found
for each blanket by simply substituting the data given in Figures 5.3.1 and 5.3.2
into equation (5.12).
The formulation in equation (5.12) allows for comparison of the temperature
response of the various blankets in an interesting manner. The temperature rise in
the blanket is related to three parameters- 1) the total heat produced, 2) the total
heat storage capacity of the blanket, arid 3) the amount of heat that is transferred
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Table 5.3.1 Values of a and b for equation (5.12).
AT = ar - b
LOFA
Blanket a b
#1 64.9 195.5
#2 59.3 -3.24
#3 31.8 31.8
#4 77.7 186.7
#5 74.5 41.0
#6 252.4 104.5
LOCA
Blanket a
#1 77.9 30.0
#2 57.4 -152.3
73 35.6 -162.9
#4 71.5 27.9
60.4 -159.7
6 259.2 104.0
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(5.12)
to the heat sink. The- total heat produced is defined as Qot, such that, in one
dimensional slab geometry,
2days
Qtot = I0 dt 4decay (x, t)dx (5.13)
where X is the total thickness of the blanket. The total heat storage capacity of
the blanket is defined as
Ctot = pcp(x)dx (5.14)
and the heat transferred to the heat sink is
Q s = /2daysQHS = f
o k
4heat sink(t)dt
The amount of heat that goes toward heating the blanket is equal to the total
amount of heat produced minus the amount that is transferred to the heat sink,
i.e., Q,0r - QHs. Using these parameters, the temperature rise in the blanket can
then be represented as
(5.16)AT - Qtot - QHS
ctot
Now, as was stated above, the decay heat density, and thus Qtt is linearly
dependent on the operational neutron wall load. This allows the expression
Qtot = q t'n ( 5.17 )
where q1 is the value Q,,, would equal if the neutron wall load was 1.0 MW/m2
Substituting this into equation (5.16) results in
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(5.15)
AT = t 1  - Q- s (5.18)
Note that equation (5.18) has the same form as equation (5.12) if a and b from
equation (5.12) are defined as
t (5.19)
b = QHS (5.20)
ctot
The representations given in equations (5.19) and (5.20) give insight into the
physical significance of the values a and b given in Table 5.3.1. The parameter a is
the ratio of the decay heat density over the heat storage capacity of a given material
or combination of materials. It is primarily a material property, although different
neutron spectra, i.e., D-D vs. D-T, can influence its value. The parameter b is more
a function of the design of the blanket. It is essentially a numerical representation 4f
the thermal coupling between the first wall and the heat sink. Blankets which have
good conduction paths and high wall emissivities will have high values of b, whereas
blankets which rely on thermal radiation or low conductivity materials (such as the
helium cooled Blanket #2) will have lower values of b.
Ideally, a should be as low as possible, and b should be as high as possible.
Comparisons of the values of a and b for the different blankets and their variations
are made in the Sections 5.4 - 5.6. The following subsection will define maximum
allowable wall loads for four of the blankets thus far considered.
5.3.1 Maximum Allowable Wall Loads
To define the maximum allowable wall load, it is first necessary to define the
maximum allowable temperature rise. In Chapter 3, assumptions were made, based
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on the available material data, regarding the temperatures at which VCrTi and H T-
9 would experience acute structural failure. Also, a model for analyzing the potential
for thermal creep rupture was presented. This was followed by a brief discussion
on the potential for radioactive isotope release. On this basis, the minimum wall
loads required to cause 1) thermal creep rupture, 2) acute structural failure, and
3) radioactive release were determined for each of the four blankets. From these
numbers, maximum allowable wall loads for each blanket can be defined.
The range of wall loads considered for each blanket depends on the operational
value as given by the references and shown in Table 5.2.1. For all the blankets with
a base case wall load of 5 MW/m 2, the range considered is 3 MW/m 2 - 10 MW/M 2.
The range for the RFP Blanket #3 (high power density machine) is 5 MW/m 2 -
20 MW/M 2 , and for the D-D Blanket #6, it is 0.585 MW/rn 2 - 2.34 MW/M 2 (0.5
- 2.0 times the operational value).
Examining a range of wall loads for each design is important for a number
of reasons. First, the cost-of-electricity (COE) generally scales inversely with the
wall load [5.181, thus defining a maximum wall load from a safety perspective will
define the optimum economic design for a given blanket. That is, for the purpose of
comparing different blanket designs on an economic basis, it is useful to know the
maximum allowable wall load for each design. Secondly, the operational wall loads
given in Table 5.2.1 represent an average over the entire area of the first wall. It is
known, however, that because of geometric and plasma shaping effects [5.27], the
wall load will not be constant with respect to the poloidal angle 9. In fact, the peak-
to-average wall load ratio could be as much as 1.5 due to these poloidal effects, or
perhaps even higher, depending on the plasma elongation and the aspect ratio [5.8J.
The high aspect ratio in the RFP.could result in a lower peak-to-average wall load
ratio in that design. No analysis was performed to calculate the peak-to-average
wall load ratio, and a value of 1.5 is assumed for all the blankets. This means that
with a nominal wall load of 5 MW/m 2 , there could exist local "hot spots"which see
a wall load of 7.5 MW/m 2 . To properly examine the effect of these poloidal wall
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load variations would require at least a two-dimensional analysis, and is considered
beyond the scope of this thesis. A conservative approach, however, is to carry out
the I-D analysis at the peaking factor of 1.5 (i.e., wall load of 7.5 MW/m 2 in the
above example). This assumes no transverse heat transfer from a region of peak
wall load to adjacent regions of lower wall load, but essentially comprises a fusion
equivalent to the "hot channel factor"analysis used in fission reactor design [5.191,
and is useful in assessing the true maximum allowable wall load.
The results of the maximum allowable wall load calculations are summarized
in Table 5.3.2, which gives the maximum wall load permissible to avoid the spec-
ified failure in the particular accident scenario, i.e., LOFA or LOCA. Again, the
three failure mechanisms are thermal creep rupture, acute structural failure,. and
critical radioactive release. It is important to note that the wall loads given for
the structural damage failure modes (thermal creep rupture and acute structural
failure) apply to the peak wall load of the reactor. This peak is equal to the average
times the peak-to-average ratio, which could be as high as 1.5. Thus, if the wall
load given in Table 5.3.2 is [0 MW/rn 2, then the maximum permissible average
wall load to avoid a local structural failure at the hot spot is j0 = 6.7 MW/rn 2 .
Conversely, the wall loads given for the critical radioactive release apply to the av-
erage for the reactor. This is because the amount of radioactivity released depends
on the radioactive inventory in the entire first wall, which in turn depends on the
average wall load. Considering this, it is clear from Table 5.3.2 that the passive
safety criterion of preventing structural damage is far more limiting in terms of
operating wall load than the radiation release criterion.
In terms of thermal creep rupture, the wall loads given in Table 5.3.2 represent
estimates at best, since the thermal creep analysis was based on large assumptions
of the actual stess levels and materials data (see Section 3.2 and Appendix A). To
examine the sensitivity of the thermal creep rupture maximum wall load on the first
wall stress, a parametric study varying the stress level was carried out for two of
the cases. These cases are the LOCA in Blanket #3, and the LOFA in Blanket
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Table 5.3.2 Maximum Allowable Peak Wall Loads to Avoid Structural Failure and
Radioactive Release.
Wall Load .(MW/m 2) to Exceed Temperature Limits
Blanket #
1
2
LOFA/
LOCA
LOFA
LOCA
LOFA
LOCA
LOFA
LOCA
LOFA
LOCA
3
6
Thermal Creep Acute Structural
Rupture* Failure*
> lot
V6
~17
~4l
>2.5
>lot
8.8
6.1
3.6
20
11
1.8
1.8
Radioactive
Release**
>10t
>10
>10
>10
>20
~20
>2.5
>2.5
* These wall loads correspond to peak of reactor, which could be 1.5 times the
average.
** Excluding effects of possible lithium fire (Blankets #1 and #3 only). These
wall loads, correspond to average of reactor, and are based on a limit of 200
rem at the site boundary under adverse release condition.
t Wall Load Required is 2 - 5 MW/m 2 greater than maximum analyzed.
Wall Load Required is at least 5 MW/M 2 greater than maximum analyzed.
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#6, because, as is seen from Table 5.3.2; it is the thermal creep failure mechanism
that limits the wall load for these cases. This means that the wall load limit for
these cases may be sensitive to the actual first wall stress level. In the other cases
shown in Table 5.3.2, the wall load is most limited by the acute structural failure
imnechanism,, which was assumed not to be a function of the stress level.
Figure 5.3.3 shows the wall load required to cause thermal creep rupture as a
function of first wall stress for the Blanket -#3 LOCA (E4C2DC) and the Blanket
#6 LOFA (H1C1DC). Note that the relationship between the failure wall load and
the first wall stress is linear for the VCrTi first wall of Blanket #3, and exponential
for the MT-9 first wall of Blanket #6. This arises because the dependence of the
Larson-Miller parameter on stress is linear for VCrTi, and exponential for MT-9
(see Appendix A). The results in Figure 5.3.3 show that the maximum allowable
wall load in Blanket #3 from thermal creep considerations in 10 MW/in 2 , regardless
of the stress. In Blanket #6, the maximum wall load is about 2.5 MW/m 2 . These
wall loads apply to the peak for the reactor, which may" be'1.5 times higher than
the average, due to the poloidal variation.
The wall loads given for acute structural failure are merely the wall loads
required to cause a maximum temperature which exceeds the limits for acute struc-
tural failure given in Section 3.2. These temperature limits were found from extrap-
olation of limited data bases for both VCrTi and HT-9. As such, the numbers in
Table 5.3.2 should not be taken so literally as they should be used for comparison
between designs and for comparison with the nominal values given in Table 5.2.L
Comparison between designs is largely discussed in Section 5.4. Conclusions based
on the maximum allowable wall loads for each design are given below. ft should be
pointed out that for the liquid lithium cooled Blankets #1 and #3, the possibility
and consequences of a lithium fire were not considered in this study. In the event
of a lithium spill, e.g., in a LOCA, exposure of the lithium to air could result in a
chemical fire which might lead to temperatures which exceed those presented here.
In this case, the lithium fire would be the limiting event in terms of thermal safety.
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Figure 5.3.3 Wall Load to cause thermal creep rupture of first wall as a
function of stress level in first wall; Blanket 13 LOCA
(B4C2DC) and Blanket #a LOPA (HICIDC).
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According to Table 5.3.2, Blanket #1 does meet the criteria for inherent ther-
mal safety at the nominal wall load of 5 MW/m 2 for both LOFA and LOCA. Civen
the local hot spot factor of 1.5, resulting in a peak wall load of 7.5 MW/m 2 , it is
seen that a LOCA could lead to thermal creep rupture. This should be a localized
occurrence, however, perhaps contained within one module. This assumes that no
oxidation is allowed to occur. In the event of an oxygen leak into the system, there
is the possibility of severe structural damage, even at low wall loads, due to the
formation of the liquid V2 0 5 oxide (see Section 3.2.2.1). As for radiation release,
it is seen that Blanket #1 could be operated at wall loads much higher than the
nominal (-10 MW/rn 2 ) without significant danger of violating the 200 rem criteria.
The general conclusion to be drawn is that Blanket #1, the Li/Li/VCrTi tokamak,
has excellent inherent safety potential at 5 MW/m 2 .
Regarding Blanket #2, the indication from Table 5.3.2 is that the blanket
could survive a LOFA at the nominal wall load of 5 MW/m 2 if the helium coolant
could be sufficiently de-pressurized to eliminate the high pressure stress in the first
wall, without being completely removed. Completely removing the helium would
eliminate the conduction path from the first wall, and would essentially constitute
a LOCA. Reliance on a system that depressurizes the coolant in the event of a
LOFA does not constitute inherent safety unless the system operated passively, in
which case no operator intervention would be required to prevent damage. At local
hot spots, it is likely that acute failure would occur in a LOFA. In the LOCA,
it is interesting to note that the wall load required to cause acute failure is lower
than that required to cause thermal creep rupture. This is purely the result of the
assumptions made about the first wall stress level and the temperature at which
acute failure occurs. In any case, the indication is that gross acute structural
failure would occur. This is largely due to the first wall design of Blanket #2. More
discussion on this issue is given in Section 5.2.3. As for radiation release, Blanket #2
should be able to operate at higher wall loads (-10 MW/m 2 ) without danger. The
conclusion to be drawn here is that, in terms of radiation safety, Blanket #2 can be
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considered inherently safe at wall loads significantly above the nominal 5 MWm/ 2 .
In terms of plant protection, however, because of the potential for structural failure,
Blanket #2 does not meet inherent or passive safety criteria at the nominal wall
load, or at wall loads significantly below the nominal value.
Given its high nominal wall load (15 MW/m 2 ), Blanket #3 can have serious
safety problems. The indication from Table 5.3.2 is that thermal creep rupture will
occur at wall loads only slightly above the nominal value in the LOFA scenario, and
significantly below the nominal in the LOCA scenario. With the assumed local hot
spot factor of 1.5, it is seen that a LOFA can also lead to acute structural failure.
A LOCA will almost certainly lead to severe structural damage, even at wall loads
well below the nominal. Finally, considering the existence of local hot spots, it is
seen that a LOFA, and especially a LOCA, can result in a substantial radiological
release. This is the only case considered in this study which has significant potential
for large scale radiation release, and represents a statement of caution the case for
high power density machines. The conclusion is that Blanket #3 is not inherently
safe, and that the effort to assess the viability of high power density machines should
include a substantial safety program to define both design approaches and limiting
conditions for passive safety.
In contrast to Blanket #3, the D-D Blanket #6 operates at a low nominal
wall load (1.17 MW/M 2 ). Table 5.3.2 indicates that at this wall load, a LOFA will
lead to thermal creep rupture, but, as for Blanket #2, this depends on the ability
to depressurize the coolant in the first wall. If this problem can be solved, then
even with a local hot spot factor of 1.5, Blanket #6 should survive both LOFA and
LOCA. The safety margin for this is small, however, and thus operation at higher
wall loads is not advisable. This shows that, because of its low power density and
hence low operational neutron wall load, the D-D fuel cycle offers a significant safety
advantage. The safety performance of Blanket #6 is severely hindered by the fact
that the blanket is optimized for blanket iiiultiplication by consisting primarily of
steel (see Sections 2.6 and 4.4). This results in a high decay heat density, and thus
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a high maximum temperature after both LOFA and LOCA, considering the low
wall load. Note in Table 5.3.1 that Blanket #6 has by far the highest value of the
parameter a, which represents the ratio of decay heat to thermal capacity of the
blanket. From an inherent safety viewpoint, it would be advantageous if some of the
blanket multiplication capability was traded for increased safety by using less steel
and more low activation material in the blanket. The lower temperature rise wouild
allow for operation at higher wall loads and perhaps better economic performarice.
The conclusion is that the D-D blanket is inherently safe at the nominal wall load,
but could be redesigned with the goal of an increased thermal safety margin.
5.4 Impact of General Variations
In Sections 5.2 and 5.3, the temperature responses of the four blankets which
represent four different design approaches were examined. In this section, the im-
pact on the temperature response of a number of general variations is analyzed.
This includes the effect of different materials, different reactor types, and variations
of the base case parameters presented in Table 5.2.1. The purpose of this section is
to examine the effect of these variations in order to develop generic design guidelines
to keep the temperatures reached in the event of LOFA or LOCA as low as possible.
The variations of the base case parameters presented in Table 5.2.1 are given in
Table 5.2.2, which outlines the different cases analyzed. Note that Case I and Case
2 are the base case LOFA and LOCA respectively. Most of the analysis involves
these cases. In later sections, the variations include the wall emissivities and the
availability of the heat sink. Table 5.2.2 will prove convenient in distinguishing the
different cases for the purposes of comparison.
5.4.1 Materials Impact
A significant amount of work has been done to quantify the impact of mate-
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rials choice on fusion safety [5.2,5.3,5.20,5.211. This subsection examines the issue
further in attempt to add to the overall understanding of the materials impact. The
materials impact on the decay heat density, which is an important aspect of the
safety analysis, is discussed in Chapter 4.
5.4.1.1 Fe1422 vs. MT-9
In Section 4.2.1.4, the decay heat behavior of the structural steels Fel422 and
MT-9, both of which are considered for the bulk material in the manifold region
of Blankets #1 and #3, are compared, with the conclusion that Fe1422 produces
decay heat levels that are as much as an order of magnitude higher than MT-9.
The indication is that using Fe1422 instead of MT-9 as the manifold material will
result in a more adverse temperature response to LOFA/LOCA events. It is useful
and illustrative to quantify this effect.
Figure 5.4.1 displays the temperature vs. time response of the first wall of two
variations of Blanket #1, one with all Fe1422 manifold (Al) arid one with an MT-9
manifold (A2), to a base case LOFA. The MT-9 case is the same as that shown in
Figure 5.2.1 and discussed in Section 5.2.2. In this case (A2), the temperature never
exceeds 700 'C, and this represents an inherently safe response to this accident. As
is seen in Figure 5.4.1, the temperature response of the blanket with the Fe1422
manifold (Al) is markedly different. The temperature exceeds 1100 *C in less than
10 hours, and the thermal creep rupture fraction at 48 hours (see Table 5.2.3) is
about 0.22, which is significantly high. This dramatic difference is due solely to the
additional decay heat produced by the Fe1422. As is discussed in Section 4.2.1.3,
Fe1422 has a high manganese content, and it is this element that is the source of
most -of the decay heat. Recommendations regarding the use of Fe1422 are made in
Sections 4.2.1.3 and 4.2.1.4. It is clearly not suited for any application within the
blanket itself, where it will be subject to high neutron fluxes. On the basis of these
results, the economic penalty incurred by using MT-9 in the place of Fe1422
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Figure 5.4.1 Effect of Manifold Material on First Wall Temperature History
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is justified.
5.4.1.2 Li/Li/V vs. LiPb/LiPb/V (Blanket #1 vs. Bla-iket #4)
As is discussed in Sections 2.4 and 4.2.2, Blankets #1 and #4 are identical
except for the breeder material, and the fact that the first wall thickness of Blanket
#4 is 0.25 cm greater than that of Blanket #k t to accomodate the heavier LiPh. The
effect of this thicker first wall on the temperature response should be negligible, since
it represents a very minor increase in the overall structure content of the blanket.
and thus comparing these two blankets should give a good indication of the relative
thermal safety of liquid lithium and lithium-lead.
The decay heat behavior of these breeder materials is discussed in Section
4.2.2. Briefly, assuming essentially complete tritium removal [5.22], liquid lithium
contributes virtually no decay heat to the overall system. Lithium-Lead, on the
other hand, produces isotopes of lead which do contribute significantly to the overall
decay heat of the blanket. Furthermore, the volumetric heat capacity (pe,) of
lithium is -50% higher than that of LiPb in the temperature range of interest [5.4],
and the thermal conductivity of lithium is as much as a factor of three higher than
LiPb [5.23].
The combination of these three effects can be seen in Table 5.3.1 by noting
the values of a and b for Blankets #1 and #4 in the LOFA case. The increased
decay heat and decreased heat capacity lead to a higher value of a for Blanket #4
(about 20% higher), whereas the lower conductivity leads to a lower value of b. The
difference in the value of b is small, mainly because the limiting heat transfer path
in the LOFA for both of these blankets is the radiation from the blanket to the
shield and the shield to the heat sink, thus the breeder material conductivity has
only a small effect.
Figure 5.4.2a gives the temperature vs. time response of the first wall to the
199
Figure 5.4.2a Effect of Breeder Material on First Wall Temperature History
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base case LOFA for Blankets #1 and #4. Note that, as expected, the Blanket
#4 temperature is higher, but the difference is small. However, the higher value
of a in Table 5.3.1 indicates that at higher wall loads, the difference will be more
pronounced. For both the base case LOFA and LOCA, the maximum temperature
vs. wall load for these two blankets is given in Figure 5.4.2b. Note that in the
LOFA case, the difference in the maximum temperatures increases with wall load,
with Blanket #4 experiencing the higher temperatures.
Comparing the temperature responses of Blankets #1 and #4 to the LOCA re-
veals an interesting effect. Note from Figure 5.4.2b that the maximum temperatures
reached in the LOCA are actually lower in Blanket #4. Since the LOCA assumes
a complete coolant drain, the LiPb is not present, thus does not contribute to the
decay heat. During operation, however, the 30% "Li enriched LiPb in Blanket #4
captures more thermal neutrons than does the natural enrichment liquid lithium in
Blanket #1. The effect is that in Blanket #4, less neutrons are captured by the
VCrTi and MT-9 structure, since more are captured in the breeder material. Thus
the decay heat contribution of the structural material is actually less in Blanket #4
than in Blanket #1. Note in Table 5.3.1 that the value for a in the LOCA case is
less in Blanket #4 than in Blanket #1. The higher Tax VS. r' slope this implies
for Blanket #1 is visible in Figure 5.4.2b and is due to the higher decay heat in
Blanket #1 in the LOCA case. This has a potentially important impact on thermal
safety, particularly in blankets which use a structural material where most of the
decay heat comes from slow neutron-induced group 1 isotopes (see Section 4.2.3),
such as VCrTi. Increasing the 'Li enrichment will increase the slow neutron ab-
sorption in the breeder material (and increase the tritium breeding ratio), and thus
decrease the (n,-y) capture rate in the structural material. This will result in a lower
decay heat, especially in a LOCA, where the coolant/breeder material is assumed
to have drained. The lower decay heat leads directly to a lower temperature rise.
This idea was originally proposed by Cheng in the TITAN study [5.15,5.24], and
deserves further review for its potential impact on thermal safety.
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The conclusion is that, in the event of a LOFA, -the lead isotopes produced
by LiPb will increase the decay heat, and thus the maximum temperature reached,
over that of a liquid lithium blanket. However, due to neutronic effects, the decay
heat level in the structure of the LiPb blanket will be less than that of the lithium
blanket, and thus the temperature rise in the event of a LOCA will be lower in
the LiPb blanket. The lower structural decay heat level can be realized in lithium
blankets as well, by increasing the. Li enrichment.
5.4.1.3 Effect of Neutron Multiplier (Li2 0 /He/MT-9 vs. Li2 O/He/MT-9/De)
Blanket #5 is identical to Blanket #2 except for the inclusion of beryllium in
the first breeder region. As mentioned in Section 2.5, this is to improve the marginal
tritium breeding ratio of Blanket #2. The impact of the inclusion of beryllium on
the decay heat density is discussed in Section 4.2.3. Briefly, due to an overall
increase in the neutron flux, especially the lower-energy flux, the multiplier causes
about a 15% increase in the decay heat produced over two days. The increase over
shorter periods is even greater (-25% after one hour). The effect that the inclusion
of beryllium has on the temperature response to LOFA/LOCA is discussed here.
The values of a in Table 5.3.1 for Blankets #2 and #5, for the LOFA case,
give an indication of the effect of the increased decay heat density in Blanket #5.
The value of a for Blanket #5 is fully 25% higher than that of Blanket #2. This
effect is seen graphically in Figure 5.3.1. Note in Table 5.3.1 that the value of
b for Blanket #5 is higher than that of Blanket #2. There are two reasons for
this. First, the higher temperatures reached in Blanket #5 make the radiative
heat transfer mechanism more effective. Second, the high thermal conductivity
of beryllium improve the overall conductivity through the main breeder region of
Blanket #5.
Note from Table 5.3.1 that in the LOCA case, neither of the above effects are
seen. The value of a for the two blankets are very similar, and the value of b is lower
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for Blanket #5. The values of a and b in the LOCA case for these two blankets
are misleading, due to the non-linear dependence of maximum temperature on wall
load at the high temperatures reached in these blankets. This non-linear behavior
can be seen in Figure 5.3.2. The vElue of a is calculated by drawing a straight line
through the two endpoints in Figures 5.3.1 and 5.3.2. It is seen that in the LOCA
case of both Blankets #2 and #5, this underestimates the value of a, and hence
overestimates the value of b. While some insight can still be gained by examining
the values of a and b in these cases, care must be taken not to interpret their exact
values too literally.
For the most part, the maximum temperatures reached in Blanket #5 are
similar to those reached in Blanket #2. The difference becomes significant at high
wall loads in the LOFA case. Due to the greater sensitivity of maximum temperature
to wall load of Blanket #5, the minimum wall load required to exceed the acute
structural failure temperature limit in the base case LOFA is only 5.7 MW/m 2 , vs.
6.1 MW/m 2 for Blanket #2. This difference is small but potentially significant,
given the poloidal variation of the wall load discussed in Section 5.3. As in Section
4.2.3, the conclusion is that the use of beryllium in the breeder region to improve
blanket performance will have a negative impact on the safety margin of the blanket.
This point should be considered when assessing the viability of blankets that require
a neutron multiplier.
5.4.1.4 Li/Li/V vs. Li 2 O/He/MT-9 (Blanket #1 vs. Blanket #2)
Blankets #1 and #2 are different both in terms of the materials and their
geometric configurations. In particular, the first wall design of Blanket #2 allows
only for radiative cooling during a LOCA, which results in a high maximum first
wall temperature (see Section 5.2.3 for additional discussion). In a LOFA, however,
all the materials are present, and while the geometric differences affect the results,
it is useful to compare the temperature responses of these two blankets to examine
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the materials impact.
Tlihe maximum temperature vs. wall load during a LOFA for both of these
blankets is plotted in Figure 5.3.1, while the values of a and b from equation (5.12)
are given in Table 5.3.1. Note that a, which represents the ratio of decay heat
produced over total heat capacity, is similar for both blankets. While MT-9 pro-
duces-more decay heat per unit volume (J/cm3 ) than VCrTi, the volumetric heat
capacity (pep) of MT-9 is almost a factor of two higher than that of VCrTi at the
temperatures of interest. The result is that the value of a for Blanket #2 is slightly
lower than that of Blanket #1. The real difference between these blankets is in the
thermal coupling between the first wall and the heat sink.
During a LOFA, the primary pathway in both blankets for heat to go from the
first wall to the back of the blanket is via conduction. In Blanket #1, the conduction
medium is liquid lithium and VCrTi in the first wall and blanket regions, MT-9,
VCrTi, and lithium in the manifold region, and finally a pure VCrTi second wall
(see Figure 2.1.1). All of these materials have good thermal conductivities [5.41. In
Blanket #2, the conduction medium is pure helium in the first wall region, which
has poor thermal conductivity [5.51, then MT-9, helium, and Li2 0 throughout the
remainder of the blanket. Of these, only MT-9 has good thermal conductivity, and
the volume fraction of MT-9 in the blanket is fairly low (see Figure 2.2.1). The
thermal conductivity of Li2 O is a subject of concern and is much lower than that
of liquid lithium.
Figure 5.4.3 shows the temperature gradient across Blankets #1 and #2 fol-
lowing a LOFA at the time that the first wall reaches its maximum temperature.
This is 34 hours for Blanket #1 and 1.5 hours for Blanket #2. Note that both
blankets have the same initial temperature distribution. Figure 5.4.3 also gives the
temperature gradient across Blanket #1 at 1.5 hours for comparison with that of
Blanket #2. Note that the gradient across Blanket #1 at 1.5 hours is relatively
flat, as it is at 34 hours. Immediately after the LOFA initiates, the temperature
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Figure 5.4.3 Effect of Blanket Materials on Spatial Temperature Distribution
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gradient across Blanket #1 flattens out, due to the good thermal coupling from front
to back. The temperature of the entire blanket then begins to rise almost uniformly
clue to decay heating, until it reaches its maximum (at 34 hours), at which time
it begins to decrease. Blanket #2 clearly exhibits very different behavior. The
poor conductivity of helium leaves the first wall almost thermally insulated, so the
first wall- temperature rises sharply after initiation of the LOFA. Note the steep
gradient across the first six centimeters of Blanket #2, followed by another region
of moderate gradient. This second region is primarily LisO, which also has fairly
poor thermal conductivity.
The poor thermal coupling between the first wall and heat sink in Blanket #2
is exhibited by the low value of b in Table 5.3.1. The result is that the first wall of
Blanket #2 reaches a much higher maximum temperature than that of Blanket # 1.
For this reason, the maximum allowable wall loads to avoid the structural failure
are much lower in Blanket #2 (see Table 5.3.2). In fact, note from Table 5.3.2 that
either thermal creep rupture or acute structural failure will occur in Blanket #2 at
the nominal wall load after a LOFA or LOCA. -The apparent solution to the poor
thermal coupling problem is to include conduction paths between the first wall and
the bulk of the blanket. These could consist of perforated steel plates connecting
the two first wall slabs (see Figure 2.2.2) to each other and to the breeder plates in
the blanket region. Whether such plates would introduce problems regarding the
operation of this blanket, such as restricting the coolant flow or introducing high
thermal expansion-induced stresses, is unclear, and should certainly be analyzed.
If it turns out that these problems would exist, then from the viewpoint of thermal
safety, the recommendation is that helium-cooled blankets with designs similar tt
Blanket #2 should be avoided.
Comparing the response to the base case LOCA of these two blankets yields
an interesting result. Note from Table 5.3.1 that Blanket #1 still has much better
thermal coupling (higher value of b) than Blanket #2. The value of a for. Blanket
#1, however, is significantly higher than that of Blanket #2. This is because
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in a LOCA, the liquid lithiiuIm of Blanket #1 drains away. Recall from Section
4.2.2.1 that liquid lithium produces essentially no decay heat, and thus its presence
effectively represents a heat sink. Thus, when the lithium drains away, there is a
significant loss of heat capacity, but no corresponding decrease in the total decay
heat production. This drives up the value of a. On the other hand, the solid Li 2O
breeder in Blanket #2 is present in both a LOFA and a LOCA, so the value of
a for these two cases in Blanket #2 remains essentially unchanged. The result is
that at lower wall loads (< 8 MW/im2 ), the better thermal coupling of Blanket # I
over Blanket #2 yield a lower maximum temperature in Blanket #1. At wall loads
above 8 MW/m 2 , however, the maximum temperature reached in the base case
LOCA in Blanket #1 is higher than that of Blanket #2, due to the higher value
of a in Blanket #1. The conclusion is that while liquid lithium is an excellent heat
sink and heat conduction medium in the event of a LOFA, the fact that it may drain
in a LOCA leaves the blanket at a potential thermal safety disadvantage. Designs
that prevent the complete drainage of lithium, such as TITAN (see Section 5.2.4),
will alleviate this problem and greatly enhance the safety margin of the blanket.
5.4.2 Impact of Shield/Coil. Geometry (Tokamak vs. Reversed-Field-Pinch)
The basic material compositions of Blankets #1 and #3 are very similar. That
is, they are both self-cooled liquid lithium blankets with VCrTi structure (see Fig-
ures 2.1.2 and 2.3.1). They both contain reflector/manifold regions which consist
mostly of steel (MT-9). The difference is in the fact that the RFP Blanket #3 has
copper coils, and does not require the large magnet shield that is seen at the back
of Blanket #1. The impact that this geometric difference has on the temperature
response to LOFA/LOCA is examined in this section.
Note from Table 5.3.1 that the value of a, in both the LOFA and LOCA cases,
for Blanket #3 is less than half that of Blanket #1. This is due to the fact that
Blanket #3 lacks the magnet shield found in Blanket #1. The shield in Blanket #1
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consists of 90% Fe1422, which produces a very high decay heat density. Note from
Figure 4.2.1 that the shield produces almost half of the decay heat in Blanket #1
at shutdown, and more than half after one hour. This is the reason that the value
of a is higner for Blanket #1 than for Blanket #3. Replacing the Fei422 shield
in Blanket #1 with an MT-9 shield reduces the value of a by 30%, to about 45 in
the LOFA case. Blanket #3 has only the copper coils behind the blanket, which
produce very little decay heat but provide a significant amount of heat capacity,
resulting in the small value of a for this blanket. The indication is that Blanket #3
is actually less sensitive to wall load variations, and can be operated at a higher wall
load, than Blanket #1. Using a low activation material for the shield in Blanket
#1 would result in the same advantage for the tokamak blanket.
The value of b in Table 5.3.1 is significantly lower for Blanket #3 than for
Blanket #1. There are two reasons for this. First, the conductivity through Blanket
#3 is slightly lower than that of blanket #1, due mainly to the higher concentration
of steel in the manifold region (see Figures 2.1.2 and 2.3.1). Figure 5.4.4 gives the
temperature vs. radial distance profile for the two blankets under base case LOPA
conditions, at the time at which the maximum first wall temperature is reached in
each blanket. Note that the slopes are very similar for the first 32 cm, where both
blankets consist of similar fractions of lithium and VCrTi. Beyond that, Blanket #3
consists of a manifold region which contains 80% steel, 10% VCrTi, and 10% lithium,
as opposed to 60% steel, 10% VCrTi, and 30% lithium in the manifold region of
Blanket #1. Because of the relative conductivities of these three materials [5.41,
the conductivity in this region is slightly lower in Blanket #3 than in Blanket #1,
causing a larger temperature gradient and a lower value of b in Blanket #3. The
second reason has to do with the initial temperature distribution. In Blanket #1,
the initial temperature distribution is given in Figure C.2.1 (Appendix C), and has
a slight gradient from the first wall to the back of the blanket. Thus, immediately
after accident initiation, the temperature of the first wall drops as this gradient
flattens out. This contributes to a higher value of b. On the other hand, Blanket
209
I I,--
Figure 5.4.4 Effect of Blanket Materials on Spatial Temperature Distribution
Following LOPA, Blanket #1 (A2CJPL) vs. Blanket #3 (B4-CJPL)
10 20 30
Radial Distance
40 50 60
(cm)
210
800
700
V
-*)
a.)
;S
a.)
600
500
- Blanket #3 E4 - 6 Hours
-- - -Blanket #1 AZ - 34 Hours
-- 
-i
400
0
#3 has an initial temperature distribution which is assumed to be flat, i.e., the
initial temperature is constant across the blanket [5.15). This initial distribution
is shown in Figure C.2.2 (Appendix C). Thus, after accident initiation, there is no
initial temperature drop in the first wall. This leads to a lower value of b. The base
case LOFA was analyzed for Blanket #3 with an initial temperature distribution
similar to that of Blanket #1. The resulting value of b was -140.3, which shows that
most of the difference between the value of b for Blanket #1 and that of blanket
#3 is due to the intitial temperature distribution. The thermal coupling between
the first wall and heat sink of the two blankets is actually very similar.
5.4.3 Availability of Heat Sink
In the base case scenarios presented in Section 5.2.1, it is assumed that heat
will radiate from the back of the shield (or coil in Blanket #3) to some constant
temperature heat sink. The fact that this heat sink is removing heat from the system
is what causes the temperature to reach a maximum and then decrease. As was
stated, in all of the cases, the first wall temperature is decreasing after 48 hours. Lor
instance, in the tokamak blankets, the magnet coil is behind the shield. It is assumed
that this coil does not lose cooling, and thus remains at a constant temperature
(see Section 5.2.1.2). The shield, therefore, radiates heat to the coil, but the coil
remains at a constant temperature, regardless of how much heat it absorbs from
the shield. In this way, the coil represents a constant temperature heat sink. It is
possible, however, that there will be no "constant temperature"heat sink. That is, it
is possible that the coil will also lose cooling, and thus will experience a temperature
rise. This would reduce the effectiveness of the coil as a heat sink. In the worst
case, the coil temperature would be the same as the shield temperature, and thus
no heat would be transferred from the shield to the coil. In essence, this would
mean that the shield is insulated, that is, there is no heat sink. The sensitivity to
the heat sink availability of some of the blankets is examined in this section.
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The thermal coupling of the first wall to the heat sink is represented numeri-
cally by the parameter b in equation (5.12) and Table 5.3.1. Having no heat sink
essentially means that b will be zero. Blankets with high values of b will be most af-
fected by the lack of a heat sink, since the maximum temperatures in these blankets
are kept low by the good thermal coupling. Blankets with low values of b, which are
not well coupled to the heat sink anyway, should not be as sensitive to availability
of the heat sink.
The undercooling cases of interest in this analyis are Case 1 (base case LOFA)
and Case 4. Note in Table 5.2.2 that the parameters for Case 1 and Case 4 are the
same except for the heat sink availability. Case 1 assumes the presence of a constant
temperature heat sink. Case 4 assumes there is no heat sink, that is, that the back
of the shield is insulated. Figures 5.4.5a and 5.4.5b give a graphic illustration of
the impact of heat sink availability, by comparing the temperature response of Case
1 with that of Case 4. Each of these figures is a temperature vs. wall load plot.
Figure 5.4.5a is for Blanket #1, and Figure 5.4.5b is for Blanket #2.
In Case 1, the temperature reaches a maximum and then decreases, as more
and more heat is radiated to the heat sink. Call the time at which this maximum
is reached tma, (hours). Recall from the discussion in Section 5.4.1.4 that tmaz
is about 34 hours in Blanket #1, and tma, is about 1.5 hours in Blanket #2. In
contrast, there is no heat sink in Case 4, so all of the heat produced will remain
in the blanket/shield system. This means the temperature will continue to rise
indefinitely. For this reason, plotting the maximum temperature in Case 4 is not
meaningful. No maximum is ever really reached. Instead, what is plotted for Case 4
is the first wall temperature at tma,. Again, tma, is the time at which the maximum
temperatute is reached in Case 1.
Figure 5.4.5a is for the first wall of Blanket #1. It compares the Case I tem-
perature at 34 hours with the Case 4 temperature at 34 hours. Figure 5.4.5b is for
the first wall of Blanket #2. It compares the Case 1 temperature at 1.5 hours with
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the Case 4 temperature at L5 hours. In Case 1, these are the maximum tempera-
tures, that is, the Case I temperatures shown in Figures 5.4.5a and 5.4.5b are the
same as those shown in Figure 5.3.1 for Blankets #1 and #2 respectively.
Note that for Blanket #1 (Figure 5.4.5a), there is a small but significant dif-
ference in the temperatures reached when the heat sink is available as opposed to
when it is unavailable. This is as expected, given the high value of b for the Blanket
#1 LOFA in Table 5.3.1. For Blanket #2, the temperatures for the two cases are
exactly the same. This indicates that the presence (or absence) of a heat sink has
no effect on the maximum temperatures reached in Blanket #2, which is also the
indication given by the low value of b in Table 5.3.1 for the Blanket #2 LOFA.
Regarding the maximum temperature reached in the first wall in the first 24
hours, the availability of a heat sink will have a small effect on those blankets which
are well coupled to the heat sink (high value of b), and no effect on those blankets
which are not well coupled to the heat sink. Regarding the overall temperature
vs. time behavior of the first wall (and the rest of the blanket), however, heat sink
availability is of major concern. Whereas in all the cases presented in the previous
sections show the first wall temperature decreasing after 48 hours, it is clear that
with no heat sink, the temperature will continue to rise. Figure 5.4.6 shows the
temperature vs. time behavior of the first wall of Blanket #1 to the Case I LOFA
and the Case 4 LOFA. The behavior shown in Figure 5.4.6 is expected, and does
not really provide any additional insight into the temperature response behavior.
It merely should be stated that the presence of a heat sink is important for long
times after accident initiation.
5.4.4 Wall Radiative Emissivity
Compared to conduction, heat transfer via radiation is inefficient, except at
high temperatures. For this reason, the limiting pathway for heat to go from the
first wall/blanket to the heat sink are the radiation gaps between the blanket and
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the shield and between the shield and the heat sink. This makes the value of
radiative emissivity c on the walls at the back of the blanket, the front and back of
the shield, and the front of the heat sink, very important. This parameter represents
a significant uncertainty in the temperature response of the first wall, and thus it
is important to determine the sensitivity of the first wall temperature response to
its value.
In all of the cases presented in the previous sections, the emissivity of the
surfaces at the back of the blanket, the front of the shield, the back of the shield,
and the front of the heat sink is 0.5 (see Section 5.2.1; note exception of Section
5.4.3). The values of emissivity of all of these surfaces, as well as of the surfaces
in the interior of the blanket, were varied in a parametric study to determine the
effect on the temperature response.
As in Section 5.4.3, it is expected that the blankets most affected will be those
with high values of b, since these rely most on good coupling between the first wall
and heat sink to keep the maximum temperatures down. Decreasing the enissivity
across the gaps will inhibit the thermal coupling and cause a decrease in the value
of b, and hence an increase in the maximum temperature.
Figures 5.4.7a and 5.4.7b show the temperature vs. wall load for Blankets #1
and #2 for the base case LOFA (Case 1) and the Case 3 LOFA, which is the same
as the Case I LOFA except the emissivity across the vacuum gaps is 0.10 (see Table
5.2.2). As for Figures 5.4.5a and 5.4.5b (see Section 5.4.3), the temperature given
for Case 3 is the temperature at the time that the maximum is reached in Case 1,
t a,. In almost all the instances'considered, the Case 3 temperature is still rising
after 48 hours, due to the reduced thermal coupling to the heat sink. Thus it is more
appropriate to consider the temperature at Imax than the actual Case 3 maximum
temperature.
The results, as expected, are similar to those given in Section 5.4.3. Blanket #2
temperatures are essentially identical in the two cases, indicating that the maximum
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temperature in this blanket does- not depend on therm-al coupling- to the heat sink.
In Blanket #1, there is a large difference in the temperatures reached, in fact,
much larger than in Figure 5.4.5a. This indicates that the maximum temperature
reached in the first wall of Blanket #1 is more sensitive to the coupling of the first
wall to the shield than the first wall to the heat sink. That is, the 'dumping"of heat
from the blanket to the shield is more important in keeping the first wall/blanket
temperatures down than the dumping of heat from the shield to the heat sink.
Thus, while it was determined in Section 5.4.3 that the heat sink availability was
not especially important in terms of the maximum first wall temperature reached
within the first 48 hours, it is clear that coupling to the shield is very important.
This poses an interesting design problem.
The shield is operated at a low temperature, and the heat deposited in it
is essentially wasted, that is, is not recovered in useful form [5.4]. For this reason,
effort is made to reduce the fraction of the total heat which is deposited in the shield
during operation [5.4,5.25]. There are two ways in which this can be achieved for
a given blanket. The first way is to increase the blanket thickness, which (lecreases
the number of neutrons that leak through to the shield [5.25]. The second way
is to reduce the thermal coupling between the blanket and the shield, such that
heat deposited in the blanket is not transferred to the shield and subsequently
lost. That is, during operation, blanket performance is enhanced if the blanket is
thermally insulated from the shield. This is the primary purpose of the vacuum
gap between the blanket and the shield - to reduce the amount of heat that is lost
to the shield during operation. On this basis, it would be desirable to keep the
radiative emissivities of the structural walls on either side of this gap as low as
possible. Doing this, however, will have adverse effects on the safety margin of the
blanket, as is indicated in Figure 5.4.7a.
The problem is to find a trade-off between the degree of blanket insulation
required for acceptable normal operating performance.(i.e., power output), and the
level of thermal coupling between the blanket and the shield required for thermal
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safety. The trade-off evolves because any mechanism which further insulates the
blanket from the shield, while improving the operational performance of the blanket,
will represent a sacrifice in safety. Conversely, any mechanism which improves the
thermal coupling between the blanket and the shield will yield a safety benefit, but
will also mean an economic penalty (i.e., lower power output, more waste heat).
The ideal solution would be to keep the blanket insulated frormi the shield
during operation, but design a mechanism which would improve the heat transfer
between the blanket and the shield in the event of an accident. An example of
this type of solution would be to maintain the vacuum gap during operation, but
allow the reactor cover gas into this vacuum gap in the event of an accident. This
would greatly enhance the heat transfer between the blanket and the shield, and
thus reduce the maximum temperature reached in the first wall after the accident.
Precisely how to accomplish this is uncertain, but it may be possible to design a fail-
safe valve which would open either at accident initiation (sudden plasma shut-off)
or when the temperature at the back of the blanket reaches a specified limit. There
are also some problems associated with this approach. Most importantly, if the
cover gas contains any oxygen, allowing it to come in contact with the hot blanket
structure would cause oxidation. This is especially a problem with vanadium (see
Section 3.2.2). In blankets that use liquid lithium, oxygen-carrying gases would
also increase the likelihood of a lithium-oxygen fire. This approach requires strict
control of the content of the reactor cover gas, and it may not be practical. ft is
perhaps more reasonable to ensure that the structural surfaces on either side of
this gap have higher radiative emissivities. While this would increase the heat loss
to the shield during operation, it has the benefit of enhanced thermal safety for
undercooling events.
The radiative emissivity of in-blanket structural surfaces is much more con-
strained than that of the outside walls. Making the surface rough, or putting
an oxide layer on it, will increase the emiss .ity [5.26]. However, either of these
rnechanisnis will weaken the corrosion resistance of the structure [5.41. In terms of
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corrosion resistance, it is best- to have a shiny, smooth, impurity-free surface. This
will generally result in a low emissivity. This is the basis for choosing an emissivity
of 0.10 as the base case value for in-blanket surfaces (see Section 5.2.1).
Civen these constraints, it is not likely that the in-blanket surfaces can be
machined for high emissivity the way the outside walls can. However, it is possible
that as a result of corrosion, these surfaces can become rougher and penetrated
with corrosive (coolant impurity) elements [5.4]. This in turn can increase the
emissivity of the surface. Furthermore, Sparrow and Cess [5.26] report that after
repeated heating and cooling, the emissivity of stainless steel will increase. The
result is that, while at the beginning-of-life the emissivity of in-blanket surfaces will
likely be low due to the desirability of smooth, shiny surfaces, the emissivity can
experience a substantial increase during, operation, due to corrosion and thermal
cycling.
To examine the effect of varying the emissivity of in-blanket structures, the
Case 6 LOCA (see Table 5.2.2) was run for Blankets #1 and #2. The Case 6
LOCA is the same as the Case 2 (base case) LOCA except the emissivity of in-
blanket structures is 0.50 (instead of 0.10). Figure 5.4.8a shows the maximum
temperature reached in the first wall of Blanket #1, as a- function of wall load, for
these two cases. Note that there is a significant difference (up to 200 'C). This is
due solely to the enhanced thermal coupling of the first wall to the heat sink as a
result of the increased emissivity. The value of b for the Case 6 LOCA for blanket
#1 is 134.1, which is substantially higher than the base case LOCA value of 30.0.
Also, the value of a is slightly lower for Case 6. While the ratio of decay heat to
heat capacity is the same for the two cases, there is a slight non-linear effect (see
Section 5.3) which favors the case with the higher b value.
The Blanket #2 results are shown in Figure 5.4.8b. Note that there is a very
large difference in maximum temperature reached, especially at low wall loads. The
value of b for the Case 6 LOCA in Blanket #2 is 175.6, which is even higher than
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Figure 5.4.8a Effect of Emissivity of in-Blanket Structures on Maximum
Pirst Wall Temperature After LOCA in Blanket #1 - A2C2DC vs. A2C6DC
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Figure 5.4.8b Effect of Emissivity of in-Blanket Structures on Maximum
Pirst Wall Temperature After LOCA in Blanket #2 - D4C2PL vs. D4CSPL
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the Blanket #1 value. This is because with the increased emissivity, radiation heat
transfer becomes more efficient than conduction, especially at high temperatures.
The conclusion is that the maximum temperature reached in the first wall is
sensitive to the radiative emissivity of the in-blanket structures, especially (luring
a LOCA, when the lack of coolant implies that radiation is the only available heat
transfer path. ft is likely that these emissivities will be low, due to the coustraints
on the structural surface characteristics and coolant purity as a result of corrosion.
H~owever, given its potential impact, further investigation into the emissivity of these
surfaces, particularly after operation, is warranted.
5.4.5 Continued Plasma Burn
At accident initiation, i.e., pump failure or pipe rupture, it is not likely that
the plasma 'vill immediately stop burning. In fact, the plasma will continue to burn
until some outside event causes it to cease. This could be an excessively high first
wall temperature, which would cause ablation of the first wall, resulting in a high
influx of impurities into the plasma, thus quenching it. Or, the plasma could be.
shut off by some operator (or automatic) action, such as magnet shut-off, or turning
off the pellet injector (plasma fueling) or auxiliary heating. Calculations were done
to determine the time-to-failure of the first wall in the event the plasma continues
to burn after cooling is lost. These calculations are presented in Chapter 7. For
the purposes of the analyses presented in this chapter and in Chapter 6, however, a
detailed analysis of the plasma burn rate vs. time behavior after undercooling acci-
(lent initiation was considered beyond the scope of this work. Thus, the simplified
plasma shutdown time was taken as shown in Figure 5.1.2. Additional discussion re-
garding the assumption of continued plasma burn vs. immediate plasma shut-off is
given in Section 5.2.1. The uncertainty surrounding these assumptions warrant that
the impact of continued plasma burn on the temperature response be examined.
As far as the maximum first wall temperature is concerned, it is expected
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that blankets in which the first wall is thermally well coupled to the rest of the
blanket will not show a large difference between the continued-plasma-burn (PL)
and decay-heat-only (DC) cases. Blankets wih thermally insulated first walls, such
as Blanket #2, will show a larger difference. This is because well coupled first walls
will not sustain a temperature gradient; that is, as the first wall temperature rises
due primarily to the plasma heat flux, the heat will be immediately transported
to the rest of the blanket, thus minimizing the plasma-induced peak. First walls
which are more insulated will become very hot before they begin to cool off due to
conduction or radiation.
The plasma-continuation (PL) and decay-heat-only (DC) cases were run for
both the base case LOFA and LOCA for Blankets #1 and #2. The results verify the
expected behavior. The smallest difference between the PL maximum temperature
and the DC maximum temperature occurs in the Blanket #1 LOFA, where the
thermal coupling is the best (note the value of b in Table 5.3.1), whereas the largest
difference occurs in the Blanket #2 LOCA. It should be noted that even in the
Blanket #2 LOCA, the difference in the maximum temperature reached is less thai
25 'C. This indicates that in terms of maximum temperature, plasma continuation
in the mode shown in Figure 5.1.2 has a very small effect. This behavior contiibutes
the equivalent of three full-power seconds of plasma burn. Plasma continuation for
longer times would have a larger effect, but given the uncertainty in the plasma
shutdown mode, and its relatively minor effect, no further analysis regarding this
issue was conducted.
In'both the plasma-continuation and decay-heat-only scenarios, the tempera-
ture response of the first wall is very similar for times after the first 30 minutes, with
only a small difference in the maximum temperature reached. In terms of the tem-
perature response of the first wall for short times after accident initiation, however,
when operator (or automatic) mitigatioi. schemes would be minimal, the continued
plasma burn can have a significant inpact. The plasma-induced peaks are reached
within five seconds, whereas the decay-heat induced peaks are not reached for a
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number of hours. The analysis presented in Chapter 7 focuses on the short term
impact of continued plasma burn on the first wall structural integrity.
In terms of the structural damage that results from the overall, 48 hour first
wall temperature response, the difference between the PL and DC cases is extremely
small. In the Blanket #1 base case LOFA, at 10 MW/m 2 , the PL case reaches a
thermal creep rupture fraction of 4.0e-03, vs. 3.2e-03 for the DC case. At lower
wall loads, the rupture fractions accumulated after 48 hours are very similar in
the PL and DC cases as well. Similar results are found in the Blanket #1 base
case LOCA. In Blanket #2, due to the reduced thermal coupling, the differences
are more significant. In the base case LOFA, assuming the plasma continues to
burn leads to thermal creep rupture in the first wall in 10 seconds, whereas the
rupture time in the DC case is about 30 minutes. In the base case LOCA, acute
structural failure is assumed to occur at wall loads of 5 MW/m 2 and above (caused
by exceeding 900 'C temperature limit; see Chapter 3) for both the PL and DC
cases. The difference is in the time it takes to exceed the 900 'C limit. In the DC
case, it takes 40 minutes at a wall load of 5 MW/m 2 , and 15 minutes at a wall load
of 10 MW/m 2 . In the PL case, it takes 20 minutes at 5 MW/m 2 . At wall loads
above this, the 900 'C limit is exceeded in the first five seconds, due to the plasma
induced temperature rise. Again, Chapter 7 provides additional discussion on this
issue as it relates to the time available to mitigate the accident. In any case, it is
recommended that some effort be made to characterize the behavior of plasma burn
following an accident.
The overall conclusion is that the temperature response, and the resulting
structural damage, is not very sensitive to whether the plasma continues to burn
for a few seconds, or it turns off immediately at accident initiation. The effect is
larger for blankets which have thermally-insulated first walls, such as Blanket #2.
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5.5 Inboard vs. Outboard
In Section 4.5, the decay heat level of the outboard side of Blanket #1 was
compared with that of the inboard side. The results show that while the higher
neutron fluxes on the outboard side lead to higher decay heat densities in regions
near the first wall, the increased thickness of the outboard shield result in a lower
average decay heat density on the outboard side. This lower average should translate
into a lower temperature rise.
Figure 5.5.1 shows the maximum temperature reached in the first wall after the
base case LOFA (Case 1) for the inboard and outboard sides of Blanket #1. The
results presented here assume immediate plasma shut-off, so plasma burn effects will
not affect the results of this comparison. It is interesting to note that the maximum
temperatures reached on the outboard side are higher than on the inboard side,
contrary to the results presented in Section 4.5. The reason for this is the higher
decay heat densities in the first wall and blanket regions on the outboard side. This
is partially offset by the presence of the very large outboard shield, which has a low
average decay heat density. As is presented in Section 4.5, the decay heat density
in the first wall and blanket of the outboard side is 15% - 20% higher than on the
inboard side. Note from Figure 5.5.1 that the actual maximum temperature rise is
only about 4% higher on the outboard side, so it is seen that the larger outboard
shield does partially offset the higher decay heat density in the first wall. It is
expected that if the thermal coupling to the shield was improved, the impact of the
large outboard shield would increase, and the maximum temperatures reached on
the outboard side would be lower than those on the inboard side.
The effect of the overall lower average decay heat density on the outboard side
can be seen more clearly by comparing the results of the Case 4 LOFA. The Case
4 LOFA is the same as the base case LOFA, except there is no available heat sink.
In the base case LOFA, the temperature at the back of the inboard shield is higher
than at the back of the outboard shield. Thus, more heat is radiated to the
228
Figure 5.5.1 Maxmnum First Wall Temperature
Inboard and Outboard Versions of
Available - A2CJDC
Following LOFA vs. Wall Load for
Blanket #J, With Heat Sink
1100
1000
2 4 6 8
Wall Load (MW/m**2)
229
-3- Inboard
-s-- Outboard
L
Q
0.)
0.)
~wa
S
S -
900
800
700
600
500
10
Figure 5.5.2 Maximum First Wall Temperature Following LOFA vs. Wall Load for
Inboard and Outboard Versions of Blanket #1 With No Heat Sink
Available (Insulated Shield) - A2C4DC
1100
---- Inboard
-s- Outboard
1000
8 900
E
S800
s 700
600
500
2 4 6 8 10
Wall Load (MW/m**2)
230
heat sink on the inboard side, which contributes partially to the lower maximum
temperatures on the inboard side seen in Figure 5.5.1. If the heat sink is removed,
and the blanket/shield system is isolated, then the temperature rise will depend
exclusively on the ratio of total decay heat to total heat capacity. rhis ratio is
lower on the outboard side. Figure 5.5.2 shows the temperature at 48 hours vs.
wall load behavior of the inboard and outboard first walls following the Case 4
LOFA. In both instances, the temperatures are still rising at 48 hours, due to the
insulated boundary condition. Note that here, the inboard temperatures are about
15% higher than the outboard temperatures.
In summary, the higher decay heat density in the front regions of the outboard
blanket, due to higher neutron fluxes, will result in higher maximum temperatures in
the base case scenarios. The additional heat capacity on the outboard side provided
by the larger shield will reduce this effect somewhat. If the systems are insulated,
then the additional heat capacity (i.e., lower average; decay heat) on the outboard
side will result in a lower temperature rise.
5.6 Cylindrical vs. Slab Geometry
The heat transfer model used in THIOD, as described in Section 5.1, uses slab
geometry. It is assumed that a slab representation of the actual blanket geometry
sh-ould introduce negligible error in the calculations. To verify this assumption,
the code was modified to use cylindrical geometry. Details of this modification are
included in Appendix D. The results of the cylindrical analysis are compared to the
slab model in this section.
There are two ways to view the toroidal geometry of the tokamak (or RFP).
The first is from an overhead view, such as that shown in Figure B.2.1, where the
torus is assumed to be a vertical annular cylinder, and the 9 direction is the toroidal
direction. It is seen that with this view, the slab approximation overestimates the
blanket volume on the inboard side and underestimates the blanket volume on the
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outboard side. The decay heat source is calculated as a density, i.e., W/cm3 , thus
adding or subtracting volume will not necessarily change the ratio of decay heat
density to volumetric heat capacity. However, the decay heat source is highest at
the first wall and lowest at the back. This means that the slab approach will under-
predict the decay heat to heat capacity ratio on the inboard side and overpredict
the ratio on the outboard side. Thus, it is expected that the temperatures pre-
dicted with the slab approximation will be lower than the cylindrical approach on
the inboard side, and higher than the cylindrical approach on the outboard side.
The second way to view the torus is from the centerline of the plasma, where
the 8 direction is the poloidal direction. In this view, it is clear that the slab
will always underestimate the blanket volume at the back of the blanket, and thus
overestimate the temperature rise. On the inboard side, the toroidal and poloidal
views are opposing, and the net result will depend on the aspect ratio and blanket
thickness. On the outboard side, the two views are parallel, and thus the cylindrical
approach will result in a lower temperature than the slab approach.
The RFP Blanket #3 was chosen as the example to do the cylindrical vs. slab
analysis. The reason for this is that in the RFP, unlike the tokamak, the inboard
and outboard blankets are the same. Thus, the toroidal and poloidal cylindrical
variations could be compared without having to do separate analyses for the inboard
and outboard sides. The effect of using cylindrical geometry with the toroidal view
is discussed first, followed by the results of the poloidal cylindrical analysis. Finally,
the two effects are combined to get an indication of the overall effect of using a slab
approximation for the actual toroidal geometry. For the purposes of this discussion,
it is convenient to define the ratio of decay heat to heat capacity as /, where
/3- AY(r) (5.21)
p(p(r)
where goY(r) is merely the decay $ieat density 4 dCay(r, t) integrated over time.
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Figure 5.6.1 shows the maximum temperature vs. wall load in the first wall
of Blanket #3 for the base case LOCA (Case 2) using slab geometry, the inboard
and outboard sides of the toroidal cylinder, and the poloidal cylinder. The results
exhibit the expected behavior. The inboard toroidal cylinder has the least volume
at the back of the blanket, where 3 is the smallest. Thus, the volume-averaged
value of / in this case is larger than the slab case, and hence the temperature rise
is higher. The outboard toroidal cylinder has more volume at the back, where 3 is
the lowest, and thus the volume-averaged value of 0 for this case is lower than the
slab, and the temperature rise is lower.
In both the inboard and outboard toroidal cases, the magnitude of the difference
between the slab and cylindrical temperature rise depends on the ratio of blanket
thickness to first wall radius. This essentially represents the degree of curvature of
the cylindrical annulus that defines the blanket in the toroidal cylindrical geometry.
Note on the inboard side of Blanket #3, the ratio of blanket thickness to first wall
major radius is
X
Ci= (5.22)R-a
where
Ci represents the degree of curvature of the inboard blanket,
X is the blanket thickness,
R is the major radius, and
a is the minor radius.
On the outboard side, this ratio would be
X
Co = (5.23)C R+a
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Figure 5.6.1 Effect of Model Geometry on Maximum First Wall Temperature
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where
Ce represents the degree of curvature of the outboard blanket.
For the RFP Blanket #3, the values of X, R, and a are 0.805 m, 4.225 in, aiid
0.65 m respectively, where X includes the magnet coils. Thus, the values of Ci and
C0 are
Ci = 0.225,
Co = 0.165.
It is expected, then, that the difference between the slab and toroidal cylinder
results will be greater for the inboard side than the outboard side. This is clearly
the case in Figure 5.6.1. Note that in the STARFIRE tokamak geometry used for
Blanket #1, Ci = 0.26 and C0 = 0.25, so the effect in the tokamak will be slightly
more pronounced than in the RFP.
For the poloidal cylinder, the difference between the cylindrical and slab results
will depend on the ratio of the blanket thickness to the first wall minor radius plus
the blanket thickness, i.e.,
X
C, = (5.24)a+X
The value of C, is 0.55, which is higher than Ci, indicating that the difference
between the toroidal inboard cylinder and the slab is smaller than the difference
between the poloidal cylinder and the slab. This again is the case in Figure 5.6.1,
although the two are very similar.
To determine the effect of the actual toroidal geometry, the two cylindrical
approaches must be combined. On the inboard side, as was mentioned, the two are
opposite, that is, the toroidal cylinder yields a higher temperature rise, whereas the
poloidal cylinder yields a lower temperature rise than the slab. To get an idea of
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how the two effects will combine, the ratio of the temperature rise for each case can
be multiplied. That is, the temperature rise in the slab, toroidal inboard cylinder,
and poloidal cylinder cases at 15 MW/mn2 are defined as
'AsIa b= Maximum temperature rise in slab case.
ATinb.tor. = Maximum temperature rise in toroidal inboard cylinder case.
AT,,i. = Maximum temperature rise in poloidal cylinder case.
Then the ratios are defined as
Rit = ATinb.tor.
A TsIab
RPI = T -b
A TSIab
(5.25)
(5.26)
To get the net effect of the two cylinders, the two ratios are multiplied to get the
net ratio,
Rnet =Rit x RPI (5.27)
The same can be done for the outboard side, with Rit being replace by Rt.
By inserting the values of the A T's into equations (5.25) and (5.26), the net
ratios can be found. The values are
Ri= 1.052,
R0t = 0.986, and
RI= 0.949.
Thus, on the inboard side,
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Rnetinb = 0.998,
and it is seen that the two effects just about exactly cancel. Thus, given the geome-
try of the RFP Blanket #3, on the inboard side the slab approximation introduces
negligible error in the temperature response calculation. On the outboard side,
where the two cylindrical effects both give a lower temperature rise than the slab
case,
Rnet, out 0.936.
Here it is seen that there is a significant (although small) error introduced by using a
slab geometry. Recall from Section 5.2.1 that for the RFP Blanket #3, the outboard
blanket was analyzed. This means that the temperature responses given for Blanket
#3 in the previous sections are conservative by about 6% due to geometry effects.
This difference, while significant, is not sufficient to change any of the conclusions
regarding this blanket given in the previous sections.
The overall conclusion is that the error introduced by representing tcnroidal
blankets with slab geometry depends on the ratio of the blanket thickness to the
major and minor radii. On the inboard side, toroidal and poloidal effects cancel, and
the slab approximation is adequate. On the outboard side, toroidal and poloidal
effects combine, and the slab approximation will overestimate the temperature rise
slightly. The error introduced is on the conservative side and is not so large as to
be of major concern.
5.7 Summary
Transients involving loss-of-system-cooling are the most commonly considered
mechanisms that result in elevated temperatures. Loss-of-cooling transients are
generally divided into two groups, na.iely, Loss-of-Flow Accidents (LOFA) and
Loss-of-Coolant Accidents (LOCA). The temperature response to these accidents,
using a model that considers heat conduction and radiation only, was analyzed in
237
this chapter. The temperature histories calculated were analyzed with the temper-
ature limit models developed in Chapter 3 to determine the potential for structural
failure. The temperature histories of different blankets were compared to determine
design features which lead to enhanced thermal safety. Also, some operational pa-
rameters were varied to determine the post-accident temperature sensitivity to these
parameters, as well as develop operational guidelines which will help insure thermal
safety.
The development of the model used to calculate the temperature response, a
computer code called THIOD, is described in Section 5.1.1 and Appendix 1). The
assumptions used to define the accident scenarios are described in Section 5.1.3.
5.7.1 Temperature Response to Base Case Accidents
In Section 5.2.1, the parameters that correspond to the "base case"LOFA and
LOCA are discussed. This is followed by an analysis of the temperature response to
these base case transients of four of the six blankets presented in Chapter 2. The six
blankets chosen encompass the range of design variations considered in this work.
The Li/Li/VCrTi tokamak Blanket #1 is found to be inherently safe from
structural damage at the nominal neutron wall load of 5 MW/m 2 for both the base
case LOFA and LOCA, as long as no oxygen is allowed to leak into the system. In the
event of oxygen in-leakage, the temperatures reached in the LOCA are sufficient to
cause rapid oxidation of the vanadium structure, resulting in gross first wall failure.
In any case, critical radio-isotope release is not expected on the basis of response to
decay heat. Note that this result does not consider the possibility of a lithium fire.
At the nominal neutron wall load of 5 MW/m 2 , the Li2 0/He/MT-9 tokamak
Blanket #2 will likely suffer thermal creep rupture in the base case LOFA, due
primarily to the high pressure stress in the first wall assumed in this case. The base
case LOCA will result in acute structural failure of the first wall. In both instances,
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the failure will occur in about 30 minutes. The MT-9 structure does not suffer from
the oxidation problems that VCrTi does, and neither of these accidents will release
significant radioactivity.
The Li/Li/VCrTi Reversed-Field-Pinch (RFP) Blanket #3 operates at a much
higher wall load (15 MW/m 2 ) than the tokamak blankets. This high wall load is
directly responsible for a large temperature rise in the event of loss-of-cooling. In
the base case LOFA, no structural damage is likely to occur at this nominal wall
load, but the safety margin is very small. It should be pointed out that in the
event of a LOFA which is caused by flow blockage, in which the pressure induced
first wall stress could remain high (- 100 MPa), thermal creep rupture is likely to
occur at about the 20 hour mark (see Table 5.2.3). The base case LOCA is likely
to cause acute structural failure in about an hour. If oxygen does get into the
system, vanadium oxidation, coupled with the extremely high temperatures, could
lead to the mobilization of a significant fraction of the radioactive inventory. For
this reason, it is highly recommended that in the design of high wall load, high
power density machines, safety issues receive considerable attention.
Due to the nature of the D-D fuel cycle, the D-D tokamak Blanket #6 operates
at a much lower neutron wall load (1.17 MW/m 2 ) than the D-T blankets. This
gives the D-D blanket a significant advantage in terms of thermal safety. The
temperatures reached in both the base case LOFA and LOCA are very manageable
in terms of thermal safety. However, the base case LOFA will likely cause thermal
creep rupture in Blanket #6, due primarily to the high pressure stress in the first
wall, which stems from the continued presence of the high pressure coolant. The
base case LOCA will not lead to structural failure, indicating that it would be
beneficial to depressurize the coolant in the event of a LOFA.
5.7.2 Impact of Wall Load Variations
For all of the blankets, the thermal analysis was carried out over a range of
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neutron wall loads, to determine the sensitivity of the post-accident temperature
to the operational wall load. The results indicate that the maximum temperature
reached after an accident is linearly dependent on the wall load (r,), as is shown
in Figures 5.3.1 and 5.3.2. To examine this effect, it is convenient to define the
temperature rise, AT, as
AT=Tmaz - To (5.11)
where T is the initial temperature of the first wall.
The linear dependence of Tmac on r, allows us to express AT as
AT =-aFr - b (5.12)
where a and b are constants. The values of a and b for all of the blankets, in
both the LOFA and LOCA scenarios, are given in Table 5.3.1. The temperature
rise AT is related to the total heat produced in the blanket (QO), the heat storage
capacity of the blanket (Cot), and the total heat that is transferred to the heat sink
(QHs), where Qtot, Ctot, and QHS are defined mathematically in equations (5.13)
to (5.15). Furthermore, the total heat produced in the blanket is a linear function
of the neutron wall load, as is shown in equation (5.17). The relation between AT
and the parameters given in equations (5.13) to (5.15) and (5.17) is
AT q= - -. ,- Qns (5.18)Cot Cot
which is seen to have the same form as equation (5.12). By comparing equations
(5.12) and (5.18), it is seen that
a - (5.19)
Ctot
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b = Qus (5.20)Ctot
Equations (5.19) and (5.20) provide an important physical insight into the
components of the temperature rise AT. Referring to equations (5.12), (5.19),
and (5.20), the parameter a is the ratio of the time-integrated decay heat density
to the heat storage capacity of a particular blanket. This is primarily a material
property, although it is affected by other factors, such as the neutron spectrum. The
parameter b essentially represents the thermal coupling between the first wall and
the heat sink, and is more a function of the geometric design of a particular blanket,
although it also is a material property. Blankets with good radial conduction paths
and high radiative emissivities will have high values of b. In terms of minimizing
the temperature rise, it is clearly desirable to have a low value of a and a high value
of b. This represents a useful design tool from the standpoint of thermal safety.
Candidate blanket materials can be compared by comparing their a values, whereas
different geometric configurations can be compared by comparing their b values.
The maximum temperature vs. wall load analysis is also useful in defining
maximum allowable wall loads. By using the temperature histories in conjunction
with the material limits models presented in Chapter 3, the minimum wall loads
required to cause structural failure and radioactive release can be calculated. Since
these wall loads are the minimum required to cause failure, they are also the max-
imum allowed to avoid failure. The wall loads required to cause thermal creep
rupture, acute structural failure, and radio-isotope release for some of the blankets
are given in Table 5.3.2. Operation at or above the wall loads shown in Table 5.3.2
will result in the specified failure in the particular accident scenario, i.e., LOPA or
LOCA. Examination of Table 5.3.2 allows the following general conclusions regard-
ing the safety performance of the four blankets considered under the LOFA/LOCA
conditions.
Excluding the possibility of oxygen in-leakage, Blanket #1 meets the criteria
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for inherent safety at its nominal neutron wall load (5 MW/m'). Blanket #2 will
likely suffer structural failure at its nominal wall load (also 5 MW/m 2 ), but poses
no threat to the public from radio-isotope release. At the nominal wall load of 15
MW/M 2 , Blanket #3 will almost certainly suffer structural fai'ure, and has the
potential to release a significant fraction of its radioactive inventory. This is due
solely to the high operational wall load of this blanket. Finally, the D-D Blanket #6
could possibly suffer structural failure, but also could be considered passively safe,
at its nominal wall load of 1.17 MW/m 2 . Whether it fails depends on whether the
coolant can be depressurized in the event of a LOFA. Depressurizing the coolant
would not greatly affect the temperature response, but would greatly reduce the first
wall stress. In any case, this blanket also poses no threat in terms of radio-isotope
release.
5.7.3 Impact of General Variations
Other than the wall load, a number of other parameters were varied to cle-
termine their effect on the temperature response, and the different blankets were
compared in attempt to define design guidelines that improve thermal safety.' These
variations included materials selection, geometric configuration, availability of a
heat sink, the radiative emissivity of structural surfaces, and the impact of contin-
ued plasma burn. A summary of the obtained results follows.
5.7.3.1 Materials Impact
A number of comparisons between different materials were made. This included
comparisons between structural materials, breeder materials, and the effect of a
neutron multiplier.
The decay heat behavior of the structural steels MT-9 and Fe1422 was analyzed
and compared in Section 4.2.1.4. Note that MT-9 is a version of HT-9 which
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has been modified for low activation [5.21], and is used throughout this study.
In this analysis, it was calculated that Fe1422 produces as much as an order of
magnitude more decay heat than the modified MT-9. This additional decay heat
has a substantial impact on the temperature response, such that blankets that use
Fe1422 as the manifold structural material are subject much higher temperatures
in the event of a LOFA/LOCA than those which use MT-9. For this reason, the use
of Fe1422 in any of the blanket regions is not recommended. While MT-9 is more
expensive than Fe1422, the improvement in thermal safety that MT-9 provides will
easily offset the cost. This is true for other low activation steels as well, such as
those proposed by Gelles et. al. [5.28].
Due to the production of radioactive isotopes of lead, the breeder material
LirrPba3 produces substantially more decay heat than liquid lithium t. Further-
more, liquid lithium has a higher volumetric heat capacity and a higher thermal
conductivity than LiPb, making it a better heat sink and heat transfer medium.
Thus, the temperature rise after a LOFA in liquid lithium blankets will generally
be lower than in LiPb blankets. On the other hand, if the accident (i.e., LOCA)
causes the breeder (or breeder/coolant) material to drain, then the LiPb blanket
will experience a lower temperature rise than the lithium blanket. This is because
LiPb absorbs more neutrons, especially low energy neutrons, than lithium, leaving
less neutrons available to produce activation products in the structural material.
That is, the decay heat level in the structural material is lower in the LiPb blanket.
The same effect can be realized by enriching the lithium in 6 Li.
In Section 4.2.3, it is found that the inclusion of the neutron multiplier beryl-
lium in the Li 2 O/He/MT-9 blanket results in a 15% - 25% increase in the decay
heat density. This has a small but significant impact on the temperatures reached
after a LOFA/LOCA, with the beryllium blanket reaching higher temperatures.
t This assumes that the tritium produced by both materials is constantly being
remmed, such that the tritium contribution to the decay heat is negligible.
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The impact increases with the operational neutron wall load. The recommendation
is that the negative impact on thermal safety should be taken into account when
considering the use of a neutron multiplier to improve blanket performance.
5.7.3.2 Impact of Shield/Coil Geometry
The tokamak Blanket #1 and the RFP Blanket #3 consist of the same mate-
rials. The difference between the two lies in the fact that Blanket #1 includes a
large shield to protect the superconducting magnets behind it, whereas Blanket #3
is backed directly by copper magnet coils. The decay heat to heat capacity ratio is
higher in the shield material of Blanket #1 than it is in the copper coils of Blanket
#3. This means that the temperature rise in Blanket #1 is more sensitive to the
wall load (i.e., Blanket #1 has a higher value of a in equation (5.12)), such that
the copper-magnet Blanket #3 can be safely operated at higher wall loads than
the superconducting-magnet Blanket #1. Replacing the steel in the Blanket #4.
shield with a low activation material would result in the same advantage for the
superconducting tokamak.
5.7.3.3 Availability of Heat Sink
The presence of a constant temperature heat sink was assumed in all of the
analyses presented in Sections 5.2 and 5.3. If there is no such heat sink, the actual
temperatures reached in the first 24 hours of a LOFA/LOCA will be at most only
slightly higher than those presented in those sections. The difference is larger in
blankets which are thermally well coupled to the heat sink than in those which are
not. At longer times there is a much more significant difference, since insulated
systems (i.e., those with no heat sink) will continue to experience a temperature
rise, whereas the temperature in systems with a heat sink will reach a maximum,
then begin to decrease.
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5.7.3.4 WalL Radiative Emissivity
The maximum temperature reached in the first wall after a LOFA/LOCA can
he highly sensitive to the radiative emissivity of the blanket structural surfaces,
particularly in a LOCA. The degree of sensitivity depends on how well the first wall
is thermally coupled to the heat sink and/or shield. Increasing the emissivities on
either side of the vacuum gap between the blanket and the shield will improve the
thermal coupling between the blanket and the shield, which in turn will significantly
reduce the maximum first wall temperature by increasing the amount of heat that is
dumped into the shield. This creates a conflict between the safety and operational
interests of fusion reactor design.
During operation, it is desirable to keep the amount of heat that is deposited
in the shield to a minimum. This is because the shield is operated at a low temper-
ature, and thus the heat deposited in it is not recovered in a useful form. Therefore,
in the interests of operational performance, it is beneficial to keep the blanket ther-
mally insulated from the shield, so as to reduce the amount of heat that flows from
the blanket to the shield. However, for the reasons outlined above, from a safety
standpoint it is better to have good thermal coupling between the blanket and the
shield. The ideal solution would be to keep the blanket and shield thermally in-
sulated from each other during operation, but design a mechanism which would
improve the thermal coupling in the event of an accident. An example of this type
of solution would be to maintain the vacuum gap during operation, but allow the re-
actor cover gas into this vacuum gap in the event of an accident. This would greatly
enhance the heat transfer between the blanket and the shield, and thus reduce the
maximum temperature reached in the first wall after the accident. This particular
solution introduces some problems, such as the possibility of oxidation of the hot
structural surfaces if there is any oxygen in the cover gas. If no such "ideal"solution
can be found, then it is recommended that a proper trade-off between the opera-
tional and safety interests be found. The structural surfaces on either side of the
vacuum gap can then be machined to obtain the radiative emissivities that yield
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the desired level of thermal coupling.
This design flexibility does not exist for structural surfaces within the blan-
ket itself. To maintain good corrosion resistance, these surfaces must be shiny and
smooth. Unfortunately, shiny, smooth surfaces have low radiative emissivities. Dur-
ing operation, however, corrosion and thermal cycling can cause an increase in the
emissivity of these surfaces, resulting in improved thermal coupling between the
first wall and the shield. The impact is potentially significant, and thus the issue
deserves further attention.
5.7.3.5 Continued Plasma Burn
There is no guarantee that the plasma will shut-off at the moment coolant or
coolant flow is lost. It is more likely that the plasma will continue to burn for a
few seconds. If the continued plasma burn behavior is similar to that shown in
Figure 5.1.3, that is, if the plasma only burns for the equivalent of a few full power
seconds, then it was found that the impact on the overall temperature rise is quite
small. It does result in an initial temperature spike in the first five seconds, and
in some cases this initial temperature peak can cause structural damage. For the
most part, however, the results of the thermal analysis presented in this chapter
are not sensitive to whether continued plasma burn was included or not. It should
be reiterated that this conclusion applies only to a short plasma burn, such as that
shown in Figure 5.1.3.
5.7.4 Inboard vs. Outboard
In Section 4.5, the decay heat level of the inboard and outboard versions of
Blanket #1 were compared. It is seen that the at the front of the blanket, the
decay heat density is higher on the outboard side, but at the back of the shield,
it is higher on the inboard side. Overall, the inboard side has a higher average
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decay heat density. fn terms of the temperature response to a LOFA/LOCA, the
higher decay heat density at the front of the outboard blanket leads to a higher
temperature rise. The effect is reduced somewhat by the additional heat storage
capacity on the outboard side, contained primarily in the large outboard shield. If
the two systems are thermally insulated, the lower average decay heat density on
the outboard side will lead to a lower temperature rise.
5.7.5 Cylindrical vs. Slab Geometry'
The model used to calculate the temperature in these analyses uses one-dimen-
sional slab geometry as an approximation to the toroidal geometry that actually
exists. The validity of this approximation was verified by comparing the slab model
results with results obtained using cylindrical geometry. It was found that on the
inboard side, toroidal and poloidal effects cancel each other, and slab geometry
turns out to be a good approximation to the real-life geometry. On the outboard
side, the toroidal and poloidal effects combine, with the result being that the slab
approximation overpredicts the temperature rise. The difference between the slab
and cylindrical results scales as the ratio of the blanket thickness to the major and
minor radii. In all the cases of interest, the difference between the models is small,
and the error introduced by using slab geometry is acceptable.
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6. Impact of Natural Convection Cooling
The temperature response analysis presented in Chapter 5 accounted for con-
ductive and radiative heat transfer only. This was based on the assumption that
in a Loss-of-Flow Accident (LOFA), the coolant stops flowing immediately (i.e., at
time=O), and in a Loss-of-Coolant Accident (LOCA). the coolant "disappears"at
time=O. For a LOCA, this meant ignoring time-to-drain effects, which, as was
stated, can be significant in reducing the temperature rise in the first few minutes,
but would probably have a minimal impact on the long-term temperature rise. In
the LOFA, however, as the coolant system remains intact there is a possibility that
flow would continue at some reduced flow rate, due to buoyancy effects. Assuming
that the secondary coolant cycle continued to operate and remove heat from the
primary coolant, the continued primary coolant flow could remove a substantial
amount of heat from the first wall/blanket, and dramatically impact the tempera-
ture response in the LOFA.
The phenomenon of coolant flow, despite the lack of a pump or any other
externally added pressure head, is known as natural convection. Briefly, a pressure
head is established due to buoyancy effects, which arise because the coolant, as it
passes through the blanket, is being heated. The heated fluid thermally expands
and thus becomes less dense than the cooler fluid. The hotter, lighter fluid will
rise, and thus there will be some flow of the fluid in the loop. Figure 6.0.1 gives a
schematic of a fusion reactor flow loop.
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Figure 6.0.1 Schematic of Typical Fusion Reactor Primary Flow Loop
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pump
253
___________________________________________________
Quantifying the potential for natural convection cooling of fusion reactors has
been addressed only in a few previous works. In this chapter. a model for.predicting
the flow rate and heat transfer characteristics of the coolant under natural convec-
tion conditions is presented. This is followed by presentation of the results of the
model, as applied to the blankets under consideration in this study.
6.1 Model for Natural Convection Analysis
The model for the natural convection analysis is essentially divided into two
parts. The first part is primarily based on the work of Malinovic ;6.1, 6.21 and others
6.3]. It involves calculating the flow rate of the coolant under natural convection.
In the second part, using flow rate calculated in the first part, the heat transfer
characteristics of the flowing coolant are determined. These characteristics are
incorporated into the THIOD heat transfer model as additional terms to equation
(5.8).
The flow rate of the coolant under transient conditions is found by equating
the available pressure head with the total pressure drop around the loop, including
the inertial terms. The pressure rise is due to buoyancy, while the pressure drop is
due to friction, MHD effects, and inertial effects. The equation to be solved, then,
is
APB APfric +A PANHD APT (6.1)
The pressure gain, as stated, is due to buoyancy effects, and is found by
APB = p/gLAT(t) (6.2)
where
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p is the coolant density (kg/m 3 ),
3 
= .~O is the thermal expansion coefficient of the coolant (K- 1 ),p OT
g is the acceleration due to gravity (9.8 m/s 2 ),
L is the thermal elevation difference (m), which is the difference in height
between the point where the heat is removed (in the heat exchanger) and
the heat is added (in the blanket), and
AT(t) is the temperature rise of the coolant as it passes through the blanket.
This pressure gain term is balanced by the pressure drop terms. In all cases,
there is a friction pressure drop, which is characterized as
Z2 fG 2APf = 2Dep (6.3)
e2Dep
where x1 and X2 are start and end point of the flow channel, f is the Darcy friction
factor, G is the mass flux (kg/m 2 s), and De is the hydraulic diameter of the channel.
In the case of laminar flow, which turns out to be the case of interest, f in a circular
tube is equal to ", where Re is the Reynold's number. Thus, the friction pressure
drop becomes
APf = 32-A dl (6.4)
Using the results of Malinovic [6.1, 6.2], who examined natural convection in the
BCSS tokamak blanket geometry, equation (6.4) can be reduced to
A Pf = Kfricrh (6.5)
where Kfric is an effective parameter that represents the geometry of the flow loop
and the properties of the coolant, i.e., p and p.
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Kfric=Z32-A 2  (6.6)
where the j subscript refers to the flow channel. The sudden expansion (or con-
traction) of the fluid as it passes from one flow channel to another will also cause
a pressure loss. This is treated in a manner similar to the friction pressure drop,
resulting in an equation of the form of equation (6.5). In this analysis, the constant
Kfric represents both the friction and expansion/contraction pressure drop coeffi-
cients. Additional discussion on treatment of the friction pressure drop is given in
Appendix E.
In the liquid metal cooled blankets, there is also a pressure drop due to MHD
effects. These arise from the fact that the liquid metal, which is a conductor, is
flowing transverse to a magnetic field. There are two contributing terms to the
MHD pressure drop, the first being due to wall conductivity effects and the second
due to three dimensional effects such as sudden contractions and expansions, and
bends in flow direction with respect to the magnetic field. According to Malinovic
[6.1. 6.2' in the BCSS tokamak geometry, the 3D effects are negligible compared
to the wall conductivity effects, and thus are not treated here. The MHD pressure
drop term thus becomes
APX = H2M5lP2(6.7)pA a
where
o is the conductivity of the coolant channel wall (f - m)-,
A is the (average) coolant channel area (m2 ),
B is the average magnetic field strength (T),
6 is the average coolant channel wall thickness (m),
256
l, is the total coolant channel length for flow perpendicular to the magnetic
field (m), and
a is the average coolant channel radius or half-width (m).
During transients, there is also the mass temporal acceleration in the loop. This
arises from the fact that at the instant the pump stops, the coolant is still flowing at
the forced convection rate. The coolant's own inertia. then, will cause it to continue
flowing. Eventually, it will reach the new steady-state, natural convection flow rate.
Expressed as a pressure drop, it is
API N drN(6.8)
NT AN dtN=1
where,
IN is the length of flow section N,
AN is the cross sectional area of flow section N, and
rnN is the mass flow rate in flow section N.
Note that since d is negative during a LOFA, the inertia term will actually turn
out to be a pressure rise, contributing positively to the flow rate until the new
steady state is reached. Using knowledge of loop geometry and size, equation (6.8)
can be written as,
drh
APT I=dt(6.9)dt
AN dih
N=1
Substituting equations (6.2), (6.5), (6.8) and (6.9) into equation (6.1) gives an
equation for rh, namely
pOgLAT(t) = Krich+ C -E+lp +Ih (6.10)pA a dt
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To solve equation (6.10) in finite difference form, the time derivative term is
approximated as
-n (6.11)
where the superscript n refers to the time step. The rh's in equation (6.11) are
approximated as the linear average between ih" 1 and rh'. Thus, the equation for
-2
n 0 61 K - eB6lPn K1 rh= + + -- p3g LAT - + N - 4-
2pa 2 At 2pAa 2 At
(6.12)
All of the parameters on the right hand side of equation (6.12) are known
except A T. This A\T is the temperature rise of the coolant as it passes through the
blanket, i.e.,
AT = Tut -Tn(6.13)
where
Tin is the coolant temperature at the inlet to the blanket, and
Tout is the coolant temperature at the outlet of the blanket.
It is assumed that the mechanism for removing heat from the coolant remains op-
erational during the transient. That is, the secondary flow loop, which removes
the heat from the primary blanket coolant, continues to operate at the same base
temperature as during normal operation. This means that Tin, which is also the
temperature of the coolant after it exits the heat exchanger, can be assumed con-
stant at all times. The value of Ti will be that for normal operation.
The evaluation of Tosu, on the other hand, is somewhat more complicated. In
the blankets of interest, there are a number of different flow channels, connected
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in series. For instance, for Blanket #1, the flow geometry in the blanket is shown
in Figure 2.1.3. The coolant enters the blanket in the manifold region, then flows
into the poloidal blanket channels (shown in Figure 2.1.3), and finally into the
toroidal first wall channels. Thus, the flow loop through the blanket consists of three
channels connected in series. While the mass flow rate rh must remain constant
around the flow loop, the flow velocity V (rh/pA) and Reynold's number (Re)
will depend on the area of the flow channel geometry. It is the flow velocity and
Reynold's number that determine the heat transfer characteristics of the coolant,
and thus each channel must be treated separately.
Note that each of the flow channels described above correspond to one region of
the blanket. The manifold channel corresponds to the manifold region, i.e., Region
5 in Figure 2.1.2. The poloidal blanket channel corresponds to the blanket region
(Region 4) in Figure 2.1.2, and the toroidal first wall channel to Region 2 of Figure
2.1.2. Thus, Tout for each channel is the maximum T, in the appropriate region.
Furthermore, since the coolant flows from the manifold to the poloidal blanket
to the toroidal first wall, the outlet temperature Tout of one channel is the inlet
temperature Tin of the next channel. Thus,, Tin for the manifold is the blanket
inlet temperature, which is a constant, T0. Ti for the poloidal blanket channel
is Tout for the manifold, and-Tin for the toroidal first wall is Tout for the poloidal
blanket. Finally, Tout for the toroidal first wall is the total blanket Tou, and is the
temperature used in equation (6.13) to get AT, which is used in equation (6.12)
to solve for rh. T1n and T0om for each channel (or region) are important when the
convective effects are added to the heat transfer equation (5.8) in THIOD, as will
be seen.
Once rh has been calculated from equation (6.12) for time step n, the heat
transfer characteristics of the flowing coolant can be found. Convective heat transfer
from a solid wall to a flowing coolant is described by the equation
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of
qconvection = h(T, -- TI) (6.14)
where
h is the heat transfer coefficient, W/m 2 K,
T, is the temperature of the solid wall, and
T is the temperature of the flowing coolant.
In order, then, to determine the heat that is tranferred from the blanket structure to
the flowing coolant (and subsequently removed from the blanket), it is necessary to
obtain a value for the heat transfer coefficient h. There exists a number of empirical
relations which have been developed for this purpose. These relations are based on
several non-dimensional parameters that represent the coolant properties and the
flow characteristics. The coolant flow in channel j is characterized by the Reynold's
number Re, where
Re3  PYDe, (6.15)
where
V1 is the coolant velocity (m/s) in channel j,
De, is the hydraulic diameter of channel j, and
y is the viscosity of the coolant (kg/m. s).
The coolant properties are characterized by the Prandlt number Pr, where
Pr (6.16)k
where
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c, is the coolant specific heat (J/kg- K), and
k is the coolant thermal conductivity (W/m. K).
It is convenient to combine the Reynold's and Prandtl numbers to form the Peclet
number, where
Pe, = Rc, Pr (6.17)
Finally, the heat tranfer characteristics of the fluid in channel 3 are characterized
by the Nusselt number Nu, where
hyD,Nu,- = k' (6.18)k
where hj is the heat transfer coefficient for channel j.
To calculate h,, a relation between Nu and the known parameters included in
Pe is needed. For natural convection problems involving liquid metals, the recom-
mended equation (6.9) is
Nu = 5.0 + (?1Pe)0- (6.19)
where e is the average value of the parameter 4', which is a function of the Prandtl
and Reynolds numbers as well as the position in the flow channel. The value of 4
is found empirically by the relation
1.82 (.01- (620))1-Pr(m/v)at
where
Em is the momentum diffusivity of the fluid, and
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v is the kinematic viscosity of the fluid (().
Any values of that are below zero are taken to be zero. The value ( /v)moz is
found graphically from the Reynold's number. On a log-log scale, the plot is almost
linear, and thus a mathematical correlation can be found. This turns out to be
(em/v)maz = (2.90 x 10~ 2 )(Re0. 769 ) (6.21)
Another effect of the flowing coolant, which applies only in turbulent flow, is
the eddy conductivity of the fluid. The eddy conductivity represents an increase in
the thermal conductivity of the flowing fluid due to cross-flow, which transfers heat
across the channel. In general the flow could be turbulent, so this term cannot be
neglected. The term k, can be represented as
ke = PC pEh (6.22)
where E is the eddy diffusivity of the fluid.
conductivity of the stagnant fluid to obtain
flowing fluid, which is used when calculating
For liquid metals, Ch is not the same as the
is represented as
This k, is then added to the thermal
the total thermal conductivity of the
the heat flow across coolant channels.
momemtum diffusivity e,; instead, it
th= Em (6.23)
The E, used here is the same as the (Em)maz found above.
The method of solution proceeds as follows.' For each flow channel j, from
the previous known value of AT 3 and the other parameters, the rh" is found from
equation (6.12). Then, using equations (6.15), (6.16), and (6.17), the Peclet number,
Pe, is found. Next, using equations (6.21) and (6.20), the value of 7 is calculated.
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This is then input into equation (6.19) to determine Nui, from which the value of
h, is derived. Finally, from equations (6.23) and (6.22), the value of ke, is found.
All of this analysis, from equations (6.1) through (6.23), is done in subroutine
CONVECT. The purpose of CONVECT is to return the value of rh and the values
of hj and ke, for each flow channel j to the main code THIOD. These parameters
are used in a modified version of the heat transfer equation (5.8) to calculate the
TT
The heat transfer analysis presented in Chapter 5. which ignored convection,
was done using equation (5.8), which was derived from equation (5.1). When con-
vection is included, equation (5.1) becomes
p(r)cp(r, T) +T(r t)) v. V(pcpAT) = qav + V. "(r, t) (6.24)
In one dimensional slab geometry, with x being the direction of heat flow and
z being the direction of fluid flow (i.e., v=vz), this equation becomes
o9T(x, t) a T(z , t)p(x)cp(x, T) +pcp,,t) V - ( (x,t) (6.25)
This equation is now integrated over the length element Axi, resulting in
dTi(t) .AirhC,8AT(z,*t)Axi(pcp) 2i A Tz ~ f ecay(x, t)dx+ -i;,; 1 (6.26)dt A J9
where the following substitution has been made:
rhjV2 =.-- A (6.27)pA
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where A is the area of the flow channel in which mesh point i is located. Note that
if point i is in a solid structure, where no flow is taking place, then rhi will be zero,
and the second term on the left hand side of equation (6.26) will drop out. The
heat flux terms -1, and 4i,+, represent the heat flux from mesh zone i - I to i
and i to i -- 1 respectively. In the general -ase, in which convection and conduction
can both be taking place, these are
Ak 1  ~T2 Acond hi- 1,j (Ti 1 - T2 ) Aconv
~j-1' (Acond +Acon)
,,i .k - T 4 cond- h1,j+j (T - Ti4 1 ) Acon2
(Acond - Aconr)
where
.4cond is the area of the conduction heat flow path,
Aconv is the area of the convection heat flow path, and
Aki terms are defined in equation (5.7).
The convective heat transfer coefficients hi-1,i and hi,igl are as defined above in
equation (6.14) and calculated by subroutine CONVECT.
As the coolant flows through the channel in the z direction, it is being heated.
If it is assumed that this heating is uniform along the flow channel, then
AT(1, t)z (6.29)AT(z, t) = '(.9
where I is the length of the flow channel. Furthermore, it is assumed that Ti(t) is
at z = 1; then
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[9 T(zt)] (T(t) -in,i) (6.30)
where Ti,,i is the inlet temperature for the channel. If equations (6.28), (6.29), and
(6.30) are substituted into equation (6.26), the result is
dTi(t)
ri (Pp,)i di
rhi c,A Ti(t) - Tin,i f'IzA: [6.31'
Ti - T-
Xi - xi- 
IT - Ti+1
- Ak- * X
-i 1 ~ xii
+ hi-1,, (T 1 - Ti)
hi 1 (T - Ti+l)
The time derivative is approximated as
dT =Tin-T~-
dt (6.32)At
and substituted into equation (6.31). This is now arranged into the form of equation
(D.7),
-. AiTi+ 1 + BiTi - CiTi- 1 =Di (D.7)
to get the implicit equation for T7" with convection included. Upon performing this
manipulation, it is found that the parameters Ai, B,, Ci, and Di for equation (D.7)
are
A=At
pc,4 ( AkiXi+ 1 - Xi + h-,
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.,t
""ecy(X),t )dx
SAI (Axirhic, Aki-1 i Aki
p Al xAj- x 1  + h ,-±x
C, i +(Ak
rhi C, AtDi = T'(x, t)dxdt + (q )At (6.33)
Alp,; Axi(pcp)i deay 4adAt(
Equation (D.7), with the values of Ai, Bi, C., and Di given in equations (6.33),
is solved in the convection option of THIOD. The results of this analysis are pre-
sented in the following sections.
6.2 Results of Natural Convection Analysis
In the blankets considered in this study, there are three different coolant mate-
rials. Blankets #1 and #3 use liquid lithium, and Blanket #4 uses liquid lithium-
lead. These are the liquid metal cooled blankets. Blankets #2, #5, and #6 all use
helium coolant.
In the liquid metal cooled blankets, the bulk of the pressure drop is due to
MHD effects. Since the MHD pressure drop scales as B2, reducing the magnetic
field (turning off the magnets) has a profound effect on the pressure drop, and thus
the flow rate (rh), which in turn has a major impact on the natural convection
contribution to the cooling of the blanket. In the helium cooled blankets, there is
no MHD pressure drop, thus rh is solved for with equation (6.12), except the B2
terms are neglected. Thus, the pressure drop is due only to friction, and very little
can be done to reduce it. The result, presented in the following section, is that
natural convection in the helium-cooled blankets has a negligible impact on the
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overall blanket temperature response, and thus is not treated in any detail. In the
liquid metal cooled blankets, it is found that if the magnetic field can be reduced
in a relatively short amount of time, the flow rate is sufficient to limit the LOFA
temperature increases to values much lower than what was presented in Chapter 5.
To examine the effects of the magnetic field behavior and the magnitude of
the friction pressure drop, a number of convection cases were run. These cases
are summarized in Table 6.2.1. All of the convection cases correspond to the the
Case 1 base case LOFA (designation CI) from Chapter 5. The parameters varied
in the convection analysis are the magnetic field strength and the constants used
to calculate the friction pressure drop. The cases in the convection analysis are
designated cases M1 through M6. Remember that all of the convection cases are
CI LOFA's. The friction pressure drop calculation is discussed in detail in Appendix
E.
The first convection case has the nominal parameters for both magnetic field
and friction pressure drop. The nominal magnetic field strength is 7.5 Tesla in
the tokamaks and 4.75 Tesla in the RFP. This is held constant in Case MI. In
the second convection case (Case M2), the magnetic field is turned off. This is
done by diverting the current through a resistor, such that the field strength decays
exponentially. A reasonable decay rate is two orders of magnitude in 30 minutes
[6.5]. The friction constants remain at their nominal values in Case M2. Convection
Case M3 refers only to the RFP Blanket #3. Since the RFP has resistive copper
coils, it is conceivable that the magnetic field can be completely shut off in a very
short time. In case M3, the magnetic field strength is assumed to go to zero at
accident initiation. The friction constants again remain at their nominal values. The
remaining cases are used to examine the impact of the friction pressure drop on the
natural convection analysis. Since the friction pressure drop terms are calculated
heuristically, they are subject to substantial uncertainty. In Case M4, the magnetic
field remains constant at its nominal (operational) value, while the friction constants
are reduced by an order of magnitude. This case is used primarily to examine the
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Table 6.2.1 Summary of Different Convection Cases Analyzed.
Magnetic Turbulent Laminar
case Field Behavior Fric. Const. Fric. Const.
Ml constant, nominal nominal nominal
M2 102 Decay in 30 min nominal nominal
M3 immediate shut-off nominal nominal
M4 constant, nominal 0.lx nominal 0.lx nominal
M5 10- Decay in 30 min O.Ix nominal 0.lx nominal
M6 10-2 Decay in 30 min 10x nominal 10x nominal
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helium cooled Blanket #2, where there is no MHD pressure drop. In Case M5,
the magnetic field is reduced as in Case M2, that is, it decays by two orders of
magnitude every 30 minutes. The friction constants in Case M5 are reduced by
an order of magnitude from their nominal values. In Case M6, the magnetic field
again decays by two orders of magnitude every 30 minutes, but the friction constants
are increased by an order of magnitude from their nominal values. The remaining
designation, i.e., for blanket (A2, D4. E4, etc.) and for plasma continuation (PL)
vs. decay heat only (DC), is the same as described in Chapter 5.
6.2.1 Natural Convection in Helium Cooled Blankets
As was stated, the flow rate during natural convection in the helium cooled
blankets is obtained from equation (6.12) without the MHD terms. To get a zeroth-
order feel for the effect natural convection will have on the temperature response, it
is sufficient to solve for the steady-state temperature rise of the coolant as it pases
through the blanket. The steady state flow rate is found from equation (6.10),
ignoring the MHD and temporal acceleration terms. The flow rate is thus
pfgLAT(t) (6.34)
Following the method of Malinovic [6.1, 6.21, to zeroth order, the coolant tempera-
ture rise AT can be found by
rch AT = (6.35)
where 4 is the total decay heat (W, of the blanket. Combining equations (6.34) and
(6.35) results in
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AT = ) (6.36)C ppgL
From Chapter 4. for the helium-cooled Blanket #2, this decay heat level is on the
order of 1.0 MW per unit axial height. If it is assumed that the torus has an
axial height of about 2 x the minor radius (2.14 m). then 4 becomes about 4 MW.
The values of the coolant properties are discussed in Appendix E. The value of L
is assumed to be about 10 meters [6.1, 6.2], but could be as high as 20 m. The
optimistic value of 20 m will be used here.
To get the value of Kfic, the design parameters for Blanket #2, as given in the
BCSS (p. 8-18, Table 8.4-1) are used. From this table, the reactor thermal power is
about 5400 MW. Assuming that 25% of this is deposited on the inboard side (from
results presented in Section 4.5), this means that 1350 MW are removed by the
coolant in the inboard blanket. Using a value for c, for helium of 5200 J/kg-'K,
and a AT of 235 K (from BCSSTable 8.4-1), the inboard rh, as found from equation
(6.35), is about 1100 kg/s. From Table 8.10-24 (p. 8-130), the total pressure drop
in the inboard blanket is 0.095 MPa, and the pressure drop for the inlet and outlet
piping, as well as the steam generator, is 0.067 MPa. The effective pressure drop,
for the fraction of the coolant that passes through the inboard blanket (as opposed
to the outboard blanket), is 0.162 MPa. Thus, Kfric for the inboard blanket, as
defined in equation (6.5), is 147 (where AP is expressed in Pa and ih in kg/s).
Note that during operation, the helium flow is turbulent, and thus equation
(6.5) does not apply. During natural convection, however, once the steady state flow
rate is reached, the flow will likely be laminar. Thus, defining Kf,%c in equation
(6.5) is difficult, but for these purposes, the calculated value of 147 will be used
for illustration. The treatment of the friction constant Kfic is discussed in detail
in Appendix E. Briefly, a turbulent correlation is used, in which the pressure drop
is proportional to the square of the flow rate (rh 2). The proportionality constant
Kf,c is a function of the Reynold's number. During laminar flow, Kf,ie scales as
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Re-', thus the pressure drop is linearly dependent on the flow rate.
Continuing with the calculation of equation (6.36), inserting the values of the
parameters on the right hand side, it is found that 'AT = 450 "C. Given the inlet
temperature of 275 'C, it is seen that the helium will exit the blanket at 725 'C,
which is in the temperature range of the first wall of Blanket #2 for the Case 1
LOFA (no natural convection) discussed in Chapter 5. This implies that including
natural convection in the LOFA calculation will not greatly impact the tempera-
ture response. This result potentially is sensitive to the Kfrc parameter, however,
and thus the impact of natural convection in the helium cooled Blanket #2 was
investigated.
The model discussed in Section 6.1, with some modifications as discussed in
Appendix E, was used to calculate the temperature response of Blanket #2 to the
base case LOFA. Two cases were run. These are Cases MI and M4 in Table 6.2.1.
The temperature response of the first wall, for the nominal neutron wall load
of 5 MW/m 2 , for these two cases, are given in Figure 6.2.1a. Figure 6.2.1a also
gives the temperature response of the base case (no convection) LOFA discussed in
Chapter 5, for both plasma continuation (PL) and decay heat only (DC). Recall
that the base case LOFA for the helium cooled blankets assumes immediate plasma
shut-off (DC), since it was assumed that the effect of the coolant coast-down time
would negate the effect of the continued plasma burn. The convection cases (Ml and
M4) assume continued plasma burn, since the coolant coast down effects are auto-
matically included in the convection analysis. The maximum temperature reached
in the first wall as a function of neutron wall load for these four cases is given in
Figure 6.2.1b.
Note in Figure 6.2.1 that the first wall temperature response for the nominal
K! ic natural convection Case M1 is very similar to Case CIDC, which is the
LOFA without convection but assuming decay heat only. Thus, it appears that the
assumption that the convection effects of coolant coast down would negate the
271
Figure 6.2.la First Wall Temperature History After
With and ithout Natural Convection
LOFA for Blanket #2
I I
Case CJPL,
Case MIPL,
Case CIDC,
Case M4PL,
100
no NatCon
nominal friction
no NatCon
low friction
Time (hours)
272
1200
1100
1000
900
i I
0
0.)
S..
I-.0.)
0.)
800
700
600
500
400
300
200
30 40 50
I I I I
I
I I i i I
- -..........................
Figure 6.2.1b Maximum First Wall Temperature vs. Wall Load for Blanket #2
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continued plasma burn effects is a valid one. Using the low value of Kfric, Case
M4, has a small but noticeable impact on the temperature response. However, from
Figure 6.2.1b, it is seen that there is no more than a 25 - 30 OC difference between
this case (M4), which is an optimistic convection case, and the base case LOFA
C1DC, which assumes no convection, at any wall load. This verifies the "back of
the envelope"calculation at the beginning of this section, which indicated that the
impact of natural convection in the helium cooled blankets would be minimal. For
this reason, natural convection in the helium cooled blankets was not investigated
further. The conclusion is that in helium cooled systems, due mostly to a low coolant
density, natural convection after pump failure can not be expected to mitigate the
consequences discussed in Chapter 5.
6.2.2 Natural Convection in Li/Li/V Tokamak Blanket #1
The potential for convective cooling in liquid metal cooled systems is much
better than in helium cooled systems. Equation (6.36) was derived to give a general
idea of the convection potential by defining the maximum coolant temperature rise
AT. Note that AT is inversely proportional to the coolant properties p, 3, and c,
as
AToc 1/2(6.37)
The product Opc, is 28 times higher for liquid lithium than for helium, which
indicates that the AT will be five times lower in the lithium cooled system than in
the helium cooled system. This means that AT for the lithium system will be about
80 *C. It must be remembered, however, that the liquid metal cooled systems are
subject to an MHD pressure drop which, at moderate to high values of the magnetic
field strength B, will dominate the total pressure drop term. For this reason, if the
magnetic field stays on, it is likely that natural convection in liquid lithium cooled
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systems will have no more impact than it does in helium cooled systems. Including
the MH D pressure drop, the steady state equation that defines AT becomes
61 -28
pfgLAT = -B -- + K'aric 2  (6.38)
pA a
As stated, the friction pressure drop term can be neglected. Using the relation [6.341
to substitute for rh, and solving for AT, yields
-2 1/2
AT [2 3cpagL](6.39)
Using the values given in Appendix E, B=7.5 Tesla, the liquid lithium AT is about
600 *C. The value of q used is the same as that used for the helium AT, but is
reduced to correspond to one flow channel, since the geometry parameters are for
one flow channel only. So it is seen that under these circumstances, including MHD
will have a very minor impact on the temperature rise. If the magnetic field can
be turned off, however, or at least reduced in strength, the back-of-the:envelope
analysis presented above, for friction pressure drop only, indicates that natural
convection can have a major impact on the temperature response in liquid metal
cooled systems.
The base model for the liquid metal natural convection analysis is presented in
Section 6.1. The friction pressure drop term is discussed in Appendix E. This term
is only important when the magnetic field is turned off. This model was applied
to Blanket #1. The details of the coolant properties and flow loop geometry are
presented in Appendix E. The results of this analysis follow. Please refer to Table
6.2.1 for designation of cases.
The temperature response to the base case LOFA, with the magnetic field
remaining constant at its operational value (Case MI), is given in Figures 6.2.2a
and 6.2.2b, along with the response calculated without convection (Case Cl). As
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can be seen, the difference is negligible, which indicates that the flow rate of the
lithium coolant is so small that it essentially carries no heat out of the blanket.
This is the expected result and supports the conclusions of earlier works that under
a magnetic field, the high MHD pressure drop eliminates the potential for natural
convection cooling in liquid lithium systems.
In superconducting magnet systems, unlike normal resistive magnets, the mag-
net cannot be simply "turned off"by turning off the current. However, it is possible
to reduce the magnetic field by diverting the current through a resistor, which would
cause the magnetic field strength to decay exponentially. Under these conditions, a
reasonable decay rate would be a two order of magnitude decay in 30 minutes [6.5].
This means that 30 minutes after accident initiation, the magnetic field strength
would be 10' of its operational value, and after one hour, it would be 10-4 times
its operational value. The decay would continue at this rate for the duration of
the transient, however, after the first hour, the 104 reduction in the field would be
enough to make the MHD pressure drop term negligible compared to the friction
pressure drop term.
This magnetic field behavior, with the nominal friction pressure drop constants
is designated Case M2 (see Table 6.2.1). The temperature response of Blanket #1
to the Case M2 LOFA is given in Figures 6.2.3a and 6.2.3b, again with the response
to the no-convection LOFA Case C1. The differences here are very large. Note in
Figure 6.2.3a that the temperature decreases almost immediately to well below the
operating temperature. There is a plasma-induced temperature rise, leading to a
maximum temperature, in the first five seconds (which is not clear in Figure 6.2.3a).
All of the maximum temperatures for Case M2 plotted in Figure 6.2.3b are plasma-
induced, occurring within five seconds. Immediately after this peak is reached, the
continued coolant flow cools the blanket rapidly, reaching a quasi-steady state of
about 350 0 C, which is 50 *C above the, oolant inlet temperature. This is in contrast
to the results presented in Chapter 5, in which there was often a plasma-induced
peak, then a decrease in temperature, followed by a second temperature
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peak, which was the result of decay heating.: In these convection cases, there is
no second temperature peak. Following the plasma-induced peak, the temperature
declines steadily to its quasi-steady state value, and thus there is no decay heat-
induced temperature peak.
Although the result is obvious, it is useful to compare the coolant flow rates
for convection Cases M1 and M2. In both cases, the flow becomes laminar almost
immediately. Thus, according to the forced convection 'model (see Appendix E),
the Nusselt numbers, and therefore the heat transfer coefficients h, will be the same
in either case. This means that any difference in the temperature response between
the two cases is due strictly to the coolant flow rate ri. As is clear from Figures
6.2.2a and 6.2.3a, there is a large difference in the temperature responses in the
two cases. The coolant flow rates (rh, kg/s) for both cases plotted in Figure 6.2.4.
In both cases, the flow rate drops very rapidly from its initial value of 1639 kg/s
to below 0.1 kg/s, before rising to its steady statet value. The initial drop is so
rapid that it cannot be seen in Figure 6.2.4. Note that the steady-state flow rate for
Case M2 is almost three orders of magnitude higher than that for Case MI. During
the steady state condition, the M2 pressure drop is due only to friction, while the
MI pressure drop is due to MHD and friction. Thus, the MHD pressure drop with
the operational magnetic field is three orders of magnitude larger than the friction
pressure drop with the nominal friction constants Ka and Kturb
f ric fric*
It can be concluded from these results that as long as the magnetic field remains
on, the exact value of the friction constants is not important. However, when the
f The "steady-state"condition referred to in the convection analysis is not a true
steady state, because the decay heat source, decay is constantly decaying with
time. This means that the coolant temperature rise AT will also decrease with
time, and so will the flow rate rh. At long times (> 24 hours), however, the time
rate-of-change of all of these parameters is small, and thus the condition resembles
a true steady state.
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magnetic field is turned off (i.e., reduced by at least two orders of magnitude in a
time that is short compared to the length of the transient), the values of the friction
constants become very important. The heuristic nature of the calculation of these
constants (see Appendix E) is subject to considerable of uncertainty, and thus an
order of magnitude variation in their values is not inconceivable'. Furthermore, the
indication from the results presented in Figure 6.2.4 and discussed above is that
an order of magnitude increase in Kfric would cause a significant decrease in the
flow rate, which could greatly impact the Case M2 temperature'response presented
in Figure 6.2.3a. For this reason, the friction constants were varied by an order of
magnitude in either direction from their nominal values, with the same magnetic
field decay behavior (i.e., two orders of magnitude decay every 30 minutes). The
case with the reduced friction constants is Case M5, and the case with the increased
friction constants is M6 (see Table 6.2.1).
Figure 6.2.5a presents the temperature vs. time behavior of the first wall of
Blanket #1 in Cases M1, M5, and M6. The flow rate vs. time behavior for these
three cases is given in Figure 6.2.5b. Note that the case with the highest flow rate
is the case with the lowest temperature rise, as expected. It should be pointed
out that the maximum temperatures reached in all of these cases are essentially
the same. This is because the maximum temperatures are plasma-induced and
are reached within five seconds. In this short time, the magnetic field has not yet
decayed significantly, and thus the friction pressure drop term is still not important.
As far as the steady state temperature goes, however, the factor of 10 increase in the
friction constants (Case M6) leads to an 80 'C increase in the coolant temperature
rise, which is a factor of about 2.4 greater than the nominal case (M2). Meanwhile,
a factor of 10 decrease in the friction constants (Case M5) leads to a 30 *C decrease
in the coolant temperature rise, which is a decrease of a factor of 2.3 from that of
Case M2. It is interesting to note that the steady state flow rate in Case M5 is 2.6
times greater than Case M2, while that of Case M6 is 2.9 times less than Case M2.
These ratios correspond almost exactly with the ratios of the coolant temperature
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rise A T, supporting the contention that the impact of natural convection cooling
relies primarily on the flow rate, and not the heat transfer coefficients h (which are
the same in all three cases).
It is clear from these results that if the magnetic field can be turned off in
a reasonable amount of time, liquid lithium natural convection has the potential
to keep the blanket temperature well below the limits. If. however, the magnetic
field can not be turned off, natural convection will be completely suppressed, and
the conclusions regarding the temperature rise and potential for damage given in
Chapter 5 will apply. It is therefore highly recommended that the superconducting
magnets be designed with an allowance for a fairly rapid shut-down. Ideally, this
mechanism would be directly coupled to other accident indicators, such as pump
speed or coolant flow rate, for more rapid and reliable response. Such a mechanism
would not necessarily be considered inherent safety, since it does rely on an external
electrical or mechanical subsystem which has the potential for failure. However, it
seems reasonable that such a system could be fail-safe, and would certainly represent
a large improvement in the overall thermal safety of the reactor. One advantage
of this would be that a pump-failure LOFA would require only pump replacement
or repair, since no structural damage would occur. Thus, the reactor could be
re-started soon after the accident.
6.2.3 Natural Convection in LiPb/LiPb/VCrTi Tokamak Blanket #4
The only difference between Blankets #1 and #4 that is of significance is in
the coolant material. The material choice can have a significant impact. Note in
equation (6.39) that the steady state temperature rise scales as (p20c,) ~12. This
factor is 46 times larger for LiPb than for lithium [6.1, 6.2], which indicates that
the temperature rise will be almost seven times lower in the LiPb system. This will
not be the case, however, since, at the operational magnetic field strength, the AT
for lithium is bounded by the temperature reached when no convection is assumed,
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which is less than the AT calculated with equation (6.39). Even considering this, the
conclusion that AT will be lower for LiPb is still valid. Note that this corresponds
to the MHD case, in which the magnetic field stays on. In the case where the
magnetic field is turned off, and the pressure drop is due only to friction, the steady
state AT scales as (pfc,)- 1 / 2 . This factor is only 2.5 times greater for LiPb than
for Li, so the temperature rise should only be about 1.6 times lower.
Figures 6.2.6a and 6.2.6b compare the temperature response to the convection
Case M1 with that of the non-convection Case C1 LOFA's for Blanket #4. Note
that, unlike for the lithium case (Blanket #1), there is a significant difference be-
tween Case MI and C1, even with the magnetic field on. Note that the coolant inlet
temperature for LiPb is 250 'C, which is 50 *C less than for lithium. This issue is
discussed in Appendix E. Briefly, since the initial blanket temperature of Blanket
#4 is 50 *C less than that of Blanket #1, the coolant inlet temperature was also
decreased by 50 *C in order to keep the same operational coolant temperature rise,
as well as eliminate the possibility that a different set of initial conditions could
lead to different results. Note also that lithium lead is assumed to flow upward in
the blanket, unlike the downward flow assumed in the BCSS design.
The indication from Figure 6.2.6 is that allowing for convection in the LiPb
blanket reduces the maximum and steady-state temperatures to safe levels, even at
high wall loads. This being the case, it appears that in LiPb blankets, it may not
be necessary to shut off the magnets in the event of pump failure. This represents a
substantial advantage over the liquid lithium blanket, for which it is recommended
that the superconducting magnets be designed such that they can be shut off fairly
quickly.
Figures 6.2.7a and 6.2.7b show the temperature response to the M2 convection
LOFA, in which the magnets are shut off (two order of magnitude decay in 30
minutes), compared to the C1 no-convection LOFA. The behavior seen here is very
similar to the lithium case (Figure 6.2.3). In fact, the coolant temperature rise in
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the LiPb case appears to be slightly higher than for lithium. With the magnetic
field essentially shut off, there is no MHD pressure drop. This means the coolant
temperature rise AT is not dependent on the coolant property p20c,, as it is in
the MHD case. In the friction-only case, the steady state coolant AT is found
by equating the buoyancy pressure head with the friction pressure drop. The flow
rates in this case are found to be turbulent in the first wall channel, and so the
friction pressure drop is found with equations (E.1) and (E.7). Equating this friction
pressure drop with the buoyancy pressure head yields
Cturbp0.25 2.7f 11
AT= [C1.75 .7(6.40)
Substituting the appropriate values for the liquid lithium cooled Blanket #1
and the Li1 7Pb83 cooled Blanket #4 (see Appendix E) shows that the temperature
rise in the Lil 7 Pb8 3 system is about 20% higher than in the lithium system.
6.2.4 Natural Convection in Li/Li/V RFP Blanket #3
The Reverse-Field-Pinch Blanket #3 has essentially the same material compo-
sition as, and thus is expected to display natural characteristics similar to, Blanket
#1. However, the RFP has resistive copper magnets, which, unlike the supercon-
ducting magnets of the tokamaks, can be completely shut off in a very short time
by shutting off the current that drives them. This process requires rapidly dumping
a large amount of electrical energy which, at least in theory, can be done. Whether
this contributes any benefit in terms of thermal safety by aiding natural convec-
tion beyond the exponential decay of the field strength that was assumed for the
tokamak blankets is a relevant issue.
First, it should be noted that the RFP operates at a lower magnetic field than
the STARFIRE reference value 6.8J for Lhe tokamaks used in this analysis. This is
discussed in Appendix E. This lower magnetic field will result in better convective
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heat removal than the tokamaks in the case where the magnets stay on (Case MI).
Furthermore, the resistive copper magnets of the RFP can be more quickly turned
off, which is another advantage for the RFP. These factors must both be considered
when comparing the results of the convection analysis for the tokamak blanket
(Blanket #1) and the RFP blanket (Blanket #3).
Figures'6.2.8a and 6.2.8b give the temperature response in the first wall of
Blanket #3 to the convection Case MI and the no-convection Case C1 LOFA's
at the nominal 15 MW/m 2 wall load. Unlike Blanket #1, there is a small but
noticeable difference in the temperature response between the no-convection and
convection cases when the magnetic field remains at its operational value. This is
due primarily to the lower magnetic field in the RFP. The difference is still very
small, however, indicating that operation at a lower B-field will not sufficiently
enhance natural convection cooling in lithium cooled blankets.
The ability to shut off the copper magnets essentially immediately could have
a significant impact. The temperature responses of Blanket #3 to convection Cases
M1, M2, and M3 (see Table 6.2.1) are plotted in Figures 6.2.9a and 6.2.9b. In Case
M2, turning off the magnetic field means the field strength decays by two orders
of magnitude every 30 minutes. In Case M3, the magnetic field is completely shut
off, such that B=0.0, at time=0. Note from Figure 6.2.9a that this immediate shut-
off causes the plasma induced peak temperature, which is reached in about three
seconds, to decrease rapidly to well below the operational temperature. This rise-
to-peak (three seconds) and then decrease is so rapid that it is not distinguishable
in Figure 6.2.9a, where it appears as if the temperature starts at about 300 *C.
The peak temperatures are given in Figure 6.2.9b. The difference between Cases
M2 and M3 is small, but increases with wall load. At the nominal wall load of
15 MW/M 2, the difference in the peak temperatures between Cases M2 and M3 is
about 50 'C. This difference is potentially significant, however, at the relatively low
values of peak temperature being reached (- 850 - 900 'C), will not likely make a
difference in overall thermal safety. Note from Figure 6. 2 .9a that the steady state
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temperatures in Cases M2 and M3 are virtually identical. This is as expected, since
at long times (> 2 hours), the magnetic field in Case M2 has decayed to essentially
zero.
The response to Case M2, as well as the steady state response to Case M3.
is very similar to the response to Case M2 in Blanket #1. This is because the
impact of convection depends on the coolant material properties and the flow loop
geometry. The overall mechanical configuration, and thus the flow loop geometry,
is very similar for the tokamak and the RFP. The conclusion is that, in terms of
natural convective cooling, the RFP does not represent an inherent advantage over
the tokamak.
6.3 Conclusions for Natural Convection
The results clearly show that natural convection cooling can successfully mit-
igate the consequences of Loss-of-Flow Accidents in liquid metal cooled reactors.
The properties of the coolant are very important in determining the impact. The
low density of helium render it ineffectual as a natural convection medium, such
that the temperature response of helium-cooled blankets is not affected by natural
convection. The impact in liquid metal-cooled blankets can be very significant, but
because of MHD effects, depends strongly on the magnitude of the magnetic field.
Due to desirable coolant properties, liquid lithium-lead (Li 7 Pbs3 ) can significantly
reduce the temperature rise in the event of a LOFA, even if the magnetic field re-
mains at the operational value. This is not true of liquid lithium. The impact of
natural convection in liquid lithium-cooled systems depends on the exact magnitude
of the magnetic field, however, at the fields that are currently considered for use in
fusion power reactors, i.e., - 5 - 10 Tesla and above, natural convection in lithium
is almost completely suppressed.
Turning off the magnets, or substantially reducing the field strength in a rela-
tively short time, greatly improves the impact that natural convection will have on
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the temperature response. Plasma-induced peak temperatures, which are reached in
the first few seconds of the transient, will be reduced only slightly. At longer times,
however, the temperatures can be reduced to safe levels such that there is no danger
of structural damage. For this reason, it is important to design superconducting
magnets such that they can be shut off or experience a two order of magnitude
field reduction in relatively short times, i.e., < 1 hour. This is especially true in
lithium-cooled systems. The ability to shut off copper magnets in extremely short
times causes a reduction in the (plasma-induced) peak temperature, although the
longer term (steady-state) temperature response will be similar. Copper magnets
offer an advantage in that they can always be shut off fairly rapidly, whereas the
shutdown time of superconducting magnets is somewhat uncertain, and could be
rather long.
In the event that the magnets can be shut-off, the natural convection impact
further depends on the hydrodynamic (i.e., friction and form loss) pressure drop
of the flow loop. It is desirable to reduce this pressure drop as much as possible.
However, this parameter is far less important than the magnetic field behavior.
When the magnetic field is turned off, an order of magnitude decrease in the friction
constants (usually referred to as f and Kf) will result in only about a factor of 2
or 3 decrease in the steady state coolant temperature rise. In these instances, this
temperature rise is usually low enough such that a factor of three is not important.
Such changes in the friction constants result in an even smaller difference in the
(plasma-induced) peak first wall temperature.
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7. Plasma Overpower/Continuation ransients
In addition to the undercooling transients discussed in Chapters 5 and 6, a
mismatch between the power and cooling can arise from an increase in the power
level. The problem stems from the fact that the power could increase by some
incremental amount, and perhaps continue to increase due to a positive feedback
mechanism, while the cooling rate (i.e., coolant velocity) remains at the nominal
level. This mismatch will result in a rise in the first wall temperature until the
plaisma shuts off, or until a new (higher) steady state temperature value is reached,
depending on the behavior of the plasma power increase.
Ir either case, unlike the Loss-of-Flow and Loss-of-Coolant transients discussed
previously, the primary stress in the first wall will remain at the operational level,
while the thermal stress becomes higher as the temperature gradient in the first
wall increases (due to the higher plasma heat flux). The combination of ificreased
temperature and high stress can result in either acute structural failure or thermal
creep rupture of the first wall.
Note that the overpower phenomenon is similar to the LOFA or LOCA cases
in which the plasma continues to burn. Recall from Chapters 5 and 6 that the post-
accident time behavior of the plasma power was given by an assumption. The effect
of the continued plasma burn (versus immediate plasma shut-off) was discussed
briefly in Section 5.4.5. In this previous discussion, no mechanism was described
which would cause the plasma to shut off, or to follow the behavior given in Figure
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5.1.3. It is possible that the plasma would continue to burn, until gross structural
failure or evaporation of coating material caused a mass influx of impurities into
the plasma.
Clearly, the problem at hand is that the plasma-induced temperature excursions
could lead to failure of the first wall if the plasma continues to burn without some
kind of "automatic shut-off mechanism". One such mechanism, as proposed by
Grant Logan [7.11, is that of a "fuse plug". This consists of a small section of the
first wall, or a plug, that is made of a material other than the rest of the first wall.
Behind this plug would be a small canister of high pressure helium. The idea would
be that in the event of a plasma-induced temperature excursion, this plug would fail
at some time before the bulk of the first wall fails. When the plug fails, the helium
behind it would escape into the plasma chamber, thus diluting (and extinguishing)
the plasma.
The purpose of this chapter is to analyze this plasma shut-off mechanism, and
the issues that must be considered when designing the plug. The issues that first
come to mind are to identify the failure mechanism (i.e., melting, acute structural
failure, thermal creep rupture) of importance, and the time scale involved, that is,
the timie-to-failure. The model for this analysis is discussed in Section 7.1. Section
7.2 presents the results of the analysis as applied to a vanadium alloy (V-15Cr-
5Ti) first wall and an HT-9 first wall, since these are the first wall materials of the
blankets considered in this study. The HT-9 used in this study is actually a low
activation version, which is referred to as MT-9. The only difference between MT-9
and HT-9 are the activation characteristics. The thermal and mechanical properties
of the two steels are the same. This chapter does not deal with structural activation,
and so the designation HT-9 is maintained. This is because the material properties
used in this chapter were taken from the reference data on HT-9 [7.2,7.3,7.71. In
Section 7.3, the results of Section 7.2 are- used to identify the material properties
that are required of the fuse plug material.
303
7.1 Model for Plasma Overpower/Continuation Analysis
The model to determine the overpower (or plasma-induced) temperature re-
sponse of the first wall is based on the code THIOD. Only the first wall is consid-
ered. The heat source consists of both the plasma heat flux on the front face of the
first wall, as well as the operational power density in the first wall from neutron
interactions. This volumetric heat source tends to be small compared to the surface
heat flux, hbt the effect is included for completeness. For the boundary condition
in the overpower cases, it is assumed that the coolant temperature at the back face
of the first wall remains constant, as does the heat transfer coefficient h betweeii
the first wall and the flowing coolant. To analyze the LOFA or LOCA cases with
continued plasma burn, the value of h is varied to reflect the fact that the coolant
is not flowing or is no longer present.
The first wall is not represented as a single mesh point, as it is in the analyses
presented in Chapters 5 and 6. Instead, a much more detailed spatial mesh is used,
in order to determine the extent of damage that the first wall experiences during the
transient. It is also necessary to obtain an accurate temperature gradient across
the first wall in order to assess the thermal stresses in the wall. The first walls
analyzed are those of Blankets #1 and #2. In both cases, the End-of-Life (EOL)
wall thickness is used (3.0 mm for VCrTi Blanket #1, 1.5 mm for HT-9 Blanket
#2). The sensitivity of the results to the thickness of the first wall is determined
through a parametric study; The initial temperature distribution across the first
wall was found by setting the temperature of the coolant behind the first wall.
For the VCrTi case, the coolant temperature (Tcoolant) is 751 K, and for the ITr-9
case, it is 728 K. This, along with the heat transfer coefficient h from the wall to the
coolant, determines the temperature at the back of the wall, since during operation,
all the heat both entering the wall and being produced in it must be transferred to
the coolant. The operational gradient was found by inputting Tcooiant and h into
the code and running it for the nominal plasma power level. This yields as a result
the operational (steady-state) temperature distribution in the first wall, from which
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the operational temperature gradient AT is found. For the VCrTi wall, AT is 107
K, and for the HT-9 wall, AT is 53 K.
The rest of the model used to determine the temperature response to the over-
power transients is the same as that presented in Chapter 5 and Appendix D. Un-
like the results presented previously, however, the structural damage analysis here
is carried out simultaneously with the temperature response analysis. This reqiires
simultaneo(us calculation of the stress level in the first wall. The total stress in the
first wall is due to the coolant pressure and the thermal gradient.
7.1.1 Determination of First Wall Stress
To determine the stress level in the first wall, it is assumed that the first wall is a
long cylinder, with flowing coolant in the inner annulus. There are two components
of the stress in the first wall. The first is due to the pressure of the coolant. This
stress is treated with a simple thin-shell model, such that the pressure stress is
constant across the thickness of the first wall and is given by
a- pR (7.1)
where
p is the coolant pressure (MPa),
R is the radius of the first wall cylinder (m), and
S is the effective thickness of the first wall (m).
Note that in the thin-shell model, it is assumed that ,'>> 1. The coolant pressure
p and the cylinder radius R remain constant. The effective first wall thickness h,
however, changes with time, as is discussed is Section 7.1.2.
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The second stress component is the thermal stress, which arises from the temn-
perature gradient across the first wall. During operation, there exists a steady state
ternperature gradient which leads to a thermal stress. Mechanical strain during op-
eration works to relieve this stress, such that it is assumed that at EOL, the thermal
stress across the first wall is zero. Thus, the operational temperature distribution
is the "zero point"for the thermal stress in the first wall. During the overpower
transient, the temperature gradient increases, and during the plasma-contintiation
LOVA and LOCA cases, the temperature gradient decreases. In either case, the
change in the gradient causes a thermal stress. The thermal strain at mesh point
i, ei, is found by
Ei= a(Ti - Tio) (7.2)
where
(I is the thermal expansion coefficient of the first wall material (K i), and
7) is the initial temperature at mesh point i.
The thermal stress at any mesh point i is related to the difference between the
thermal strain Ei at point i and the average thermal stress e across the first wall
as
EO= (,e(7.3)
where
E is Young's Modulus for the first wall material (MPa), and
v is Poisson's-ratio.
The total stress at mesh point i is then the sum of the pressure stress and the
306
thermal stress at point i, such that
-=Cr + o2 (7.4)
7.1.2 Determination of First Wall Damage
Once the temperature vs. time history is known, as well as the stress in the lirst
wall, the level of structural damage can be determined. As is discussed in Chapter 3,
there are two damage mechanisms: acute structural failure, which occurs when the
applied stress exceeds the ultimate tensile strength (UTS) of the material, and ther-
mal creep rupture, which occurs when the applied stress (at elevated temperatures)
causes excessive creep.
Both the UTS and creep resistance are temperature dependent material prop-
erties. Thus, due to the temperature gradient, the degree of structural damage will
vary across the thickness of the first wall. The question is whether the first wall as
a whole has failed, and the time it takes for that failure to occur. Both the acute
failure and thermal creep rupture analyses are carried out simultaneously with the
temperature response calculation. The processes described in the next two sections
are carried out during each time step, until failure by either mechanism has oc-
curred, or until four hours have passed. It is assumed that four hours is sufficient
time to intervene and halt the overpower transient by external means.
7.1.2.1 Acute Structural Failure
As was stated, the ultimate tensile strength of the first wall material is a tem-
perature dependent property. The assumption given in Chapter 3 is that above a
certain temperature, the UTS is essentially zero, such that structures which reach
this temperature are assumed to have suffered acute structural failure. This as-
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surmptionr is necessitated by the lack of high temperature strength dattaifr VCr'Pi
and [IT-9. For the analyses presented in Chapters 5 and 6, using this assumption
is sufficient for defining a maximum allowable temperature in the first wall. lII
this chapter, the goal is to calculate the failure time, given the calculated stress
and temperature distributions within the first wall. This requires knowledge cf
the UTS as a function of temperature, in order to determine whether the UTS
has been exceeded. The relations used for this analysis are given below. These
relations are gross extrapolations of limited data bases, and are used primarily to
illustrate the methodology, as well as make zeroth-order guesses of the failure time.
They should not be construed as accurate representations of the high temperature
strength characteristics of VCrTi and HT-9, and for this reason were not included
in the discussion of material limits given in Chapter 3.
To obtain a relation correlating the UTS to the temperature, the mechanical
property data presented in the BCSS [7.21 was approximated as a linear function of
temperature. Then, the UTS for the "slab"of material represented by mesh ptiint i
can be found with the temperature T;, using
U2= ausTi +burrs (.
where
U; is the ultimate tensile strength of the "slab"in mesh zone i (MPa), and
a1UTs and bu~rs are coefficients derived from the data in reference [7.21. These
values are,
for VCrTi:
aurs = -1.133
bUTs = 1719
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for HT-9):
au'rs =-0.900
burs 1241
Using Ui and o, it can be determined if the material in mesh zone i has "failed".
If (T exceeds 11i, then it is assumed that this slab has failed. This does not necessarily
mean the first wall has failed, however, since there may still be sone portion of the
first wall which has not failed. When mesh zone i fails, it is assumed that that part
of the first wall is no longer capable of supporting any of the load on the first wall.
Thus, the effective thickness of the first wall, 5, is reduced by the thickness of mesh
zone i, i.e., xiX. Mathematically, if oi > Ui, then
S = b- Axi(7.6)
If, because of this reduction, S becomes zero (or less), then the first wall is considered
to have suffered acute structural failure. This is because a 6 of zero or less neans
that every mesh zone comprising the first wall has failed, thus, the entire first wall
has failed. The time at which S reached zero is then the failure time. If b is still
above zero, then the first wall is considered to have not yet failed. However, nIte
from equation (7.2) that the pressure stress in the wall is inversely proportional to
b. Given the reduction in & (equation (7.6)), this means that the pressure stress iii
the part of the wall that has not yet failed will increase. This is because, essentially,
if some part of the wall is assumed to be no longer capable of supporting a load,
then the load must be supported by an effectively thinner wall, resulting in higher
stresses.
7.1.2.2 Thermal Creep Rupture
Like the (TS, thermal creep resistance is highly temperature dependent. Treat-
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iment of the temperature dependence of the creep process using Larson-Miller theory
is described in detail in Chapter 3 and Appendix A. To obtain the Larson-Miller
Parameter for mesh zone i given the stress oj, the following correlations are used:
For VCrTi:
P- = -48.86oi + 7.266(1O4) (7.7)
For IT-9:
Pi= -6.879(10 3 )logo(oi.) + 4.183(104) (7.8)
Note that the correlation for VCrTi is the same as that given in Appendix A,
while that for HT-9 is different. The difference in the HT-9 correlation reflects
the difference in creep behavior at the lower temperature and higher stress regimes
experienced in the overpower transient analysis. This correlation comes fromt the
data presented in reference [7.31.
Once the Larson-Miller parameter P; is known, the rupture fraction for mesh
zone i, f is calculated in the same manner as is described in Chapter 3 and Ap-
pendix A. When f, exceeds one, then it is assumed that the material in zone i has
failed, and, just as in the acute failure analysis, the effective first wall thickness 6 is
reduced by Axi. Again, if S reaches zero, then the first wall is considered to have
failed due to thermal creep rupture.
It should be noted that, since the front of the first wall is the hottest, it is
generally expected that both acute structural damage and thermal creep rupture
will begin at the front and "propagate"toward the back face. Thus, there will be
some overlap of the region that has failed due to structural failure and that which
has failed due to thermal creep rupture. In this instance, the effective first wall
thickness S is not reduced by the thickness of both regions, but only by the larger
310
I
thickness. That is, the total thickness that has suffered acute structural failure is
labeled 8 acute, and the thickness that has suffered thermal creep rupture is Screep.
Then, the effective first wall thickness b is reduced only by the rmaximin m of Sk
and 6creep, not the sum of the two.
7.2 Results of Overpower Transient Analysis
rhe model described in the previous section was applied to the structural mate-
rials VCrTi and HT-9, using a number of different plasma power vs. time scenarios,
as well as the LOFA and LOCA cases with continued plasma burn. The results
obtained essentially consist of the time to failure and the failure mechanism. In
some instances, no failure occurred within the four hour maximum. The results
presented in this section are not intended to give an accurate indication of the ac-
tual time to failure in the event of plasma overpower transients. Instead, they are
to be considered as a zeroth-order "guess"at the failure time, and used for cchii[mpar-
ative purposes between the structural materials, and to give an indication of the
desirable properties of potential fuse plug materials.
7.2.1 Increased Plasma Heat Flux
A number of different plasma power excursions were considered for the cases in
which the plasma power (surface heat flux) is above the nominal level, while the
cooling remains active. The results of any other behavior can be inferred from the
results obtained here. The plasma power is represented by the surface heat flux Ih.
Mathematically, the heat flux time behavior is represented as
Ph = ro"(1 tC') (7.9)
where
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fUj is the surface heat tlux (MW/m 2 ),
r"' is the nominal surface heat flux (MW/m 2 ),
t is the time (seconds), and
c and p are inputted constants.
The values of c and p were varied. The two cases examined most thoroughly are
the step increase case and the linear increase case. In the step increase case, the
exponent p is zero, and in the linear increase case, p=1. Note that when p=0, the
plasma power increases by a factor of c+1 and then remains at that level. When
p=l, the power increases by an increment of r" every 1/c seconds.
Tables 7.2.1a and 7.2.1b give the results of the overpower analysis for VCrTi and
HT-9 respectively. The tables give the values of c and p, then show the maximmIIII
first wall temperature rise ( .Tma), the average first wall temperature rise at the
time that the maximum is reached (A T,), the failure time (tf(Lil), and the fraction
of the first wall that has failed due to acute failure and thermal creep ruptire. A
value of 1.0 in either of these columns indicates failure by the specified mechanism.
Analysis of the results presented in Table 7.2.1 is useful for obtaining a feel for
what takes place in the overpower transient. In the cases where p=0.0, that is,
when the power increases incrementally and then remains constant at the elevated
level, the temperature distribution rapidly reaches a new steady state based on the
new power level. Recall that the power level is increased by a factor of c--1. In
these cases, the temperature difference between the wall and the coolant increases
by the same factor, to account for the fact that c+1 times as much heat is being
transferred to the coolant. As was stated in Section 7.1, it is assumed that over
the relatively short time frame of the overpower transient, the coolant temperature
Tcoolant remains constant. The temperature difference between the wall and the
coolant is relatively small, only a few degrees, thus the temperature at the back
face of the wall changes only very slightly. The temperature gradient AT, which
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a Results of Overpower Analysis for VCrTi. First wall thickness = 3.0 mm.rable 7..I
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A value of 1.0 indicates failure by this mechanism.
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L .2.Ib . .. ,ilts of Overpower Analysis for HT-9. First wall thickness = 1.5 mm.
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A value of 1.0 indicates failure by this mechanism.
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essentially is linearly dependent on the heat flux, also increases by a factor of C + I.
What is really being measured by this analysis, then, is the ability of the first wall
to handle higher power levels, i.e., higher wall loads.
The results in Table 7.2.1 can also be used to define a "maximumallowable"over-
power transient. That is, if, for a given overpower transient, the time behavior of
the plasma power and the duration of the transient are known, an equivalent factor
can be found and used to check if failure is likely to occur. rhis is done by defining
the plasma power multiplication factor, m(t), as the instantaneous increase in the
plasma power, such that
T(t) =m(t)rnoin (7.10)
Note that for the behavior described by equation (7.9),
rn(t) = 1 + ct (7.11)
For the cases where p=0, it is clear the m(t) will simply equal c+ t, which is constant.
Figure 7.2.1 plots the the time-to-failure tfai vs. the surface heat flux (MW/in 2 ) on
the first wall. Note that the nominal heat flux for the tokamaks is 1 MW/rn 2 , thus
the value of the heat flux in Figure 7.2.1 is equivalent to c+1 as given in Table 7.2. 1.
The idea is that for any power multiplication factor, the time-to-failure can he read
from Figure 7.2.1. This is useful in the following way. If the time behavior of a
specific overpower transient is known, then the instantaneous power multiplication
factor rr(t) can be found at any time, and tfai for that m(t) can be found from
Figure 7.2.1. Now, if it is known that the power remains at the specified power level
for a certain length of time, say At', then the "damage fraction"that will occur is
found by dividing At" by ' That is,
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Figure 7.2.1 Failure Time vs. Heat Flux for VCrTi and HT-9 First Walls
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faamage a = t(7.12)
fail
where the n superscript refers to the time step. By approximating the actual time
behavior of m(t) by a series of "steps", that is, by discrete increments of time At"
over which the power level is constant, then the damage fraction can be sumiimeld
up over time as
fd=Zf'na e(7. i:3)
When fd exceeds one, it can be assumed that the first wall has failed, and the actual
time-to-failure will be
N
tfail = Z t" (7.14)
where N is the number of the time step in which fd exceeded one.
It is clear from Figure 7.2.1 that the failure time decreases dramatically over a
narrow range of heat flux. This heat flux, which is about 10 MW/m 2 for the VCrTi
and HT-9 cases, can be loosely referred to as a "threshold"heat flux for the specific
first wall. This means that overpower transients which generate heat fluxes above
the threshold will cause first wall failure almost immediately. Overpower transients
which do not generate heat fluxes above the threshold may not cause first wall
failure, depending on the duration of the transient. In these cases, failure can be
predicted by the "damage fraction"model described above.
The threshold heat flux idea is supported by examining the results in Table 7.2.1
for the cases when p=1 and p=2. For VCrTi, the threshold heat flux is about 10
MW/m 2 , and the nominal (operating) heat flux is 1 MW/M 2 . This means that the
threshold power multiplication factor is about 10. The power multiplication factor
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m(t) is given by equation (7.11). The indication is that failure will occur when rT(1)
equals 10, or when ctP =. Note that when p=l and c=0.1, this occurs when t=90
seconds (note that the times given in Table 7.2.1 are in hours), which is very close
to the failure time given in Table 7.2.1 for this case. Other combinations of p and
c yield the same result; the first wall fails just about the time that the heat flux
reaches the threshold.
Note that although the threshold heat flux is the same for VCrTi and LT-9,
there are differences in the behavior of these materials. VCrTi shows a much longer
failure time than HT-9 at heat fluxes below the threshold, and a slightly longer
failure time (about a factor of two) above the threshold. Note from Table 7.2.1
that for VCrTi, the power must be increased by a factor of 4 before significant
damage occurs in the first four hours, and failure does not occur in the first four
hours unless the power level is increased by at least a factor of 8.5. While the HT-9
wall also remains damage-free up to a four-fold increase in power, a factor of 6.5
increase causes acute failure in two and a half hours. it is possible that part of this
difference is due to the difference in thickness of the two first walls. The VCrTi
wall is twice as thick as the HT-9 wall. This greater thickness reduces the pressure
stress in the wall, however, increasing the thickness of the HT-9 wall would result
in higher thermal stresses, thus it is not clear that any benefit would be realized by
using a thicker HT-9 wall.
To examine this, the HT-9 wall thickness was varied, and the analysis repeated.
The results of this parametric study are shown in Figure 7.2.2, which shows the
time-to-failure (tfail) vs. heat flux for HT-9 walls of various thicknesses. Note that
the threshold heat flux decreases as the wall thickness increases. This is due solely
to the fact that a thicker wall yields a larger temperature gradient than a thinner
wall. This larger gradient has two effects. First, it generates a higher temperature
at the front of the wall, since the temperature at the back of the wall is about the
same in all the cases. Second, it causes greater thermal stresses. These two effects
cause the wall to fail more rapidly. At any rate, it is clear from these results that
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Figure 7.2.2
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VCrTi is the better choice for first wall material, due to superior high-temnperature
mechanical properties.
7.2.2 LOFA/LOCA With Plasma Continuation
The LOFA /LOCA analyses presented in Chapters 5 and 6 included a disclissioin
on the continued plasma burn (PL) vs. the immediate plasma shut-off (DC) cases.
The continued plasma burn behavior that was assumed for these analyses is dis-
cussed in Sections 5.1.3.1, 5.4.5, and 6.2. This behavior, shown in Figure 5.1 3, is
purely an assumption. No mechanism was offered which would cause the shutdown
of the plasma. It is possible that in the event of a LOFA/LOCA, the plasma would
continue to burn until gross structural failure of the first wall occurred. The time
frame for this failure would clearly be short compared to the decay heat induced
failure times discussed in Chapter 5. With the plasma power (surface heat flux)
remaining at its nominal level, the reduction of the coolant flow rate in the LOFA
case, and the removal of the coolant in the LOCA case, coupled with the decrease
in the effective heat transfer coefficient from the first wall to the coolant (or across
the vacated coolant channel), will cause the first wall temperature to rise sharply.
To obtain an estimate of the failure time in the continued plasma burn case, the
overpower transient model is used with the plasma power (surface heat flux) held
constant at the nominal level (1 MW/m 2 for the tokamaks). The convective heat
transfer coefficient from the first wall to the first wall coolant channel is calculated
with the method described in Section 6.1 and Appendix E, as is the flow rate of
the coolant in the LOFA case. ft is assumed that the structural wall behind the
first wall coolant channel remains at a -constant temperature. While this is an
optimistic assumption, it should be valid for short failure times, and should only
have a significant impact on the results in cases where the failure time is long. To
offset this assumption, another case is run in which it is assumed that there is no
heat tranfer from the coolant channel to the back structural wall; that is, that the
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system consisting of the first wall slab and adjacent coolant channel is thermally
insulated. These two assumptions form the bounding cases for what is actually
taking place, and thus a range of failure times can be found.
Another assumption involves the coolant pressure. There is some discussion
regarding this issue in Section 3.2.1. The bounding cases in this instance would be
to assume that the coolant remains at the operational pressure (conservative case),
and to assume that the coolant depressurizes to one atmosphere or less (optimistic
case). Further, the assumption is made that the heat tranfer properties of the
coolant are not affected by the coolant pressure.
Considering the above discussion, the plasma continuation analysis involves four
cases. The cases are designated in Table 7.2.2. The time-to-failure for VCrTi and
IT-9 for each of these four cases is shown in Table 7.2.3, with the case designation
shown in parentheses. Since these four cases are essentially the bounding cases,
the actual time-to-failure should lie within the limits defined by the values in Table
7.2.3.
The results for VCrTi indicate that the damage mechanism is far more dependent
Ofn the temperature than on the stress. The difference in the temperatures reached
in the insulated and uninsulated cases is over 200 'C. This has a marked effect on
the failure time, as is seen in Table 7.2.3. On the other hand, decreasing the stress
by a factor of 30 (from 3 MPa nominal to 1 atm) only increases the failure time by
33% in the insulated case. The primary conclusion to be drawn from this is that any
design mechanism aimed at protecting the first wall from plasma induced failure
should concentrate on keeping the temperature down, and not be so concerned with
the stress level. The fuse plug concept could be very applicable here. The secondary
conclusion is that it appears that a VCrTi wall subject to a heat flux of 1 MW/m2
should survive for at least 30 seconds after losing forced convection cooling, and
perhaps much longer if a heat transfer pathway from the first wall is maintained.
321
Table 7.2.2 Plasma Overpower/Continuation Case Designation.
Heat Transfer
FW to Coolant-
Forced Convection
Natural Convection
Natural Convection
Natural Convection
Natural Convection
Heat Transfer - Coolant
to Constant Temp Back Wall
Not Applicable
Natural Convection
Natural Convection
Insulated
Insulated
Coolant
Pressure
Nominal
Nominal
1 atm
Nominal
1 atm
Table 7.2.3 Plasma Continuation Failure Times.
Coolant Pressure
Material Thermal Boundary Nominal 1 atm
Time (s) Case # Time (a) Case #
VCrTi Insulated 27.2 (4) 36.0 (5)
Uninsulated >1.44e+05 (2) >1.44e+05 (3)
Time (s) Case # Time (s) Case #
HT-9 Insulated 4.01 (4) 6.63 (5)
Uninsulated 7.76 (2) 195. (3)
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Case #
1
2
3
4
5
The results for HT-9 are similar. It is seen more clearly from these results that
decreasing the stress has a greater impact on the failure time at lower temperatures,
i.e., in the uninsulated case. Again, however, it is clear that a large decrease in the
stress (factor of 50) only has a relatively small impact on the failure time (-- 65%
increase) at the high temperatures reached in the insulated case. This verifies the
importance of reducing temperature, as opposed to stress, as an attempt to protect
the first wall. The secondary conclusion here is that an IIT-9 wall subject to I
M\WA/ni1 heat flux could fail in as few as five seconds - and at any rate will not last
more than a few minutes - after forced convection cooling is lost.
The results of the plasma continuation analysis point out the need to estab-
lish an automatic plasma shut-off mechanism to avoid plasma induced failure after
LOFA/LOCA. Operator or other external means of intervention cannot be counted
on to terminate the plasma in the short time required to prevent first wall damage,
especially for designs which use superconducting magnets, where a rapid decrease
o1 the confining magnetic field will be difficult to achieve. The fuse plug concept in-
troduced by Logan [7.1] and discussed earlier should he considered fOr this purpose.
This problem is primarily one of materials selection.
7.3 Fuse Plug Material Selection
A detailed investigation of specific materials which exhibit the desired behavior
is considered beyond the scope of this work. In any case, such a search would
be severely hindered by the lack of very high temperature strength property data.
The strength properties of VCrTi and HT-9 used for the analyses presented in this
chapter are themselves gross extrapolations of limited data bases. Further guesses
at the high temperature behavior of other materials is unlikely to yield useful results
without unacceptable uncertainty. However, some criteria can be extracted from
the results presented above.
The behavior seen for HT-9 and VCrTi in Figure 7.2.1 has an interesting impli-
323
cation oil the selection of the fuse plug material. The idea of the "threshnld"heal.
flux is actually well suited to the fuse plug concept. Ideally, the fuse plug -material
will have a threshold heat flux which is well below that of the first wall material,
but significantly above the operational heat flux. In this case, the plug will with-
stand the operating conditions without premature or inadvertent failure. During all
overpower transient, the plug will fail when the heat flux reaches its threshold, thus
releasing the pressurized helium behind it and terminating the transient before the
remainder of the first wall suffers significant damage.
This means that the fuse plug material should have similar strength properties
to the first wall material in the operating temperature range, but should show
a steeper fall off of ultimate tensile strength (UTS}as the temperature increases
above the operating level. This could be in the form of a steady decrease of the
UTS, or a sudden fall-off at some elevated temperature. In this instance, the fall-ofl
should occur at a temperature that is significantly above the operating range but
substantially below the temperatures reached in the first wall at the threshold heat
flux.
The results of the plasma continuation analysis do imply an interesting possibil-
ity in terms of specific material combinations. This would be to use HT-9 as the
fuse plug material in a VCrTi first wall. Its consideration of being used for the first
wall material itself indicates that HT-9 can withstand the operating conditions suf-
ficiently. It is clear from Table 7.2.3 that the HT-9 will fail well before the VCrTi in
the event of a LOFA/LOCA. These are the desired properties of the plug material.
In terms of the overpower transient, however, Figure 7.2.1 indicates that the two
materials have similar threshold heat fluxes.
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8. Summary and Conclusions
Although fusion reactor design is still at a relatively early stage, it is important
that safety concerns be included in the design process. Fusion energy appears
to offer significant safety and environmental advantages over alternative sources
of energy. The potential for fusion reactors to be inherently safe from damage,
even under severe accident conditions, will have a significant impact on whether a
commercial fusion reactor is ever built.
This report investigates some of the thermal aspects of fusion reactor safety; in
particular, the thermal and structural response of fusion blankets to power/cooling
mismatches. There are essentially two types of power/cooling mismatches, both of
which will result in elevated temperatures in the first wall and blanket. The first
type involves loss-of-cooling, and is referred to as an undercooling transient. The
second type involves an increase in the power level with no corresponding increase
in the cooling rate, and is referred to as an overpower transient. The purpose
of this study is to develop a methodology and establish guidelines to determine
whether blankets can be designed that will passively cool themselves without risk
of critical radiation exposure to the public, and without damage to the reactor, in
the event of a power/cooling mismatch, and to identify elements of blanket design
which enhance thermal safety. Design elements which hinder thermal safety are also
identified, and suggestions for alternative approaches are given. The impact of some
operational parameters is also examined, with the goal of developing operational
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guidelines ti insure passive safety with respect to loss-of-cooling transients. It must
be stressed that this study considered only loss-of-cooling transients, and the results
and conclusions presented herein cannot necessarily be generalized to include other
classes of accidents.
8.1 Summary of Reference Blanket Selection
The analyses described in this work were carried out on some or all of six refer-
ence blankets. which were chosen from a variety of sources. The underlying assump-
tions behind the important design parameters of each blanket, such as operational
neutron wall load and surface heat flux, operating temperature range, and blanket
lifetime, were verified through a brief literature survey. Some of these parameters,
such as wall load and blanket lifetime, are perhaps somewhat optimistic but do not
appear unreasonable when compared to earlier designs. The tritium breeding ratios
and blanket multiplication factors were checked to ascertain that they are in the
acceptable range. The general features of the six blankets are displayed in Table
2.0.1.
All of the blankets chosen were taken from up-to-date sources, and represent
the current approaches to fusion blanket design. Blanket #1 was chosen as a rep-
resentative self-cooled, liquid-metal tokamak blanket. It consists of liquid lithium
breeder/coolant, with vanadium alloy V-15Cr-5Ti structure. This particular design
was ranked by the BCSS T8.1 as very promising. Blanket #2 was chosen as a repre-
sentative gas-cooled, solid breeder tokamak blanket. The breeder material is Li2 0,
the coolant is helium, and the structure is a version of HT-9 which has been modi-
fied for reduced activation (8.2. This version of HT-9 is called MT-9 in this report.
This blanket was also ranked by BCSS as very promising. Blanket #3 is part of a
Reversed-Field-Pinch (RFP) reactor, and was chosen to contrast with Blanket #1.
It has the same material composition as Blanket #1, but since the RFP uses copper
magnets, it does not have a large magnet shield behind the blanket. Blanket #3
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is also designed for a very high neut ron wall load. Both of these differences have
an interesting impact on thermal safety. and thus comparisons between Blankets
#1 and -- 3 are useful. Blanket #4 was also chosen to contrast with Blanket #1.
Blanket #4 is the same as Blanket #1 except that it uses lithium-lead Li17 Pb8 3
as the breeder/coolant material. Thus, comparing Blankets -1 and #4 essentially
amounts to comparing the thermal safety characteristics of liquid lithium with those
of lithium-lead. Blanket #5 was chosen to contrast with Blanket -2. also to exam-
ine a materials impact. Blankets -- 2 and -5 are identical except that Blanket #5
has beryllium in the breeder region, to improve the neutronic performance. Here,
the idea is to determine the thermal safety impact of including a neutron multiplier.
Finally, Blanket #6 is part of a D-D reactor, and consists of helium-cooled solid
steel structure, that is, there is no breeder material. Blanket #6 was chosen to
examine some of the thermal safety characteristics of the D-D fuel cycle.
8.2 Summary of Material Limits
Material limits affect the thermal design of a fusion reactor in a variety of ways.
In terms of normal operation, the lifetime of the blanket system is limited by the
ability of the first wall material to withstand the neutron fluence, cyclic heat load,
and erosion rate. In an off-normal condition such as a LOFA or LOCA, the elevated
temperatures experienced by the structural components can lead to damage and/or
the release of radioactive isotopes. Thus it is important to attempt to quantify
the various limits that affect the thermal design, as well as the consequences of
exceeding these limits.
Determining the operating lifetime of the first wall based on the atomic dis-
placement limit (measured in displacements-per-atom, dpa) is somewhat uncertain
due to the uncertainty in the dependence of the dpa rate on the neutron energy.
This issue is important, particularly whn comparing alternate fuel cycles, in which
the neutron spectra are different from the D-T spectrum. There exist two conflict-
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ing viewpoints, one which suggests that the dpa rate is linearly dependent on the
product of neutron fluence and neutron energy 8.3, and one which suggests that
the dpa rate depends only on neutron fluence 8.4'. The actual situation probably
lies somewhere in between.
In the event of a transient which leads to elevated temperatures, the material
limits of interest involve the dependence on temperature of the Ultimate Tensile
Strength (UTS), creep resistance, and oxidation characteristics of the structural
materials. Elevated temperatures in structural materials can cause melting, acute
structural failure, thermal creep induced failure, and oxidation or volatization, all
of which could lead to the release of radioactive isotopes.
The high temperature data base for the candidate structural materials VCrTi
and HT-9 is quite limited, requiring extrapolation of the lower temperature data.
The UTS of the VCrTi alloy suffers a dramatic decrease above 1200 *C [8.5]. For
this reason, it is assumed that VCrTi components which go above- 1200 *C will suffer
acute structural failure. Extrapolation of the HT-9 data '8.1,8.6,87.,8.81 indicates
that the UTS will be very close to zero at 900 'C, and thus it assumed that HT-9
components which go to temperatures above this will also suffer acute structural
failure. Whether structural damage actually occurs will depend on the stress in the
component. It is possible that the stress will be very low, and thus damage will
not occur. However, at these temperatures, VCrTi and HT-9 experience changes
in their micro-structure, due to re-crystallization. This will cause an unrecoverable
loss of ductility, and thus regardless of whether structural damage occurs, the af-
fected components will not be re-usable. The acute structural failure mechanism
encompasses this scenario.
The data base for thermal creep is also very limited. Larson-Miller theory is
used to extrapolate the available data to the high temperature, low stress regime
of interest in a LOFA//LOCA. Description of this model is given in Chapter 3 and
Appendix A.
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The VCrTi alloy oxidizes readily above 650 *C ;8.9 - 8.12], forming the liquid
V205. This could result in severe structural damage. However, the- ESECOM study
[8.131 indicates that the temperature would have to exceed 1500 *C for at least 10
hours to mobilize sufficient radioactivity to result in a short-term 200 rem whole
body dose (the first seven day dose and 50% of days eight through 30) at the site
boundary, assuming no containment, and the most pessimistic weather and plume
dispersion conditions. This 200 rem limit is somewhat more stringent than the
NRC two hour dose limit of 25 rem. MT-9 does not experience the same oxidation
problem as VCrTi. but the overall conclusions regarding radio-isotope mobilization
for the MT-9 elements are similar for those of VCrTi [8.13,8.17].
8.3 Summary of Decay Heat Analysis
The first step in calculating the temperature response to the various transients
is to determine the heat source present within the system. In the undercooling
transient analysis, it is assumed that a fairly rapid plasma shutdown can always
be achieved in the event of an accident [8.13,8.14". Thus, the heat source is these
transients is from the decay of the radionuclides which have been created in the
blanket as the result of neutron interactions.
In both D-T and D-D fusion reactors, the neutrons produced in the plasma
enter the first wall/blanket regions, where they interact with the various elements
that comprise the blanket. Some of these interactions transform stable isotopes
into radioactive isotopes. These radioactive isotopes then decay, and in the process
deposit the decay energy in the form of heat. The heat thus produced is referred
to as decay heat.
The decay heat is calculated by first determining the operational neutron fluxes
in the blanket. This is done using the one-dimensional neutronics code ONEDANT,
developed at Los Alamos National Laboratory [8.18]. The fluxes are then used
as an input to the activation/transmutation code REAC, which was developed at
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Hanford Engineering and Development Laboratory '8.19'. REAC calculates the
specific activity of the radioactive isotopes produced in the blanket for a given
irradiation time at given locations in the blanket. From the information, the decay
heat density as a function of position and time after shutdown is calculated.
Due to the mechanism of decay heat production, the amount of decay heat
produced is a highly material dependent property. In all of the blankets, it is the
structural material which produces the vast majority of decay heat. The vanadium
alloy V-15Cr-5Ti yields a relatively low level of decay heat density at shutdown.
Furthermore, most of this heat is produced by the short-lived isotope 5 2V, and
thus the total decay heat level of VCrTi decays quickly, by as much as an order of
magnitude or more in one hour.. This makes VCrTi an excellent choice of structural
material from the decay heat standpoint.
The modified version of the ferritic alloy HT-9, called MT-9, also produces a
fairly low level of decay heat at shutdown. Most of this heat comes from the longer
lived manganese isotopes 54Mn and 5 6 Mn, and thus the decay heat level of MT-9
will decay more slowly than that of VCrTi, e.g., it will take about 24 hours to decay
by an order of magnitude. Beyond one day, however, the total decay heat level of
the MT-9 is also very low, making it another good choice of structural material
from the decay heat standpoint.
The structural steel Fe1422 has a high (14%) manganese content, which yields
a very high decay heat level at shutdown, due primarily to the manganese isotopes
mentioned above. Furthermore, due to the relatively long life of these isotopes,
this level decays quite slowly. It takes as long as three months for the decay heat
level of Fel422 to decay by an order of magnitude. For this reason, use of Fe1422
in the blanket is not recommended. In areas where the magnitude of the neutron
flux is low and the spectrum is mostly thermal (i.e., the flux is highly attenuated),
such as in the magnet shield of a superconducting tokamak, use of Fe1422 may be
acceptable.
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In the breeder materials, the decay heat level is not as important a factor,
since these materials yield lower decay heat levels than the structural materials. In
particular, assuming that tritium is removed at the same rate that it is produced,
both liquid lithium and the solid ceramic Li20 produce essentially no decay heat,
and thus from the standpoint of decay heat, both are excellent choices for breeder
material. Conversely, the eutectic Li1 7 Pb8 3 yields two isotopes of lead, 203 Pb and
2 0 9Pb, which contribute significant amounts of decay heat. The level of decay heat
produced by Li1 7 Pb83 is still lower than that of the structural materials, however,
and thus, while LiPb is the least attractive of the three breeder materials considered,
it should not present a particular problem in terms of decay heat.
Utilization of a neutron multiplier to improve the tritium breeding ratio in
fusion blankets has been widely considered. The most attractive candidate neutron
multiplier is beryllium. Beryllium increases the magnitude of the overall neutron
flux, but especially of the lower energy flux.The altered flux spectrum can have
a significant impact on the decay heat level. The increased slow flux in systems
which use beryllium results in a decay heat level that is about 25% higher in the
first hour, and about 15% higher after one day. This effect is material dependent,
but these values, which are specifically for the Li 20/He/MT-9 system, should be
representative.
One simplifying assumption used in the calculation of the decay heat level in
a fusion reactor is that -- rays emitted by decaying isotopes deposit their energy
at the location they are produced. In reality, these y's will transport through the
blanket and deposit their energy in a smeared fashion across the blanket. Including
this effect in the calculation results in a decay heat density profile that is smoother,
i.e., has a lower peak-to-average ratio, than when local deposition is assumed. This
means that including the -- transport effect will lower the calculated decay heat in
regions where it is highest, and raise it in regions where it is lowest. The total
decay heat will be the same in either case, however, and thus the impact on the
temperature response to undercooling transients is minimal.
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The different neutron spectrum and different neutron-to-thermal power ratio
experienced in D-D vs. D-T reactors has an impact on the decay heat level produced.
In a D-D reactor, the neutron spectrum is softer, and a lower fraction of the total
fusion energy comes from neutrons. This will result in a lower decay heat fraction,
that is, a lower ratio of the decay heat density to the operational power density.
However, many D-D blankets are designed to maximize the blanket multiplication
factor by using mostly steel. This high concentration of structural material results
in a higher decay heat level. These opposing effects will cancel to a certain degree,
and the final result will depend on the specific-D-D design. It is recommended that
the added design flexibility in the D-D reactor be used to minimize the activation
level in the blanket, by constructing at least part of the blanket with a low activation
material. If this is done, the D-D fuel cycle offers an excellent safety advantage in
terms of decay heat.
8.4 Summary of Undercooling Transient Analysis
Transients involving loss-of-system-cooling are the most commonly considered
mechanisms that result in elevated temperatures. Loss-of-cooling transients are
generally divided into two groups, namely, Loss-of-Flow Accidents (LOFA) and
Loss-of-Coolant Accidents (LOCA).
The temperature response to undercooling transients was analyzed with a
model developed during this study. The model consists of a one-dimensional finite
difference heat transfer code called THIOD (Transient Heating In One Dimension).
The input to THIOD consists primarily of t he geometry and material composition
of the blanket, and the heat source. THIOD then outputs the temperature distri-
bution of the entire blanket as a function of time. The model is described in detail
in Chapter 5 and Appendices C and D.
The Li/Li/VCrTi tokamak Blanket #1 can be considered inherently safe from
structural damage at the nominal neutron wall load of 5 MW/m 2 for both the base
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case LOFA and LOCA, as long as no oxygen is allowed to leak into the system. In the
event of oxygen in-leakage, the temperatures reached in the LOCA are sufficient to
cause rapid oxidation of the vanadium structure, resulting in gross first wall failure.
In any case, the radio-isotope mobilization in both events would be significantly
smaller than that associated with life-threatening levels around the plant.
The Li2 0/He/MT-9 tokamak Blanket #2 has a first wall which consists of a
slab of MT-9, backed by a region of pure helium. Should the heat removal capacity
of the coolant be lost, i.e., in a LOFA or LOCA, the only mechanism for the removal
of heat from the first wall is via thermal radiation to the rest of the blanket structure.
For the purposes of corrosion resistance, it is desirable for this first wall structure
to have a smooth, shiny surface, which means that the radiative emissivitv of this
surface will be low '8.20]. Thus, the first wall will be almost thermally insulated
until it gets very hot. The high temperatures reached in this blanket will likely cause
thermal creep rupture in the Case 1 LOFA, due primarily to the high pressure stress
in the first wall assumed in this case. De-pressurizing the coolant would decrease
the stress level in the first wall, which would alleviate the thermal creep problem.
The Case 2 LOCA will result in acute structural failure of the first wall. In both
the LOFA and LOCA, the failure will occur in about 30 minutes. The high first
wall temperatures and resulting failure in this blanket are due to the design of the
first wall. It is recommended that the first wall be designed with permanent radial
conduction paths to avoid this problem. The MT-9 structure does not suffer from
the oxidation problems that VCrTi does, and neither of these accidents will release
significant radioactivity.
The Li/Li/VCrTi Reversed-Field-Pinch (RFP) Blanket #3 operates at a very
high wall load (15 MW/m 2 ), and thus experiences a large temperature rise in both
LOFA and LOCA. In the base case LOFA, no structural damage is likely to occur
at this nominal wall load, but the safety margin is very small. The base case LOCA
is likely to cause acute structural failure in about an hour. If oxygen does get into
the system, vanadium oxidation. coupled with the extremely high temperatures,
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could lead to the mobilization of a significant fraction of the radioactive inventory.
For this reason, it is highly recommended that in the design of high wall load, high
power density machines, safety issues receive considerable attention.
Due to the nature of the D-D fuel cycle, the D-D tokamak Blanket #6 operates
at a much lower neutron wall load (1.17 MW/m 2) than the D-T blankets. This
gives the D-D blanket a significant advantage in terms of thermal safety. The
temperatures reached in both the base case LOFA and LOCA are lower than in the
D-T cases. However, the base case LOFA will likely cause thermal creep rupture in
Blanket #6, due primarily to the high pressure stress in the first wall, which stems
from the continued presence of the high pressure coolant. The base case LOCA will
not lead to structural failure, indicating that it would be beneficial to depressurize
the coolant in the event of a LOFA.
In all the blankets, the maximum temperature reached after an accident is
linearly dependent on the operational neutron wall load (r,), as is shown in Figures
5.3.1 and 5.3.2. Mathematically, this can be expressed as
AT = aF. - b (5.12)
where a and b are constants. The values of a and b for all of the blankets, in both
the LOFA and LOCA scenarios, are given in Table 5.3.1. The temperature rise AT
is related to the total decay heat produced in the blanket (Qtot), the heat storage
capacity of the blanket (Ctot), and the total heat that is transferred to the heat sink
(QHs), where Qtot, Ctot, and QHS are defined mathematically in equations (5.13),
(5.14), and (5.15). It was shown in Chapter 5 that
a = (5.19)Ctot
QHsb = (5.20)
ctot
where qt is the total decay heat produced in two days per unit neutron wall load,
that is, the total decay heat divided by the wall load.
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The parameter a is the ratio of the time-integrated decay heat density to the
heat storage capacity of a particular blanket. This is primarily a material property,
although it is affected by other factors, such as the neutron spectrum. The pa-
rameter b essentially represents the thermal coupling between the first wall and the
heat sink, and is more a function of the geometric design of a particular blanket,
although it also is a material property. Blankets with good radial conduction paths
and high radiative emissivities will have high values of b. In terms of minimizing
the temperature rise, it is clearly desirable to have a low value of a and a high value
of b. This represents a useful design tool from the standpoint of thermal safety.
Candidate blanket materials can be compared by comparing their a values, whereas
different geometric configurations can be compared by comparing their b values.
The wall loads required to cause thermal creep rupture, acute structural failure,
and radio-isotope release for some of the blankets are given in Table 5.3.2. Operation
at or above the wall loads shown in Table 5.3.2 will result in the specified failure
in the particular accident scenario, i.e., LOFA or LOCA. Dividing the wall load
at which failure will occur by the nominal wall load gives a thermal safety factor.
Table 8.4.1 gives the nominal wall load and the thermal safety factor for the three
failure modes for each blanket.
The substantial increase in decay heat production in Fe1422 over that in MT-9
has a significant impact on the temperature response, such that blankets that use
Fe1422 as the manifold structural material are subject to much higher temperatures
in the event of a LOFA/LOCA than those which use MT-9. For this reason, the
use of Fe1422 in any of'the blanket regions is not recommended.
The increase in the decay heat production in systems which use a neutron
multiplier has a small but significant impact on the temperatures reached after
a LOFA/LOCA, with the multiplier blanket reaching higher temperatures. The
impact increases with the operational neutron wall load. The recommendation is
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Table 8.4.1 Thermal Safety Factors for Structural Failure and Radioactive Release for Each Blanket.
Nominal
Blanket # Wall Load
LOFA/
LOCA
Thermal Creep
Runture
Acute Structural
Failure
Radioactive
Release*
5.0 MW/M 2
5.0 MW/M 2
15 MW/m 2
1.17 MW/m2
LOFA
LOCA
LOFA
LOCA
LOFA
LOCA
LOFA
LOCA
>2
-1.6
--0.8
-1.2
-1.13
-0.47
-0.85
>2
>2
1.78
1.22
0.72
1.33
0.73
1.54
1.54
Excluding effects of possible lithium fire (Blankets #1 and #3 only).
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1
2
3
6
>2
>2
>2
>2
>1.33
~1.33
>2
>2
that the negative impact on th( rmal safety should be taken into account when
considering the use of a neutron multiplier to improve blanket performance.
The -naximum temperature reached in the first wall after a LOFA/LOCA can
be highly sensitive to the radiative emissivity of the blanket structural surfaces,
particularly in a LOCA. The degree of sensitivity depends on how well the first wall
is thermally coupled to the heat sink and/or shield. Increasing the emissivities on
either side of the vacuum gap between the blanket and the shield will improve the
thermal coupling between the blanket and the shield, which in turn will significantly
reduce the maximum first wall temperature by increasing the amount of heat that is
dumped into the shield. This creates a conflict between the safety and operational
interests of fusion reactor design.
During operation, it is desirable to keep the amount of heat that is deposited
in the shield to a minimum. This is because the shield is operated at a low temper-
ature, and thus the heat deposited in it is not recovered in a useful form. Therefore,
in the interests of operational performance, it is beneficial to keep the blanket ther-
mally insulated from the shield, so as to reduce 'the amount of heat that flows from
the blanket to the shield. However, for the reasons outlined above, from a safety
standpoint it is better to have good thermal coupling between the blanket and the
shield. The ideal solution would be to keep the blanket and shield thermally in-
sulated from each other during operation, but design a mechanism which would
improve the thermal coupling in the event of an accident. An example of this type
of solution would be to maintain the vacuum gap during operation, but allow the re-
actor cover gas into this vacuum gap in the event of an accident. This would greatly
enhance the heat transfer between the blanket and the shield, and thus reduce the
maximum temperature reached in the first wall after the accident. This particular
solution introduces some problems, such as the possibility of oxidation of the hot
structural surfaces if there is any oxygen *n the cover gas. If no such "ideal"solution
can be found, then it is recommended that a proper trade-off between the opera-
tional and safety interests be found. The structural surfaces on either side of the
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vacuum gap can then be machined to obtain the radiative emissivities that yield
the desired level of thermal coupling.
The difference between the results obtained using slab vs. cylindrical geometry
to model the toroidal geometry of the tokamak blankets scales as the ratio of the
blanket thickness to the major and minor radii of the tokamak. In all the cases of
interest, the difference between the models is small, and the error introduced by
using slab geometry is acceptable. In the RFP Blanket #3, this error was found to
be about 6% on the outboard side, and less than 1% on the inboard side.
8.5 Summary of Natural Convection Analysis
In a Loss-of-Flow Accident (LOFA) that is caused by pump failure, it is possible
that the coolant will continue to flow even after the pump fails. The phenomenon
of coolant flow, despite the lack of a pump or any other externally added pressure
head, is known as natural convection. Briefly, a pressure head is added to the coolant
due to buoyancy effects, which arise because the coolant, as it passes through the
blanket, is being heated. The heated fluid thermally expands and thus becomes
less dense than the cooler fluid. The hotter, lighter fluid will rise, and thus there
will be some flow rate of the fluid in the flow loop. Assuming that the secondary
coolant cycle continues to operate and remove heat from the primary coolant, the
continued primary coolant flow will remove heat from the first wall/blanket system,
and thus limit the LOFA temperature rise.
Natural convection effects are included in the calculation of the LOFA tem-
perature response by adding the subroutine CONVECT to the heat transfer code
THIOD. Inputs to CONVECT include the time behavior of the magnetic field,
the coolant properties, and the geometry of the flow loop. Given these inputs,
CONVECT calculates the natural convection flow rate of the coolant, and the heat
tranfer coefficients h and ke for the coolant channels within the blanket. The model
for CONVECT is described in Chapter 6 and Appendix E.
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The convection analysis carried out in this work adequately demonstrates-that
natural convection cooling can successfully mitigate the consequences of a Loss-of-
Flow Accident. The properties of the coolant are very important in determining
the impact. The low density of helium render it ineffectual as a natural convection
medium, such that the LOFA temperature response of helium-cooled blankets is
not affected by natural convection. The impact in liquid metal-cooled blankets can
be very significant, but because of MHD effects, depends strongly on the magni-
tude of the magnetic field. Due to desirable coolant properties, liquid lithium-lead
(Li 1 7 Pb8 3 ) can significantly reduce the temperature rise in the event of a LOFA,
even if the magnetic field remains at the operational value. This is not true of liquid
lithium. Natural convection in lithium is almost completely suppressed as long as
the magnetic field remains present.
Turning off the magnets, or substantially reducing the field strength in a rela-
tively short time, greatly improves the impact that natural convection will have on
the temperature response. Plasma-induced peak temperatures, which are reached
in the first few seconds of the transient, will be reduced only slightly. At longer
times, however, the temperatures can be reduced to safe levels such that there is
no danger of structural damage. For this reason, it is important to design super-
conducting magnets such that they can be shut off or experience a two order of
magnitude field reduction in relatively short times, i.e., < 1 hour. This is especially
true in lithium-cooled systems. The ability to shut off copper (resistive) magnets in
extremely short times causes a reduction in the (plasma-induced) peak temperature,
although the longer term (steady-state) temperature response will be similar to the
case in which the superconducting magnet field strength is reduced by two orders
of magnitude every 30 minutes. Copper magnets offer an advantage in that they
can always be shut off fairly rapidly, whereas the shutdown time of superconducting
magnets is somewhat uncertain, and could be rather long.
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8.6 Summary of Plasma Overpower/Continuation Analysis
Besides the decay heat induced undercooling transients, temperature excursions
can be caused by increases in the plasma power, or if the plasma continues to
burn after cooling is lost. These plasma-induced temperature excursions could lead
to failure of the first wall if the plasma continues to burn without some kind of
"automatic shut-off mechanism".
The results show that in an overpower transient, the failure time of the first
wall decreases dramatically over a narrow range of heat flux, as is demonstrated
in Figure 7.2.1. The heat flux at which this decrease in the failure time occurs
can be referred to as a threshold heat flux. Overpower transients which generate
heat fluxes above the threshold will result in first wall failure almost immediately.
The results also show that increasing the thickness of the first wall decreases the
threshold heat flux, by increasing the thermal stress in the first wall. In the event
that the plasma continues burning after cooling is lost, the results indicate that the
failure time is not especially sensitive to the first wall stress, but is more sensitive to
the temperatures reached in the wall. The first wall temperature reached is strongly
affected by the nature of the thermal boundary at the back of the first wall.
All of the overpower/continuation results indicate that these transients can
cause first wall failure in a matter of seconds. Thus it is important to design a
mechanism which will shut off the plasma in either of these circumstances. The
fuse plug concept introduced by Logan 18.15, is perhaps applicable. It appears that
HT-9 would be an appropriate fuse plug material for a VCrTi first wall.
8.7 Recommendations for Future Work
Throughout the course of this work, attempts to quantify the consequences of
the temperature transients calculated were plagued by a serious lack of materials
property data in the temperature range of interest. This lack of high temperature
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strength data for the fusion alloys necessitated assumptions and extrapolations, the
validity of which could not be confirmed. Furthermore, the first wall structural
damage analysis carried out in this work did not include a detailed determination
of the post-accident stress levels in the first wall. Both of these issues were the
cause of some controversy surrounding the results presented herein and concurrently
presented in the ESECOM report '8.131, which seem somewhat more conservative
than the results presented in the TITAN report :8.16'. It is recommended that, to
facilitate future safety analyses, a substantial investigation be made to characterize
the strength properties of the fusion alloys at high temperatures, i.e., above 1000
0 C. This should include both the temperature dependence of the ultimate tensile
strength, and the creep resistance. It is equally important to characterize the post-
accident first wall stress. This involves a number of items, including accurately
determining the coolant pressure in a Loss-of-Flow Accident, and determining the
magnitude and effect of the secondary stress that is caused by thermal creep during
operation.
In terms of the thermal analysis, it is not especially recommended that more
sophisticated analytical tools be used (e.g., multi-dimensional heat transfer codes)
until more detailed reference blanket designs are available. In the immediate fu-
ture, new work should concentrate on addressing some of the issues raised in this
work. For instance, how best to keep the blanket insulated from the shield during
normal operation, but to provide good thermal coupling between the blanket and
the shield after shutdown. This raises an interesting blanket design problem. If
this is impossible, then effort should focus on the trade-off between operational and
safety performance that this issue represents, with the goal being to determine the
optimum level of thermal coupling between the blanket and the shield.
The undercooling transient analysis shows that a LOFA in the helium cooled
Blankets #2 and #6 would lead to thermal creep rupture of the first wall. This is
in large part due to the stress in the first wall, since it was assumed in the helium
cooled LOFA that the coolant pressure remains at its operational value. Lowering
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the stress would greatly reduce the creep rate, such that creep induced failure would
likely not occur in a LOFA. For this reason, it would be advantageous in a LOFA
to depressurize the coolant. Exactiy how this would be accomplished is not cleari,
and is worth investigating. The level to which the stress must be reduced to avoid
failure should also be determined.
Another point worth examining is the first wall design of the helium cooled
Blanket #2. The high temperatures reached in this blanket are primarily due to
the design of the first wall, which has no radial conduction paths connecting it to the
rest of the blanket. The effect of radial conduction paths could be examined with
a one-dimensional model, simply by replacing some of the helium directly behind
the first wall with a conducting material.
It was mentioned in Section 5.2.4 that it could be possible to design liquid
metal cooled blankets such that a complete coolant drain from the entire blanket
module would be an incredible event. This approach was used in the TITAN study
to improve the safety of that blanket. Given the potential safety advantage such a
design would represent, this issue deserves further attention.
Due to its low operational neutron wall load, the D-D fuel cycle has excellent
potential for passive safety. The thermal safety margin for the D-D Blanket #6,
however, is small (see Table 8.4.1). This is because Blanket #6 consists of solid
steel, to optimize blanket energy multiplication.. The solid steel blanket produces a
high level of decay heat, and thus is a poor design from a thermal safety standpoint.
The thermal safety margin of this blanket could be greatly improved by using low
activation material in the blanket region. An examination into the trade-off between
economics and safety of using low activation materials in D-D blankets would yield
some interesting results regarding the potential advantages of the D-D fuel cycle.
Such an analysis would give a clearer indication of the potential safety benefits of
D-D fusion over D-T fusion.
Perhaps the most useful design tool developed in this work relates to the linear
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dependence of the transient temperature rise to the operational neutron wall load.
The definition of the parameters a and b in equation (5.12), given by equations (5.19)
and (5.20), allows for the comparison of the safety performance of different materials
and different blanket designs without the need for detailed thermal analyses. Efforts
designed to improve thermal safety can concentrate on decreasing a or increasing
b. Some effort should be made to determine which material combinations yield the
lowest (and highest) values of a, and which blanket geometries yield the highest
(and lowest) values of b. The values of a and b for new blanket designs can then be
compared to these "best"values to determine where (and how much) improvement
can be made.
The convection analysis carried out in this work adequately demonstrates that
natural convection, in liquid metal cooled reactors at least, can sufficiently mitigate
the consequences of a LOFA. Some effort should be made to refine and expand
the somewhat simplistic analysis that was performed. In particular, the MHD
pressure drop should be analyzed in more detail, with effort aimed at identifying
methods of reducing this pressure drop. Some investigation should also be made to
examine the post-accident behavior of the magnetic field, and methods for shutting
off superconducting magnets.
Finally, the plasma overpower/continuation analysis reveals that first wall fail-
ure can occur rapidly in either of these transients. Considerable effort should be
made to identify an automatic plasma shut-off mechanism, such as Logan's fuse plug.
In performing this analysis, some effort should be concentrated on quantifying the
thermal boundary condition at the back of the first wall, since the results are highly
sensitive to this. The overpower/continuation analysis also requires fairly detailed
knowledge of the high temperature strength properties of the relevant materials.
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A. Details of Material Limits Calculations
T here are essentially two models to calculate the thermal creep response of
the first wall presented in Chapter 3. The first is used when the stress is known
and constant in time, the second when the stress, is a thermal stress only, and will
change in time as it is relaxed by thermal creep. in both models, the idea is to
calculate the time-to-rupture t.r at a given temperature and stress level. Fbr a given
known stress, if t, is known at a certain temperature, then it can be found at any
other temperature using the Larson-Miller Parameter. This analysis is discussed if)
Chapter 3.
For cases where the stress is known and remains constant throughout the tran-
sient (e.g. due to constant coolant pressure), the Larson-Miller Parameter is used to
calculate t, given the temperature history calculated by THIOD. This is sufficient
to determine whether and when thermal creep rupture will occur.
A.1 VCrTi Thermal Creep Calculations
The limited data base for the thermal creep behavior of the VCrTi alloy requires
extrapolation of the existing data. Larson-lfiller theory represents an extrapolation
of sorts, but additional extrapolation is required to obtain both the value of the
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constant C in the Larson-Miller equation (3.8), and the dependence of P on stress.
The available data on VCrTi thermal creep behavior is from Bajaj and Gold
[A. 11, and is shown in Table A.1.1. Some of the specimens which were tested had
oxygen impurities implanted in order to examine the impact that these iiptlrities
would have on the'thermal creep behavior. However, as is discussed Section 3.3, it
is very irnportailt in VCL-Ti systems to have an oxygen-free environment, due to the
oxidation problem of this alloy. Thus, fOr the purposes of this work, only the data
reported in reference [A.1] for specimens without added oxygen were Used. These
data are marked with an asterisk in Table A.I.1. As it turns out, data exist fo'r
three such tests (actually, there are four, but in one of them the specimen never
failed, thus no time-to-rupture could be determined).
Others [A.21 have suggested a linear dependence of the Larson-Miller parameter
on stress. Assuming this to be the case allows the expression
P = aa +b (A.1)
where a and b are constants, and o- is the stress in MPa. Combining this with
equation (3.8) yields, with T in OK,
T(C + Intr) = ao+b (A.2)
Note that the logio in equation (3.8) has been replaced by the natural log (in) here.
This will effect the value of C, but not the overall results of the analysis. The
three unknowns in equation (A.2) are C, a, and b. The oxygen-free data given in
Table A.1.1 consists of three sets of (T, tr, a-). Inserting these three data points intc.
equation (A.2) allows the simultaneous solution of the three unknowns.
Solving for a, b, and C results in
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Table A.1.1 Creep Rupture Data for V-15Cr-5Ti (from Reference [A.1]).
Additional Oxygen Temperature Stress Rupture Time
Sample Content (w~rppm) (*C) (MPa) (hours)
VCT-15 0 650 414 10 5 5
VCT-82-5B 600 700 414 17.7
VCT-17* 0 750 368 115
VCT-18* 0 750 345 327
VCT-82-1B 600 750 345 791.9
VCT-82-2B 1200 750 345 780.0
VCT-16* 0 800 276 629.0
VCT-82-3B 600 800 276 547.8
VCT-8?-4B 1200 800 276 1543-3
t No failure occurred during test. Cumulative Strain at termination of test was
0.5%.
No additional oxygen added. These data were used to determine constants a. b,
and C as discussed in Section A.1.
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a -48.86
b = 7.266e+04
C 48.7
Thus, at any stress, the Larson-Miller parameter P can be found using equation
(A. ) and the values of a and 1). Then, at any temperature, the rupture tirme t,, can
be found from P, using the value of 0. This is how the creep rupture analysis was
carried out for all the blankets with VCrTi first walls (Blankets # 1, j,#3, and #4).
A.2 HT-9 Thermal Creep Analysis
The available data base for HT-9 allows for a more involved calculation in
cases where there is essentially no primary pressure stress, but there is a secondary
thermal stress, as in the case of a LOCA. During normal operation, pressure and
thermal stresses will exist in the first wall. It is expected that relaxation will occur
during operation such that the thermal stress will be alleviated by straining. The
magnitude of the strain would be, at the most, that required to bring the thermal
stress to zero. This strain would be equal to
(A.3)
E
where
- strain
- poisson's ratio
E = Young's modulus (MPa)
a = stress (MPa)
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When the loss of coolant accident takes place, there will be no thermal stress
in the first wall because the operational temperature gradient will still be present
and the first wall will have strained to accommodate this. However, given the
relatively poor effectiveness of radiation heat transfer at the back face of the first
wall (see Section 5.4.4), and the relatively high thermal conductivity of the IIT-9,
immediately after accident initiation, the temperature gradient in the first wall will
become very close to zero. Thus, a secondary, strain-induced stress will he imposed
on the first wall, which will be equal in magnitude but opposite in sign to the initial
operational thermal stress. This stress, along with the elevated temperatures d(ile
to the LOCA, will cause thermal creep. This creep will work to relax the stress, but
the elevated temperature could lead to a rupture strain that is less than the strain
required to relieve the stress. This would cause thermal creep rupture.
The analysis to determine whether the first wall will rupture is broken into two
parts. In the first part, a stress vs. time history for the first wall is calculated frorm
the temperature vs. time data calculated by THIOD, and a creep rate correlation
from Anmodeo and Ghoneim [A.3]. This correlation is
B -Q*
U O o)"exp (A.-1k T (kT
where
B = 7.385 x 10--
1.23 eV
k 8.6207 x 10- ( )
oro aT + C (ksi)
c-= -0.2185 (ks)
C =198. 1783 (ksi)
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The stress history is calculated as follows. Given the initial value of stress and
temperature, the strain rate at time=0 is found from equation (A.4). This strain
rate is multiplied by a small time increment At to obtain the amount of strain that
occurred. during that time. The new strain, at time step it, where time I= n t, is
I JL1 :tL-I(A5
where e" is the thermal strain from the previous time step. Now, the new stress
can he found from equation (A.3) using this new value of strain. Then, the new
strain rate is calculated with equation (A.4) using the new value of stress and the
temperature at time nAt, as previously calculated by THIOD. This is continued
until a stress vs. time history, o(t), has been calculated for the length of the
transient.
Having this stress history, along the with the temperature history, means that
(a, T) are known at all times during the transient. Using the HT-9 thermal creep
data reported by Chafey and Wattier [A.4j, a correlation that relates the time-to-
rtpture t,, at a fixed temperature of 1200 'F (649 *C), to the stress was constructed.
This correlation is
logioa = 1.657 - 0.199 logiotr (AA)
where
a applied stress (ksi)
t,. time to thermal creep rupture (h)
Using the known value of stress at time t (= nAt), the time-to-rupture t,. for
1200 'F can be found. Inserting this into equation (3.8) (along with the -1200 'F
temperature) yields a value of the Larson-Miller parameter P for the specified stress.
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Then, the known value of the temperature at time t is inserted into equation (3.8),
and, now knowing the value of P, the rupture time t, can be found for the stress-
temperature combination that exists at time t. The fraction of this rupture time
that is consumed will be , which is the rupture fraction J', lefined in Chapter 3,
equation (3.9). The rupture fraction is summed up in the same way as is described
in Section 3.2. The results of these calculations are given in Chapter 5.
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B. Calculational Details of Chapter 4
B.1 Converting REAC Output to Heat Source Input
In Section 4.1, the procedure for obtaining the heat source input q (x, t) is
outlined, leading to equation (4.2):
£hiecay (X) 0t= ale-k(4.2)i
The values al and p are obtained from the REAC output in the follcowing
manner.
Step 1:
Find the concentration (atom/barn-cm) of all the elements in the region to
be considered. Run REAC, inputting all of the elements present. REAC assumes
that the concentration of these parent elements is 0.08 atom/barn-cm, so the actual
concentrations must be normalized to this value.
Step 2:
From the REAC output file ACTOUT, get the activation (Ci/cm3 ) for each
of the radio-isotopes produced from a given parent element at a specific location
within the region being considered. Say, for instance, there is a steel structure,
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with an iron concentration of 7.152e-02 atom/barn-cm (the value for pure HUT-9).
This concentration must be normalized to the 0.08 atom/barn-cm value assuimed
by REAC, thus obtaining a "concentration factor"of 0.894. It is assumed that the
activation of any isotope scales linearly with the concentration of the parent element
[B.11. Thus, the activation of each isotope resulting from Fe, say MNn , as given
by REAC, is multiplied by the concentration factor, 0.894. This gives the actual
activation of n 5 6 , as the result of Fe, at the specified location.
Step 3:
Repeat step 2 for Mn 5 6 which comes from other elements. In this example, the
HT-9 also contains Mn, which will also produce Mn5". The concentration factor
for Mn is 6.93e-03. Thus, the activation of-Mn5 6 which results from parent element
Mn, as given by REAC, must be multiplied by 6.93e-03. This is then added to the
activation of Mn 5 6 which came from Fe. This must be repeated for any and all
parent elements which produce Mn5". The sum is then the total true activatitn
(Ci/cmi) of Mn5 6 at that location.
Step 4:
Convert Ci/cmn3 to W/cm3. This is done by multiplying the activation (Ci/cm3)
by 3.7e+10 (decays/sec)/Ci, thus obtaining the activation of Mn 56 in ldecays/sec-
cm 3. This is then multiplied by the decay energy (i.e., average energy per decay) of
Mn5 6, in Joules. This then results in the decay heat density, in W/cm3 , prodIiced
by NIn 5 6 at shutdown at the specified location.
Step 5:
Repeat steps 2 - 4 for another location in the same region. If the region is very
thin, then one point in the middle will suffice, and step 5 can be skipped. For thicker
regions, it is reasonable to use two points (locations), one at the front and one at
the back of the region. This will then give the decay heat density (W/cmr) of the
given isotope (Mn 56 in this example) at the front and the back of the region. It is
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assumed that the decay heat density of any given isotope will fall off exponentially
from the front to the back of a homogenous region, since this is the behavior of the
neutron flux [B.1,B.21. Thus the decay heat density goes as e-,"i. Now say the
HlT-9 region is 20 cm (0.20 m) thick. To find pL, the ratio of the decay heat levels
at the back and the front must first be found. So in this instance,
e =, (back)
qi;(front)
Now pt can be found by taking the natural log of the ratio on the right hand
side of equation (B.I.1) and dividing by -0.20. This gives pui in m~1 .
Step 6:
Now that pi is known, the next step is to find ai. The ai are all normalized
to the front of the first wall. The decay heat density from the given isotope at
shutdown, for any location x in the region, can then be represented as
1L (x) =ai&$ e1.12
The ai can be found by using the decay heat level at the front of the region in
question. Say the front of the HT-9 region is 30 cm (0.30 in) from the front of the
first wall. Then the value of ai can be found by substituting the q at the front of
the region in the left hand side of equation (B.1.2), and 0.30 for x in the right hand
side, and dividing by e(~4.)(0.30).
Since all radioactive isotopes decay with a characteristic decay constant Aj, the
decay heat density produced by a given isotope will decay as e '. So the decay
heat density from a particular isotope i, as a function of time t and position x within
a given region can be expressed as
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S (x, t) = aie~~4'e~ (B. .1.3)
It must be stressed that the ai and pti are only valid for the given region. A
different region, with a different material composition, thickness, and distance froii
the first wall, will have different values of a. and pi, even for the same isotope.
Finally, the total decay heat for the region is found by summing equation
(ii. 1.3) over all the isotopes present in the region, resulting in equation (4.2). Since
there can be hundreds of isotopes present, only those which contribute sign ilicantly
to the overall decay heat should be considered, and the rest can be safely neglected.
B.2 Calculation of Decay Heat Fraction
The decay heat fraction represents the decay heat level in the blanket norial-
ized to the operating heat output of the blanket. [t is useful iii comparing the decity
heat levels of differenIt blankets or systems, such as D-T vs. D-D fuel cycles. The
decay heat fraction fj is defined simply as
total decay heat
fd = (. 2.1)
total operating heat
The decay heat analysis was carried out in one dimension, using cylindrical
geometry. The torus is represented as a vertical cylinder, consisting of concentric
rings. Figure B.2.1 shows the vertical cylinder as viewed from the top. The in-
nermost ring is the inboard shield/blanket; just outside of this is the plasma; and
outside the plasma is the outboard blanket/shield. The magnets, which would oc-
cupy the space inside the inboard shield (inboard leg) and outside the outboard
shield (outboard leg) were not considered in this study.
T find the total decay heat, the decay ' eat density (W/m 3 ) must be integrated
over the total volume. Given the geometrical representation described above, the
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Figure B.2.1 Tokamak Cylindrical Geometry as viewed from above (Toroidal View
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decay heat density is actually integrated over the area of a horizontal slab of the
vertical cylinder. This gives the total decay heat per unit axial length, i.e., (W/m).
The decay heat per unit axial length, 4de , is found by
td-cay((t) -=] dO] rdlrd y(r, t) (13.2.2)
Assuming that there is no 0 dependence, the J dO merely becomes a factor of
2-r. The integration over r is carried out by first realizing that 4 , 1(x, 1) depends
exponentially on x, i.e., goes as e- (see Appendix B.1). Next, the following
relation is used to substitute r for x:
Inboard Side: r = R - a - x
Outboard Side: r = R + a + x
where R is the major radius and a is the minor radius of the torus (see Figure
13.2.1). The integration is then fairly straightforward.
The total operating heat is found in a simpler, more heuristic mariner. The
total amount of heat entering the blanket (inboard or outboard) is simply the wall
load (MW/Nm 2 ) times the first wall area (m2 ). Given the geometry shown in Figure
B.2.1, what is used is the first wall area per unit axial, length,
Inboard
Aft, = 2r7r(R - a) (B.2.3)
Outboard
Af, = 27r(R + a) (B.2.4)
where A1, will have the units m2 /M. Some of the energy entering the blanket
is in the form of neutrons, and some is in the form of heat radiated from the
plasma. The energy carried by neutrons will be increased by the blanket energy
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multiplication factor. Thus, the total operating energy per unit axial length (I the
blanket, O -will be
[O (LnAJb) Li ,-4 1 0
where
Li = neutron wall load,
Alb blanket multiplication factor,
and
Lh = heat flux radiated to the first wall from the plasma.
The mathematical representation of the decay heat fraction, as
equation (B.2.1), is thus
fj (t) = (
is given
Note that 4, remains constant with time.
The value fJ1(t) is what is plotted in Figures 4.2.1, 4.2.2, 4.2.6, and 4.1.1.
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(1B.2,5)
il
(IJ.2.6)
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C. Inputs to THIOD
There are essentially four areas of input for the code THIOD. First there is
the configuration of the blanket, that is, the thickness and composition of each
region. For all of the blankets, this information is given in Chapter 2, as displayed in
Figures 2.1.2 through 2.6.1. Note that the blanket geometry is represented as a one-
dimensional slab, except for the analyis presented in Section 5.5 (see also Appendix
D), where one-dimensional cylindrical geometry is used. The second area of input
involves the heat source, which consists of the plasma power (surface heat flux and
volumetric neutron heating) and the decay heat density. Assumptions regarding the
plasma power are given in Sections 5.1.3.1, 5.2.1.4, and 5.4.5. Further discussion
regarding the effect of plasma burn is given in Chapter 7. The decay heat density is
discussed in Chapter 4 and Appendix B. Third, there are the thermal properties of
the materials being used, such as thermal conductivity, density, and heat capacity.
Finally, there is the initial temperature distribution. Discussion of these last two
areas of input is given here.
C.1 Material Thermal Properties
The thermal properties of interest are the thermal conductivity k, the density
p, and the heat capacity c. In the convection analysis presented in Chapter 6,
additional properties of the coolant material are required. These parameters are
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discussed-in Appendix E. A variety of references were-used-to get this information
for all of the materials considered in this work.
C.1.1 Thermal Conductivity
For most materials, thermal conductivity is a fairly strong function of temper-
ature [C.1 - C.7]. Thus, representing the conductivity as a constant could lead to
unacceptable errors. In many cases, the temperature dependence can be somewhat
complicated. However, for the purposes of simplicity, the thermal conductivity is
represented as a linear function of temperature. Thus, the conductivity of a material
at temperature T is represented
k(T) = ULT+Vk (C)
The values of Uk and Vi for all the materials used are shown in Tables C(.1.ia,
C.1.1b, and C.1.1c. Also shown is the reference designation for the sbiirce of the
information. Table C.i.ia is for the structural materials, Table C.1.lb is for the
breeder/coolant materials, and Table C.1.1c is for the magnet and shield minterials.
Note that for some materials, the conductivity is constant, that is, the value of
Uk is zero. In these instances, information on the temperature dependence of the
conductivity in the temperature range of interest was not available. Also note that
the MgO conductivity is assumed constant above 450 'C. Again, no information on
the actual conductivity vs. temperature was available at these temperatures. At
lower temperatures, the data was fit with the values of Uk and V' shown. Extrapo-
lation to higher temperatures with these values of Uk and Vk, however, would result
in a negative conductivity. Thus, for lack of better information, it was assumed
that the conductivity levels out above 450 -C. The same approach was taken for
13C, where it was assumed that the conductivity levels out above 100 *C.
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Table C. 1. 1a Thermal Conductivity Parameters Uk and Vk, Volumetric Heat Capacity Parameters UO, and
V,,, and their references for the structural materials.
Material Uj y
VCrTi 1.350e-02 1.761e+01
HT-9* 4 .OOOe-03 2.410e+01
VPC,Reference
[0.11
[0.1]
1 .220e+03
4.920e+03
2.412e+06
1.989e+06
Reference
[C.1]
[C.1]
E 14 22p
The HT-9 used in this study is a version which has been modified for low ac. n [C.8]. The material
properties, however, were assumed to be those given for HT-9 in the BCSS [C.1j.
Table C.1.lb Thermal Conductivity Parameters Uk and V, Volumetric Heat Capacity Parameters U, and
V,, and their references for the breeder/coolant materials.
Material U Reference U Reference
He 2.390e-04 8.310e-02 [C.7] -6.046e-01 8.190e+02 (C.2]
Lithium 1.905e-02 3.493e+01 [C.1] -3.444e+01 1.987e+06 [C.1]
Li1 7 Pbs3  0.000e+00 1.700e+01 [C.6] -4.954e+02 1.680e+06 [C.1]
Li20 -2.667e-03 4.600e+00 [C.1] 0.000e+00 2.934e+06 [C.1]
Be -5.727e-02 1.284e+02 (C.5) 1.070e+03 3.231e+06 [C.5]
H20 1.320e-04 5.688e-0I [C.2] -1.494e+03 4.611e+06 [C.2]
Table C.1.lc Thermal Conductivity Parameters Uk and Vjk, Volumetric Heat Capacity Parameters U,,. and
V',, and their references for the magnet/shield materials.
Material Uk Reference UV Reference
SS304 L.800e-02 8.406e-00 [C.31 7.074e+02 3.474e+06 [C.3]
MgO -7 .4 7 8 e-02t 5.924e+01 (C.41 3.997e+02 3.621e+06 [C.41
Cu -4.333e-02 4.074e+02 (C.2] 8.626e+02 3.210e+06 [C.51
B4 C -5.733e-02T 4.019e+0I [C.4] 3.009e+03 1.053e+06 [C.4]
t Above 450 'C, assume conductivity levels out at 5.2 W/m-K (value at 450 *C).
I Above 100 OC, assume conductivity levels out at 18.8 W/m-k (value at 100 C).
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UPC,
For all the materials, the linear behavior chosen was that which most closeIy
matches the actual data in the temperature range of interest. This range is from
500 "C to 1000 'C for the materials in the blanket, since this encompasses most of
the temperature histories given in Chapters 5, 6, and 7. For the materials in the
shield/coil region, such as MgO, B4 C, SS304, and Cu, the range is from 20 "C to
500 "IC, since this is the temperature range found in these regions in nost of the
cases presented in Chapters 5 and 6.
The thermal conductivity within each region of the blanket is found by weight-
ing the conductivity of each conduction path (i.e., material) by its area. That is,
for region j, the conductivity k3 is found by
=i >jk, m (C.2)
where
km is the thermal conductivity of material m, and
fy is the fraction of the area, in the yz plane, that material in encompasses. This
area fraction is assumed to be the same as the volumetric fraction of material
In in region j.
Due to the assumption for fm, it is clear that kj really represents a volumetric
average of all the materials within region j. This method for determining kJ is
valid, because in all the blanket considered, the conduction paths are homogerneous
in the radial direction (direction of heat flow). That is, conduction paths consisting
of different materials are arranged in parrallel, such that weighting the conductivity
of each conduction path by its area will give the proper total conductivity for the
region.
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0.1.2 Volumetric fleat Capacity
The volumetric heat capacity, in units of J/m 3 K, is the product of the density
) (kg/in) and the specific heat capacity c, (i/kg-K). Both of these parameters are
functions of temperature, although for the solid structural materials, the density
only varies slightly in the temperature range of interest. Note iii Section 5.1, in the
description of the model basis of THIOD (i.e., equations (5.1) through (5.10)), that
the parameters p and c. always appear as a product, that is, pep. For this reason,
and fOr simplicity, the input parameter to THIOD is the product of p and c1,, which
yields the volumetric heat capacity.
As for the thermal conductivity, the parameter pa, is assumed to be a linear
function of temperature. This is found by taking the product of p and c, at various
temperatures within the range of interest and making a best-fit line. The equation
for pc of a particular material at temperature T is thus of the same form as equation
(C.1), that is,
pc,(T) = T + i/, (C.)
The values of U.C, and I>c, for all the materials are given in Tables C.L.1a, C.1.1b,
and C.1.1c, along with the references.
C.2 Initial Temperature Distribution
The spatial temperature distribution at accident initiation can impact the tein-
perature response of the blanket (see Section 5.4.2). However, including this varia-
tion could bias the comparison between blankets in favor of that with the favorable
initial temperature distribution. Thus, except for the RFP Blanket #3, all the
blankets were assumed to have the same initial temperature distribution. This dis-
tribution was taken from that given in the BCSS for Blanket #1 [C.1], and is shown
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in Figure C.2.1. This is based on the operational temperature distribution, which
was determined in the BCSS by thermal-hydraulics calculations. There is a slight
gradient from the first wall to the back of the blanket, which is the result of the
decreasing operational power density.
Not all of the blankets are the same thickness. For those blankets which are
thinner than Blanket #1 (Blankets #2 and #5), the initial temperature distriblitioli
is the same as the front of Blanket #1, that is, the distribution shown if Higiire
C.2.1, but cut off at the appropriate blanket thickness. For Blanket #6, which has
a greater thickness than Blanket #1, the gradient is continue([ to the back of the
blanket.
The initial distribution in the shield was chosen more arbitrarily. The shield
is operated at low temperature [C.1] and the heat deposited in it is wasted. The
indication is that the shield will operate at room temperature. Clearly, in terms of
the temperature response of the blanket, a low shield temperature will result in a
lower first wall temperature. Thus, assuming a higher initial shield terrperatuare is
conservative. On this basis, for all of the blankets except the RFP Blanket #3, the
initial shield distribution was chosen to be 100 OC, constant across the thickness of
the shield (see Figure C.2.1). The temperature of the heat sink was chosen to be
the same as that of the shield, so that at time=0, there will be no heat transfer
from the shield to the sink.
The RFP is a somewhat different case, since it operates at a very high power
density and is a very thin blanket. The initial temperature distribution for this
blanket was taken from reference [C.9], and is shown in Figure C.2.2. Note that
the initial distribution is flat. This can have a slight impact on the post-accident
temperature response, as is discussed in Section 5.4.2. The RFP Blanket #3 also
d(oes not contain a shield, but is backed by the copper PF and TF coils. These coils
will be operated at a low temperature to minimize the resistance of the copper. The
initial temperature of the coils is assume to be room temperature (20 "C). Again,
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Figure C.2.1 Initial Temperature Distribution in Blanket #1
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Figure C.2.2 Initial Temperature Distribution in Blanket #3
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the heat sink is assumed to be the same temperature as the coil initial tenperature,
in this case 20 "C.
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D. Numerical Solutions to Heat Transfer Equation
D. Explicit vs. Implicit Solutions
In Chapter 5, the heat transfer equation (5.9) is derived from the basic heat
balance equation (5.1), with the assumption that no convection takes place. The
result is
dT (
di ~
1 ) f,2(1decay(X, t)dx + Aki +1- Ti
+ IA~ (5.9)
The first step in solving this equation numerically is to approximate the time
derivative as . This then yieldsat
ATn
At EL=1
q cayV(,t)dx + Aki Ti +1 - t
Xi+1 -- Xi
+ 4,.admi)| (D.1)
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T, - T1- I )Xi Xi 1
( k- T - Ti-1
Note that the n superscript refers to the time step, such that
ATn" = T|n - T- (D.2)
Given the discrete nature of At, each "time step"represents the addition of one
time increment At to the time t. The various methods of solving eqiiation (D.1)
involve determining at which time step the values Ti- , T;, and T+j ou the right
hand side of equation (D.1) should be considered. In the purely explicit method,
all the values on the RHS of equation (D.1) are from the previous time step. Thus,
the explicit equation is
A7 T _ f[/ T!"- -T
qdeca-(x, t)dx + Ak +At Axipic-(T) K Xi+1 - Xi
Ak-Ti" 1-T-1 . =+
-Ak- (TLI~~ )+ (rad(t)11= (0.3)
Note that at time step n, all the values on the RHS of equation (D.3) are known,
since they were solved in the previous time step, i.e., n - 1. Then to find T', the
RITS is evaluated from all these known values and multiplied by At. T[' is then
found with the definition given in equation (D.2). Care must be taken in (:Ihoosing
the size of the time step in this approach. Too large a time step will lead to a
mathematical instability. A general rule for the maximum allowable time step in
the explicit approach is
Atmax = 0.2 x (D.4)
where
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PCP
With this restriction on the time step, it is assured that the solution of equation
(D.3) will be stable. There will be some inaccuracy due to the discretization of the
time derivative. This error can be reduced by reducing the size of the time step 'At.
A smaller At, however, will result in a longer computing time. Thus, a trade-off
must be reached between adequate accuracy and acceptable computing time.
Other variations of the explicit method can be made. Namely, when calculating
T7 is equation (D.3), the value of Tl 1 is already known. Thus, 7"_, can be
substituted for T1"_- 1 in the right hand side of equation (D.3). Furthermore, T!"
can be substituted for T?"~ in the right hand side of equation (D.3), and then the
equation is solved for T7. This results in
-n [I (At\ Ak._I k
T 1+PCP + i I + iI-i
r ri
T, + A qdecay(x, t)dxdt
Axi(pc,)i
P) ik j 1 'Ik
()i-,+) TI". + T)1A] (1.5)
A xi(pcp)i Xi - X_1 i_ Xi+1 - Xi
The restriction on the time step given in equation (D.4) still applies in this
case, since this is still essentially an explicit method. Equation (D.5) is what is
used in the explicit version of the code THIOD.
In the fully implicit approach, Ti- 1, Ti, and Ti+1 on the right hand side of
equation (D.3) are all evaluated at time step n. The resulting equation is the same
as (D.5) except that the T7jt is replaced by T7+1. This introduces, a difficulty,
since, when evaluating T17, the value of Tin-, is not known. There are a number of
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ways. in which this difficulty can be overcoarre. One method is to putthe e~piationt
in matrix form, i.e.,
[-A] [T n = [_B] (1).6)
where
A] is a tri-diagonal, i x i matrix which couples T 1 , T", and T/ ,
[T] is a i x 1 vector containing the Ti", and
[B] is a i x i matrix that represents the heat source and the Ti"~1.
Solving equation (D.6) involves inverting the matrix [A]. Since the elements in
[A J and [B] are temperature and time dependent, they are always changing. Thus,
fbr each time step, [A] must be inverted. This is a cumbersome process, even for a
tri-diagonal matrix, especially when the number of mesh points (i) is large.
There exists another approach to the implicit solution which is mitch simpler.
As outlined in references [D.1] and [D.2), the method proceeds as follows. First,
equationi (D.5) is reduced to the form
-ATi+1 +- BT - CiTi_ 1 = Di (D.7)
Then it is stated that there are parameters Ei and Fi such that
T = EjTj+1 + F (D.8)
Using the boundary conditions at either boundary, the values of Et) and Fh or
and F,, where I is the number of mesh poin s, can be determined. For the under-
cooling and overpower transient temperature response calculations in this work, the
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boundary condition is that the front face of the first wall is insulated. ThIat is, there
is no heat flux across the face of the first wall t. Mathematically, this boundary
condition can be represented by saying
T= 11(D.9)
Then it is seen immediately that
Eo = 1
Fo = 0 (D.10)
By substituting the T. in equation (D.8) into equation (D.7), and then doing
the same for T_ 1 (by substituting i - 1 for i in equation (0.8)), the recursive
relations for Ei and F turn out to be
-EjA
BI - Ci Ei-i
-Di + CiFi _1 (0.11)
Using equations (D.10) and (D.11) and the (known) values of A, B1, Ci, and
D., one can determine the values of Ei and F,, for i=0 to I, where 1 is the number of
mesh points, at time step n. Next, starting at i -I, and using equation (D.8), the
I In the plasma continuation cases, the plasma heat flux continues to radiate to
the first wall for some period of time. This heat flux is treated as a heat sowr-e at
the first mesh point, i.e. T1, and not a boundary condition at x=0.
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7 can be found-. -This is possible since-TI1 is knoww- by the boundary ccniditiai
at the back of the shield.
This implicit method is not subject to the time step restrictionI in equation
(D.4), and thus larger time steps can be used without the solution becoming unsta-
ble.
lor the analysis in Chapter 5, in which convection is ignored, the paramieters
A, B1, C1, and Di can be defined from equation (D.5) as
=A t ( A+k
pc=t, ( i+ - Xi
Bi =1+ At Aki-1 -+ Aki
p, xi -i1 xi+1 -Xij
Di T=TL'~ + A I I Idecay(X, t)dxdt + (rad)' t (I.12)
where all the parameters are as defined in Chapter 5.
It is useful to compare the accuracy and computing time required for the ex-
plicit method (equation (D.5)) and the implicit method outlined in equations (D.7)
- (D.12). The accuracy is checked internally by keeping track of three parameters:
the total heat produced, Qjt0 , the total increase in stored heat, Stt, and the total
amount of heat that is transferred to the heat sink QHs. These parameters are
defined as follows:
2days 
.
QtO =dt dx4decay(x, t)
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St=t Axipcp,i (D.13)
QHS heat sink tn
Note that, in slab geometry, all three parameters have the units J/ni2. Cleady, all f
the heat produced must either contributes to the blanket temperature is transferred
to the heat sink. Thus,
=t~ St0 t + QHS (D3.14)
Because of the approximations used in the numerical methods, the left hand
side of equation (D.14) may not exactly equal the right hand side. The error E can
be defined as
E = -tOt Stot - (HS115)
Clearly, a more accurate calculation will result in a smaller value of E. The inm-
portant parameters in comparing the two calculational methods are the value of E
and the computing time required. All of the calculations were performed on one of
the CRAY computers of the National Magnetic Fusion Energy Computing Center,
located at Lawrence Livermore National Laboratory. The computing time is mea-
sured in minutes. of CPU (Central Processing Unit) time required to complete the
calculation.
The size of the time step is very important to both E and CPU. A larger At
will result in a larger E but a lower CPU, and vice versa. For the purposes of
accuracy, the magnitude of At depends on the rate of change of the temperature,
i.e., T When 1 is large, that is, when the temperature is changing rapidly such
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as at the beginning of the transient, then it is important to keep At small so there
will not be a large fluctuation in the temperature during any one time step. Later
in the transient, when the temperatures have leveled out and are changing slowly,
At can be increased without significantly sacrificing accuracy. This leads to a set
of criteria for determining the time step size, which are outlined in Table 1). 1.1.
Keep in mind that for the explicit method, the time step is always subject toL the
restriction of equation (D.4).
Comparisons of the values of E and CPU for the two methods are given in Table
0.1.2. The time step restrictions are those given in Table D.1.1 uiless otherwise
stated. The indication from the first two entries is that the implicit method yields
more accurate results in far less computing time. Note that the parameters Qtoi,
St.1, and QHs are calculated to five significant digits, and thus errors of less than
0.01% are not especially meaningful. Both of the implicit cases listed in Table D.1.2
have errors below 0.01%, and thus it is not significant that the case with the looser
time step restrictions appears to have a lower error parameter L It is signilicant,
however, that both of these implicit cases have error parameters well below thise
Of the explicit calculations. Note that loosening the time step restriction in the
explicit case results in a faster computing time, but a higher error parameter.
D.2 Modification for Cylindrical Geometry
The physical basis for the code is the same for slab and cylindrical geometry.
Recall that in slab geometry, the x = 0 origin is at the front face of the first wall,
and x increases as the distance into the blanket (away from the first wall) increases.
fn cylindrical geometry, the r 0 origin is at the centerline of the torus, as shown
in Figure B.2.1. If one were to start at r = 0 and move in the r direction, first
there would be the inboard blanket, then Lte plasma chamber, then the outboard
blanket. For the cylindrical case, in one dimension, equation (5.1) becomes
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Restrictions on Time Step Size for Explicit and Implicit Methods.
ma(
(is)
<0.05
> 0.05, <;0.10
> 0.10
< 0.50
> 0.50, < 2.0
S2.0
Maximum time step for explicit case is 10.0 seconds.
t Maximum time step for implicit case is 500.0 seconds.
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Method
Explicitt
Implicit,
(A Tin ),ma.
("C)
> 1.0
<1.0
< 1.0
<1.0
>5.0
<5.0
< 5.0
' 5.0
Mlultiply
At by
0.5
3.0
2.0
1.0
0.5
3.0
2.0
1.0
I.
T'able D. t. I
'Table D.1.2 Error Parameter E and CPU time used for Implicit and Explicit ver-
sions of THIOD, with various time-step restrictions.
Case Method E (%) CPU (mill)
A2C1PL Explicit 6.43 10
Implicit -4.96e-04 < I
Implicit* 1.96e-03 5.5
Explicitt 16.6 4.1
Using restrictions for Explicit method given in Table D.I.I.
t Using restrictions for Implicit method given ii Table D. t. 1, still
subject to restriction [D.4].
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tT(r, t) ,/ 1 _IaT(r, t)
p(I.r)c(r,T) = da. + . I r,(0 t V0 7-r 9r
This equation is then integrated over rdrdd, where 0 is the toroidal angle. Th11e
one-dimensional approach implies that there is no 9 dependence. Thus, the factor
of 27r that would appear in all the terms is simply ignored. The result is
2 V dT 10 DT- (1)
2(- )pc(T1 = - I qdea.(rt)rdr + r 1)ri(T) O)2 ~kdt} ja,. J,., r 5,' Dr
-rdOrr rdrr- (D. 17)
where,
r,) =r -- and
'1 - .2
In the inboard toroidal cylinder, note that the x axis, which starts at the first
wall and increases into the blanket, is in the opposite direction to the r axis, which
starts at the center of the torus. For both inboard and outboard cases, the mesh
spacing is such that i=1 is the first mesh point in the first wall, and 11 increases as
x, the distance into the blanket from the first wall, increases. This means that in
the inboard side, r;-I has a larger value than r;, since r decreases with increasing
x. The remainder of the derivation of the cylindrical equations will be carried
out for the outboard side, i.e., the outboard toroidal and the poloidal cylinders.
Remember that for the inboard toroidal cylinder, there will be some differences due
to the difference in the orientation of the axes.
Due to geometrical effects, the radiation heat flux is given by
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1rad =Vf % (Tj - Tj) (D. 18)
where of is the geometric view factor. For radiation to or from a cylinder 4)f larger
radius, the view factor vf=v1. For radiation to or from a cylinder of smaller radius,
the view factor vf = where r, is the smaller radius and ri is the larger radius.
[D.31.
Once again, decy(r, t) is an exponential function of r, and can be integrated
analytically. However, it must be redefined to the appropriate r = 0 origin, which
is not the same as the x = 0 origin in the slab approach. Transforming from the
X = 0 origin to the r = 0 origin is done by substituting for x. On the inboard side,
the substitution is
r = R -( -- X (D.19)
where R and a are the major and minor radii, respectively. It might be helpful to
reter to Figure B.2.1. Note that for the outboard toroidal cylinder, and the poloidal
cylinder, the substitution is
r = R + a + x (D.20)
Making these substitutions into the heat source equation (4.2) discussed ill
Chapter 4 and Appendix B allows for the calculation of the heat source in cylindrical
geometry.
The conduction integral, which must be solved numerically, is also different
for the inboard and outboard sides, because of the different substitutions given in
equations (D.19) and (D.20). For the outboard side, the conduction integral thus
becomes
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5rJ.i (T) = r k(r2) - rlk(ri)
,r ii L-i
Substituting this into equation (D.17) yields
1 ( , , dTi
(rg -ry) c,,( ) =
'li
fi ,(1, t)'rdr + rk(r)
rj~i-
T- - T1 1$
-rj k(r 1 ) - -,a(0,=, j + 4rad(t)Irz\r,__, (D.22)
ri - ri- 1  2
This can be rearranged to the form of equation (D.7), with the parameters Aj,
Bi, Ci, and Di being
.t (rik(ri)\
A - 1 . . \u-r~
2.2 i p i i
.t (r k(r 2  +
r y)pep, r +1
At rr 2 k(r 2 )
2 -
Di = Ti"~ + 1S1. - P dtj .eay,(r, t)rdr
q(
( r - r2)pCp ( ad M)1,-,+ r 2 ).23
In this equation, the k(ri) and k(ri) are similar to the Aki found in equations
(D.12) and defined in equation (5.7). In cylindrical geometry, the k between mesh
zones i and i + 1 is defined as
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-I
(D.21)
- I
Ari + Ari+ [ ri +
ik-r (r) + (D.2-1)
Note that between mesh zones 1 - I and i, the parameter is called k(ri) and is
defined with equation (D.24) by replacing i with i - I and replacing i + I with i.
The cylindrical problem is thus solved implicitly, using the same model de-
scribed by equations (D.7) through (D.11), and using the parameters Al, BI, C(,
and D defined in equation (D.23) instead of those defined in equation (D.12).
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E. Details and Inputs for Natural Convection Calculations
The model for the natural convection analysis is presented in Chapter 6. In-
corporating natural convection into the heat transfer code THIOD involves the
introduction of a number of new parameters. Most of these involve inputs to the
code. The additional input parameters required for the natural convection analysis
are discussed in Section E.3.
In Chapter 6, it is explained that the coolant flow rate (rh) is found by equating
the buoyancy pressure rise with the total pressure drop around the flow lkop. 'lhe
pressure drop has three components. The first is the MHD pressure drop. 'Ihe
development of the MHD pressure drop, equation (6.6), is discussed in detail in
the references for Chapter 6. The second pressure drop term is the mass temporal
acceleration. This is also discussed in reference [E.1}. The final pressure drop term
is the friction pressure drop. As is mentioned briefly in Chapter 6, treatment of
the friction pressure drop is somewhat complicated. This treatment is discussed in
Section E.1.
Once the flow rate is known, the next step is to determine the heat transfer
coefficients h. The accepted method for determining h is with empirical correlations
that relate the Nusselt number Nu to the coolant properties (represented by the
Prandtl number Pr) and the flow characteristics (represented by the Reynold's
number Re), as well as other dimensionless parameters. There is a number of
different correlations that can be used, depending on the nature of the problem.
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The calculation of h, once ih is known, is discussed in Section E.2.
E.1 Calculation of Friction Pressure Drop APJ
E.1.1 Equation for APf
Ii the development of the convection model presented in Chapter 6, the friction
pressure drop is given in equation (6.4) as
A Pf = 32- * dz (6.4)
pAD2
which is reduced to equation (6.5),
=,P Kfric'It4 (6.5)
As is stated, this assumes that the flow is laminar. As it turns out, olice the
steady state flow rate is reached, the flow will be laminar in both the helium cooled
and liquid metal cooled cases, although at higher wall loads, some of the liquid
metal cases, in which the magnetic field is turned off, experience steady state flows
which are in the transition region between laminar and turbulent flow. Before
steady state is reached, however, the flows are turbulent. This warrants accounting
for the friction pressure drop in turbulent flow. In turbulent flow, the expression
corresponding to equation (6.5) is [E.2, E.3, E.41,
APf = K n (E.1)
The parameter Kfb depends on the Reynold's number, as well as the flow chan-
net geometry. According to the Fanning equation [E.2,E.3], the turbulent friction
pressure drop is
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(E.2)AP1  - L pL2
D 2
where f is the friction factor, and u is the flow velocity (m/s).
ri = pAu, equation (E.2) becomes
L 1
P 4f - n
D2pA
Using the relation
(E.3)
Then, combining equations (E.1) and (E.3), it is seen that
(E.4)Ktrb = 2f -fr"c D pA 2
The factor f can be found with the Blasius equation (E.2),
f = 0.079Re 0 .25 (E.5)
substituting equation (E.5) into equation (E.4) and defining
0 turb = 2(0.079)f D pA 2 (E.6)
then the turbulent friction constant becomes
(E. 7)murb CUrb Pe -0.25
which isn't really constant, since Re will change as the flow rate rh changes. This is
the form of K ' in equation (E.1) tiscd in THIOD to calculate the friction pressure
drop in turbulent flow. Determination of the value of Crb, which is a constant, is
given in the following section.
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'To simplify the code, it is desirable to use equation (E. 1) to calculate the friction
pressure drop in all flows. Comparing equations (E.1) and (6.5), it is seen that this
can be done if, in laminar flow, the laminar friction constant K"Ta. is made inversely
proportional to the flow rate. Then equation (E.1).) will have the same rh dependence
as equation (6.5). In fact, this is a common method of treatment [E.2, E.31. This
is typically accomplished by defining the friction factor f inversely proportional to
Re. Then, in laminar flow, the friction pressure drop can be represented as
1am (Pe
where Clam is a constant that corresponds to 0 ,, defined in equation (E.6). Equa-
tion (E.8) is the same as equation (E.1), except K 6 is replaced by K."}, which
is defined as
iam (li
f'ric ReF;9
in THIOD, the friction pressure drop is calculated with the equation
= pf Kfrh- (E.10)
If the maximum Reynold's number is in the turbulent regime, which is generally
considered to be Re > 2100, then KG in equation (E.10) is set equal to K" ,
defined in equation (E.7). If the maximum Reynold's number ,is in the laminar
regime (Re < 2100), then Kf is set equal to Kj".", as defined in equation (E.9).
The maximum Reynold's number is the Reynold's number in the flow channel which
has the highest Reynold's number of all the flow channels.
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E.1.2 Determination of Constants Ctband Clam
THie values of the parameters C"'b and C" for all of the blankets considered
in the convection analysis are given in Table E.1.. The constant C"'b is given in
equation (E.6), and is a function of the coolant density and the flow loop geometry,
as is the constant C1m. Technically, both C' and C"m will be different for each
flow channel in the flow loop. Determining these constants, as an average around
the flow loop, can be very tricky, and at any rate would require detailed knowledge
of the flow loop geometry. Given the current state of fusion reactor design, much
of this detail is lacking. For this reason, and for simplicity, the constants C)" and
C"m are found in a more heuristic manner.
E.1.2.1 Helium Cooled Blanket #2
The total pressure drop for the flow loop of Blanket #2 is given in the BCSS
[E.51 (TaL' 8.10-24) as 162 kPa. Technically, this includes both friction and firim
loss pressure drops, but these are treated together in the manner described above.
Also given in the BCSS are the first wall Reynold's number, which is 13226. This
is the maximum Reynold's number for thp flow loop.
The value of the operational flow rate rh for the inboard blanket is given in
Chapter 6 as 1.1 x 103 kg/s. There are 12 toroidal modules that form the total
torus. Thus, the ri for each module is 1.X1, which is 91.67 kg/s. Inserting this
value of ih, and the value of AP given above, into equation (E.1) yields a value of
KJ ' of 19.3. This is then inserted into equation (E.7) along with the value of lie
given above to obtain C'urb. This value turns out to be 206.7.
The value of Cjam is found by equating the pressure drop found with the tur-f
bulent formulation (equation (E.7)) and that found with the laminar formulation
(equation (E.9)) at the transition Reynold's number of 2100. That is, at the tran-
sition, the pressure drop calculated should be the same regardless of whether the
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Table E.1.1 Clurb and C"" for Blankets Analyzed in Convection Analysis
Turbulent
Fric. Const. CtArb
3.485e+04
6.412e+04
1.814e+03
A.W4A-03
Laminar
Fric. Const. C"'
1.123e+02
2.067e+02
5.848e+00
2 5+R-n1
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Blanket #
3
4
flow is considered laminar or turbulent. Since the rh will be the same, and the
pressure drop is the same, then Kfi will equal KJ"'. Thus, combining equations
(E.7) and (E.9) and solving for C'"" results inf
with Re equal to 2100. This yields a value of Clam of 6.41e+04.f
E.I.2.2 Liquid-Metal Cooled Blankets #1 and #4
Blankets #1 and #4, which are BCSS Tokamak designs cooled by liquid lithium
and lithium-lead respectively, were analyzed by Malinovic and Kazimi [E.1, E.6J. In
his analysis, which considered primarily the steady-state natural convection tern-
perature rise, M/lalinovic determined the value of Kfric as it is given in equation
(6.5), which assumes laminar flow. The laminar flow assumption is valid for the
steady-state natural convection flow, especially when the magnetic field stays ogi.
This value of Kjric was transformed into an equivalent C"m. This was done1 by
starting with equation (E.8), and substituting 'Dfor Re and pAu for ih tin the
right hand side, and Kfricr on the left hand side. This results in
Kfricrh=Cam-4rh (E.12)
Canceling rit from both sides, it is seen that Clam can be found from the value off
Kjric that was used by Malinovic. This value of Kfrtc, for a single first wall channel
on the inboard side, is 0.488. The flow channel diameter D and area A for the first
wall (where the flow rate is highest) are 3.21e-02 m and 1.125e-03 m2 respectively.
Inserting these into equation (E.12) yields a value of Clam of 3 .485e+t4 for liquid
lithium and 8.058e+03 for Li-Pb. The value of C1,,b for each of these blankets is
then found with equation (E.11). These values are 1.123e+02 and 2.598e+01 for
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liquid lithium and lithium-lead respectively.
E.1.2.3 Liquid Lithium Cooled RFP Blanket #3
The friction constants for the RFP Blanket #3 are calculated in similar fashion
to those of Blanket #2. in the design description of the RFP [E.7], the information
on the coolant loop includes the operational friction pressure drop and the flow
rate, as well as the Reynold's number. Following the method outlined in SectiojI
E.1.2.1, the pressure drop is given by equation (E.10). The pressure drop, flow rate,
and Reynold's number given in reference [E.7] are 0.3 MPa, 1.24e+05 kg/s total,
which corresponds to 1.033e+04 kg/s in each of the 12 segments, and 4.35e+05.
It is assumed that in the toroidal direction, the flow channels in the blanket and
manifold region of the RFP are 30 cm (0.3 m). This is the same thickness as in
the radial direction for the blanket channels. Using the major and minor radii, and
blanket thickness, it is calculated that each of the 12 segments is 2.7 m thick in tle
toroidal direction. Thus, there are nine blanket (and manifold) channels in each
of the 12 segments. The friction pressure drop will he the same in each 4 the 12
segments, since they are connected in parrallel. The flow rate in each channel is
0e+4,. which is 1.148e+03 kg/s. Using equation (E.10) to obtain K".'6giveu
these values of rh and AP 1 , and then equation (E.7) to extract C", yields a value
for C urb of 5.848. Using equation (E.11), the value of C."a is 1.814e+03.
E.2 Calculation of Heat Transfer Coefficient h from rh
As was stated, the first part of the natural convection analysis involves the
calculation of the flow rate rh. The parameter rnh appears directly in the heat
transfer equations (6.32), and is important, since the flow rate determines the rate
at which heat is transported out of the blanket via convection. However, before this
can be calculated, the amount of heat being tranferred from the solid structure to
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the flowing coolant must be calculated. This heat flux is given in equation (6.13). As
is stated in Chapter 6, determination of the value of h, the heat transfer coefficient,
is required.
The value of h is generally determined through the use of empirical correlations
which relate the heat transfer characteristics of the flowing fluid to the fluid prop-
erties and flow characteristics. There are a large number of these correlations, and
each is applicable to a specific type of problem. For the problem being considcred
here, there are essentially two approaches. Each is outlined in this section, with the
corresponding correlation for h given. The results of the natural convection analysis
using the two approaches is given, and a comparison is made.
E.2.1 Forced Convection Approach
The blanket module itself is only one small part of the overall flow loop. It
is in the blanket that the heat is added to the fluid. After exiting the blanket,
the coolant flows to the steam generator (or initermediate heat exchanger), where
the heat is removed. The vertical center of heat extraction is L meters above the
vertical center of heat addition (the center of the blanket), where L is the "thermal
elevation difference". Typically, L is about 10 meters [E.i, E.61.
The model for calculating the flow rate rh in the flow loop considers that heat
is added at one point and extracted at another point, L meters above the point
of heat addition. Because of buoyancy effects, this creates a pressure head in the
coolant, which is balanced by the friction and MHD pressure drops, resulting in a
natural convection flow rate. In the forced convection approach, it is assumed that
this flow rate is, as far as the blanket itself is concerned, externally applied, and
not directly dependent on the details of how the heat is added to the coolant within
the blanket. For this reason, the empirical correlations used are those appropriate
to forced convection problems.
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E.2.1.1 Helium Cooled Blanket #2
For coolants with Prandtl numbers Pr on the order of one, which encompasses
m1ost nlt4I-liqhid-imetal coolants, the forced convection correlations used to find IL are
fairly simple. In fully developed laminar flow, as it turns out, the Nusselt number
Nu is merely a constant. In the case of a constant heat flux from the wall to the
coolant, which is the assumption used in the development of the model given ill
Chapter 6, this constant is 4.364 [E.8]. Thus, for laminar flow in the helimn cooled
Blanket #2, the heat transfer coefficients are found using Nu = 4.364.
In the case of turbulent flow, which applies during the transient time before
steady-state is reached, the situation is slightly more complicated. One of the more
common correlations used in this case is the Dittus-Boelter equation, which states
Nu = 0.023Pr04 Re0 8  (E.13')
This is the correlation is used in the helium cooled blanket for turbulent flow.
E.2.1.2 Liquid Metal Cooled Blankets
Convective heat transfer to liquid metals is different than for other coolants, pri-
marily because heat transfer across the coolant channel is dominated by molecular
conductivity, as opposed to momentum transfer [E.2, E.81. The forced convection
approach for liquid metal cooled blankets is the approach given in Chapter 6 in the
development of the natural convection model.
E.2.2 Natural Convection Approach
The alternate approach to the problem is to say that the flow rate in the blanket
is not externally applied, but is directly dependent on the details of how heat is
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added to the coolant in the blanket. This is the essence of most natural convection
problems. It is based on the fact that the flow rate of the coolant depends on
the heat flux into the coolant, which depends on the heat transfer coefficient h,
which in turn depends on the flow rate of the coolant. The "circularity"of this
problem means that calculating h separately from rh is impossible. This leads to
a different set of empirical correlations which relate Nu to the flow characteristics.
The correlations are considerable more complicated than those given in the forced
convection approach.
In the natural convection approach, there are a number of new dimensionless
parameters. Most importantly, there is the Grashof number Gr, which essentially
relates the buoyancy force to the viscous force. The Grashof number is given as
Gr- gfATL 3  (E.14)
where
v is the dynamic viscosity, i.e.,
AT is the difference between the wall temperature T, and the bulk lhuid ten-
perature '", and
L is the vertical length of the (heated) surface.
Typically, the Grashof number actually appears as a product with the Prandtl
number. This product is called the Rayleigh number, and is given by
RaL = GrLPr = 90ATL .
at-
Churchill and Chu have presented a fairly extensive experimental data base,
and have correlated the data. This correlation is valid over a full range of Prandtl
numbers (i.e., for liquid metal and non-liquid metal coolants) as well as for both
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turbulent and laminar flows. It is given as [E.81
ILL- 0.68 + 0.67Ra4.[ 0 (91j E. 16)
where Nua refers to the average Nusselt number along the length of the heated
surface L. This is the correlation used in the natural conxrection approach for all
coolants in both laminar and turbulent flow.
E.2.3 Comparison of Forced vs. Natural Convection Approach
In both the forced and natural convection approaches, the calculation of the flow
rate rh is the same. Slight variations in the actual flow rates calculated can occur,
due to the fact that, because of the different values of h, each model may calculate
a different AT. This difference is expected to be small, however. The bulk of any
difference between the models is expected to be in the better thermal c<uipling of
the first wall to the heat sink in the model that calculates the higher h values.
The differences were examined by analyzing Blanket #1, Cases MI and M2 (see
Table 6.2.1), with each model. In Case M1, where the magnetic field stays on
at its operational value, the flow rate rm is very small. The impact that natural
convection has in this case on the temperature response is minimal. Thus, it is
expected that the difference between the ftrced and natural convection approaches
will also be minimal. In case M2, where the magnetic field is turned off such that
it decays exponentially by two orders of magnitude every 30 minutes, the flow rate
is significant, and the impact of natural convection on the temperature response is
substantial. Here, it is expected that any difference between the forced and natural
convection models could be important.
The difference between the models can be seen by doing a sample calctilation'of
Nu using each correlation. Except for during the very early stages of the transient,
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the flow is laminar in all of the cases. In the forced convection approach outlined
in Section 6.1., it is seen that at low values of Re, the value of 4 goes to zero.
The Nusselt number, therefore, is simply equal to the constant 5.0 (see equation
(6.18)). In the natural convecton approach outlined in Section E.2.2 above, the
Nusselt number remains a complicated function of Rat and Pr, even at low Ue
fows. Inserting the data for liquid lithium, it is found that Pr equals 0.039, while
RaL is about 2.8e--07. Note that this Rayleigh number is found for a first wall
channel length L of 3.02 in, and a AT of 0.01 'C. This value of AT was taken from
the results of the calculation (remember, this AT represents the difference between
the wall temperature and the fluid temperature, NOT the coolant temperature rise
in the blanket). Inserting these values of Pr and RaL into equation (E.16) yields
a value of NZLL of 23.5, which is almost five times greater than the value of Nu
predicted by the forced convection approach. Thus, the heat transfer coefficients IL
will be almost five times higher in the natural convection model.
Figure E.2.1 gives the maximum temperature in the first wall vs. wall load
for Cases M1 and M2 for each model. Note that, as expected, the difference flir
Case M1 is practically non-existent. The difference for Case M2 is noticeable but
small, with the natural convection model having the lower temperatures. This is
as expected, considering the higher values of h predicted by the natural convection
model. These differences are very small, and any error introduced from using the
forced convection model, which is much simpler, can be ignored. The reason for
these small differences, given the much larger Nusselt number calculated above, can
be explained by the fact that higher h's lead to smaller AT's (T,- Tb,). Thus, the
heat flux from the wall to the coolant will not change very much between models.
The actual rate of convective heat removal can be loosely represented as the product
of the heat flux from wall to coolant times the flow rate (rh), since-the heat must
flow from the wall to the coolant, then be carried out of the blanket by the flowing
coolant. Since the flow rate is very close to the same in either model, the rates of
convective heat removal will be very close also, and thus the overall temperature
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Figure E.2.1 Maximum First Wall Temperature vs. Wall Load for Blanket #1
using forced convection and natural convection approachEs
to calculate the heat transfer coefficient h in convection
Cases Mi and M2
4 6 8 10
Wall Load (MW/m**2)
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responses will be similar.
E.3 Inputs to Subroutine CONVECT
The model for the convection analysis presented in Chapter 6 and above in
incorporated into the code THIOD primarily through the subroutine CONVECT.
CONVECT calculates ri, then the h's for each channel, and returns these valies
to the main code. In order to perform these calculations, additional inputs are
needed. The parameters that are needed are some properties of the coolant, and
the geometry of the flow channels. The values used for the convection analysis for
each of the blankets are discussed below.
E.3.1 Coolant Properties
In most convection analyses, the correlations dictate that coolant properties be
evaluated at the mean of the wall temperature T, and the coolant bulk tempera-
ture T. This can be important, since many of the coolant properties hiavze a fairly
strong dependence on temperature, especially for helium. Including a temperature
dependence of the coolant properties, however, introduces a fair amount of com-
plexity into the code. For the sake of simplicity, then, all coolant properties are
constant with temperature, and the values used are those that correspond to the
temperature which is expected to be in the range of interest.
Using constant coolant properties will introduce some error into the analysis.
In particular, in the case of helium, the coolant expansion coefficient j is inversely
proportional to temperature, while the density p is linearly dependent on tempera-
ture. Fortunately, these two parameters often appear in the equations as a product,
thus canceling the temperature dependence. However, in the instances when either
one or the other appears independently, assuming a constant value can introduce an
error of as much as 20%, given the likely range of temperatures. It should be noted
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that the natural convection analysis, especially in the case of the helium cooled
blankets, is not meant to give accurate results on the temperature response, but is
more meant to give an indication of the impact that natural convection can have on
the temperature responses presented in Chapter 5. In the helium cases, this impact
turns out to be small (as expected), thus a 20% error can be safely ignored.
hi the liquid metal cooled cases, especially those in which the magnetic field
is turned off, natural convection has a large impact on the temperature response.
in these cases, it is much more important to use accurate coolant property data.
Pbrtunately, the properties of lithium and lithium-lead are not as sensitive to tem-
perature as those of helium. It is unlikely, then, that using constant values will
introduce error of more than 10%. Given the other uncertainties and approxima-
tions that appear in the convection analysis (e.g., regarding the flow loop geometry,
for which there is little detailed design information), this is not especially serious.
All of the properties relevant to the convection analysis, for each of the three
coolants, are given in Table E.3.1, along with the temperatures at which they arc
given. Note that the values used are for temperatures which are intended to be in
the middle of the range experienced by the coolant during the transient.
E.3.2 Flow Channel Geometry
The geometry of the flow loop for each of the-blankets considered in the convec-
tion analysis (Blankets # I, #2, #3, and #4) was taken from the various references
which describe the blankets. The bulk of the parameters were taken from the ill-
formation given in Chapter 2. The parameters that need to be defined are, froiI
equations (6.11) and (6.12),
Tir Iet, the temperature of the coolant when it enters the blanket,
£, the thermal elevation difference (m),
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A, the effective flow channel area (m2))
t, the effective flow channel wall thickness (m),
1, the total flow channel length (m),
a, the "half-thickness"of the flov channel (m), and
1, the effective ratio of flow-channel-length to flow-channel-area, as defined in
equations (6.7) and (6.8).
The values used for these parameters for each of the blankets are given in Table
E.3.2. The TigIet values for Blankets #1, #2, and #3 were taken from the references
which describe the blankets. The Tiniet for Blanket #4 was taken as 50 'C less than
that for Blanket #1, since the operating temperature of Blanket #4 is 50 'C less
than Blanket # I (see Chapter 2 and Appendix C). This means the temperature
difference between the first and TinIet during operation is the same for each blanket,
thus the results will not be biased by the initial conditions. Each of the above g
geometry parameters represents an effective average for the entire flow loop. This
average value is used in equation (6.11) to calculate Th for the entire flow loop.
Once the flow 1oo) Ti is known, the flow rate (kg/s) and flow velocity (i/s) for
each individual flow channel must be found. As was stated, in the blanket itself, the
flow path of the coolant consists of a number of different flow channels connected
in series. These channels, in general, have different dimensions, and thus will have
different flow rates. It is the channel flow rate ih j and channel flow velocity ov that
are used in equations (6.14) - (6.17) to find the channel heat transfer coefficient
hj. Furthermore, it is the channel flow rate rh that is used in equation (6.30) to
calculate the nodal temperature T, where node i is in channel j. The channel flow
rate rhj differs from the total loop flow rate rh because a particular flow channel j
may actually consist of a number of identical channels which are in parrallel. That
is, the inlet manifold may consist of a single channel (or pipe). Once the flow enters
the blanket, it splits into a number of identical, parrallel channels. Thus, if there
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Table E.3.2 T,,,It and Flow Geometry Parameters for Each Blanket Analyzed in Convection Anal-
ysis
L A
blanket # C (in) (m 2)
t
(m)
I
1 300 10.0 0.24 0.002 25.0 0.30 7.643e+04
2 275 10.0 * * * * 7.643e+04
3 300 10.0 0.54 0.005 25.0 0.22 7.643e+04
4 250 10.0 0.24 0.002 25.0 0.30 7643e+04
a
(M)
I
(M-1)
* These parameters are relevant only to
in the helium-cooled blanket #2.
MHD pressure drop term, and thus are not rele
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vant
Tinlet
are N of these parrallel channels, the flow rate in each of them, ihj, will be I tiies
the total loop flow rate rh. This flow channel flow rate rh1 is used in conjunction
with the flow channel diameter De and area A1 to get the flow channel velocity vj,
Reynold's number Rej, and heat transfer coefficient hj.
This requires, for each flow channel, the following parameters:
IfJ, the number of parrallel channels that compose flow channel j,
De, the hydraulic diameter of each individual channel, and
Aj, the flow area of each individual channel.
The values used for the flow channels in each blanket are given in Table E.3.3.
As was stated in Section 6.1, each flow channel corresponds to one region of the
blanket. However, these regions consist of both flowing coolant and solid structure.
Thus, heat transfer between adjacent regions will consist of both convection to
the flowing coolant (represented with h) and conduction to the solid structure
(represented with Ak-). These heat transfer parameters must he multiplied by the
appropriate material fractions to obtain the true effective values. To illustrate this
point, consider the following example.
Assume node i is in the first region (first wall) of Blanket #1, as is displayed
in Figure 2.1.2. Note from Figure 2.1.2 that this region consists of 100% VCrTi
structure. Assume node i + 1 is in region 2, which consists of 88.9% lithium coolant
and 11.1% VCrTi structure (see Figure 2.1.2). Thus heat transfer from node i to
node i + 1 will consist of convection from the VCrTi of node i to the lithium of
node i + 1, and conduction from the VCrTi of node i to the VCrTi of node i + 1.
Recall that in the code THIOD, each region is homogenized according -to material
fraction. Thus, to properly represent the heat transfer from node i to node i + 1,
the heat transfer coefficient hi (which represents convective heat transfer from i to
i + 1) must be multiplied by the appropriate lithium coolant fraction, in this case
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Table E.3.3 Geometric Parameters of Individual Flow
Convection Analysis
blanket # channel
Channels for Each Blanket Analyzed in
region
1 1 Manifold 0.474 0.225 8
2 Blanket 0.474 0.225 8
3 First Wall 0.032 1.13e-03 332
1 Manifold 0.030 0.175 120
2 Blanket Segment 2 0.020 0.116 330
3 Blanket Segment 1 0.020 0.116 330
4 Flow Splitter 0.121 0.699 30
5 First Wall 3.15e-03 0.018 30
3 1 Manifold 0.360 0.135 9
) Blanket 0.300 0.090 9
3 First Wall 8.00e-03 5.03e-05 270
4 1 Manifold 0.474 0.225 8
2 Blanket 0.474 0.225 8
3 First Wall 0.032 1.13e-03 332
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0.889. And, in turn, the conduction parameter Aki, which should only represent
cOn)duction from structure to structure (since heat transfer from structure to coolant
is accounted for with hi), must be multiplied by the appropriate structure fraction,
in this case 0.111.
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F. Code Listing
F.1 Listing of THIOD
c PROGRAM THIOD
C
dimension npts(50),xzn(50),xmesh(50),dxzn(50),x(50,0:500),
lxr(0:500),dx(0:500),tims(0:500),ptk(0:500),
2tplt(50,0:500),iprd(0:500),aimp(0:500),bimp(0:500),cimp(0:500),
3dimp(0:500),eimp(0:500),fimp(0:500)
dimension tkl(50),tk2(50),rcpl(50),rcp2(50),ep(0:500),ptk(0:500),
l prcp1(0:500),prcp2(0:500),irad(0:500,2),
2ptk2(0:500)
dimension tl(50,50),xmu(50,50),a(50,50),ptl(0:500,50),uop(50),
I pxrnu(0:500,50),pa( 0:500,50),nmiso(50),npniso(0:500),
2st(0:500),puop(0:500),
3timpl(50),ti tiim(10,50),iplt(10),kk(0:500),aop(50),
4paop(0:500),t5(0:500)
dimension ax(50),rmax( 10),sub(5,10),rkl(5),rk2(5),tmax(I0)
double precision t(0:500),dtk(0:500),mdot,pmdot(0:500),fact,
[prcp( 0:500),dt,ph(0:500),pkextra(0:500),mdss,mdcomp
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real chien,charea,rho,cp,deltt,dit2,dtrtio,alhsblhs,blam,
1 bchk,pflfrac(0:500),fifrac(50)
integer stpt(50),enpt(50),parrd
character* 15 namet
logical wallf,conf
real econc(100),rha,rhb,tha,thb,fac,ptin(0:500)
character*2 ename(100),rname
character*8 titlet(8)
C
c open input and output files
c
call link(" unit 1 =(max,textcreate),unit2=option,unit3=qtrpr,
I unit4=geom,unit5=params,unit6=(rdout,text,create),
2unit8=(tptimout,text,create),unit9=(tmpouttext,create),
dunit10=(mdotout,text,create),
3unit 1=cntI,unit12=matlib,unitl3=(elconc,text,create),
6unit7= (heatmsgstextcreate),
4printI rea(12,Lead13,read4,read5,print6,print7,print8,print9,
5printl0,read 1I,read12,printl3//")
c set cption variables
wallf=.false.
conf=.false.
rnaine=
c ***Tie following lines entered by jps**************
e read title and optioUIs
read(2,'(8a8)') (titlet(i),i=1,8)
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write(1,104)(titlet(i),i=1,8)
write(6,104)(titlet(i),i= 1,8)
write(8,104)(titlet(i),i=1,8)
write(9,104)(titlet(i),i= 1,8)
write( 10, 104)(titlet(i) ,i=1,8)
write(7,104)(titlet(i),i= 1,8)
104 tormat(8a8,/)
read(2,'(al 5)')namet
write(7,106) namet
106 format(" option = ",a15)
if(namet.eq.'wall load')then
wallf=.true.
read(2,'(i3)')numtri
read(2,'(el0.3)') (ax(i),i=1,numtri)
goto 2
end if
if(namet.eq.'conductivity')then
conf=.Arue.
read(2,'(a10)')rname
read(2,'(i3)')numtri
read(2,'(f7.4)') (ax(i),i=i,numtri)
goto 2
end if
numtri= I
C begin option loop
C Sado 999 izq=,nt mtri
c set all variables to zero
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Cdo 19 i=1,10
19 rmax(i)=0
eimp(0) 1.0
himp(0)=0.0
dpsm=0.0
mdot=0.0
parrd=0
theat=0.0
qtot=0.0
trad=0.0
sgend=0.0
rewind 3
rewind 4
rewind 5
rewind 13
rewind 1 I
C
e read geometry indices from file GEOM *
C
44 *** ** * ****** ** *****
sig=5.67e-08
dIt2=10.
alihs=1.0
blhs= 100.0
read(4,10) nrnzone
read(4,10) (npts(i),i=1,nmzone)
10 format(i3)
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read(4,20) (xzn(i),i=1,nmzone+1)
20 format(elO.3)
c
c * done reading geometry indices *
c * now calculate geometric mesh parametes *
c
ntots=0
do 30 i=lnmzone
ntots=ntots+tipts(i)
dxzn(i)=xzn(i+1)-xzn(i)
xmesh(i)=dxzn(i)/npts(i)
x(i,1)=xzn(i)+xmesh(i)/2.
do 30 j=2,npts(i)
x(ij)=x(ij-1)+xmesh(i)
30 continue
C
c *** done calculating geometric mesh params.
c
C now read time values *
C** these are the start time, end time and time step *
c
read(4,35) start,time,dt
35 forinat(2f9.1,f7.l)
c +** and times at which the temp. dist. will be printed and plotted *
read(4,10) nsols
read(4,4.5) (timlIs(i),i=1,n-sols)
45 format(f9.1)
C **clone reading time values *
C
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c *** now read initial conditions *
C
read(4,55) (t(i),i=1,ntots+1)
55 format(f7.1)
C
done reading initial conditions *
now read plot points *
read(4,10) nplots
read(4,10) (iplt(i),i=1,nplots)
now read material properties by zone from file PARAMS *
first conductivity, then (rho x Cp) - both k and rcp are
linear functions of temp. ie, A*T + B. Read A,B *
read one additional conductivity for Boundary Condition **
C
c
if( conf)fac=ax(izq)
c
write(7,108)
108 format("zone" ,1x,"
1" rha ",x
do 98 j= I,nmzone
write(13,'(/,i3)')j
tha
rhb
thb ",6x,
7), /
c iw tind k and (rho x Cp) for each zone - subroutine ISOTOPE
C
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c
c
C
C
C
C
c
C
C
call isotope(emax,enameeconc,rha,rhb,tha,thb,facrname)
tkl(j)=tha
tk2(j)=thb
if(rha.eq.0.and.rhb.eq.0)rhb=1.0
rcp i(j)=rha
rcp2(j)=rhb
98 write(7,107) j,tha,thbrha,rhb
107 format(i3,2x,e l0.3,2x,e10.3,6x,e10.3,2x,e10.3)
read(5,48)tkl(nmzone+1),tk2(nmzone+1)
48 format(2e10.3)
40 format(elO.3)
c *** read emissivity mesh points that radiate *
c*** read number of pairs of radiating mesh points, and the pair***
read(5,10) nmrads
do 42 i=i,nmrads
read(5,10) iprd(i)
read(5,40) ep(iprd(i))
read(5,46) irad(i,1),irad(i,2)
1i format(2i4)
42 continue
ep(0)=0.0
+ *** done reading mat. props.
now read q-triple-prime info from tile QTRPR *
first read number of isotopes in each zone
C then lambda, mu, and coefficient A for each isotope *
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Cdo 50 i=1,nmzone.
read(3,10) nmiso(i)
read(3,41) aop(i)
read(3,41) uop(i)
aop(i)=aop(i)*1.Oe+06
if(nmiso(i).eq.0) go to 50
read(3,41) (tl(i,j),j=1,nmiso(i))
read(3,41) (xmu(ij)j=1,nmiso(i))
read(3,41) (a(i,j),j=1,nmiso(i))
do 51 j=I,nmiso(i)
a(i,j)=a(i,j)*1.Oe+06
51 continue
50 continue
read(3,48) alanorm
read(3,10) ikk
kk(ikk)= I
read(3,41) adpt
read(3,45) ht1
read(3,45) ht2
41 format(el.4)
C*** done reading q-triple-prime info
C
C now calculate mat. props. and qtrpr by fine mesh point *
C *assign mesh point values to corresponding zone values *
d6 in =0
do 60 i= 1,nmzone
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(1o 60 j=1,npts(i)
mm=mm+1
xr(mm)=x(i,j)
dx(mm)=xmesh(i)
ptkl(mm)=tkl(i)
ptk2(mm)=tk2(i)
prcp1(mm)=rcpi(i)
prcp2(mm)=rcp2(i)
paop(mm)=aop(i)
puop(mm)=uop(i)
do 70 1=1,nmiso(i)
ptl(M'm,l)=tl(i,l)
pxmu(mm,1)=xmu(i,I)
pa(mm,1)=a(i,1)
70 continue
npniso(mm')=nmiso(i)
60 continue
ptki(mm+--1)=tki(nmzone+1)
ptk2(mm+=t )rk2(nmzone+1)
xr(ntots+ t)=xzn(nmzone+1)
if(mm.eq.ntots) go to 80
write(6,90) mm,ntots
90) foCrmat(' mim=',14,' ltots= ',i4)
stop
C
d <one calculating tine mesh data *
C
C * tow start thermal calculation *
C
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c *** set time to inputted start value - fix initial conditions *
c
80 xt=start
do 191 i=1,ntots
st(i)=t(i)
191 continue
sdt=dt
nt=1
C
if(wallf)then
al=ax(izq)
write(1,101)(ai*5)
write(6,101)(ai *5)
write(8,101)(a1*5)
write(10,1w)(a1*5)
write(9,101)(al *5)
101 format(/,' wall oad =',ei.4,' MW/m2')
goto 110
end if
if(conf)then
write(1, 102)rname,ax(izq)
write(6,1 02)riiamie,ax(izq)
write(10,102)riiaine,ax(izq)
write(9,102)rnarne,ax(izq)
102 format(/,' ccicittctivity factor for ',al0,' is ',7.4)
goto 114
end if
write(1,103)
420
i .! 11
write(6,103)
write(8,103)
write(10,103)
write(9,103)
103 format(/,' Hey Man! Nothing, like nothing varies...')
C
C
110 jr=0
do 129 i=1,ntots
t5(i)=t(i)
129 continue
thet5=theat
qtot5=qtot
trad5=trad
diff=abs(xt-tims(nt))
C
c ***if time is at an 'answer' time, print and plot temp. dist. *
c and other output information
C The following lines inserted by John snyder at 17:13 hrs., 1 Jun '86 *
do 99 i=l,nplots
if(t(iplt(i)).le.rmax(i))goto 99
rmax(i)=t(ipIt(i))
tmax(i)=xt
99 continue
e write(*,181)xt
181 format(/,' time= ',f12.3)
if(diff.gt.dt/2..and.sgend.ne.L.0) g> to 140
write(6,180) xt
421
I I
write(9,180) xt
180 format(//,' time= ',f9.1)
write(9,172) ntots
172 format(' ntots= ',i4)
do 160 i=1,ntots
write(6,170) i,t(i)
170 format(' t(',i3,')= ',f16.11)
write(9,171) xr(i),(t(i)-273.)
171 format(flO.5,flO.3)
160 continue
write(6,192) qtot,theat,trad
write(6,292) remax,mdot,dt,dpsm
write(10,173) xt/3600.,mdot
173 format(flO.5,flO.4)
do 294 i=i,nchns
ji =stpt(i)
j2=enpt(i)
write(6,293) ji-t,ph(jl-1),jl-1,dtk(jl-l),jl,ph(jl),
ljidtk(jl),jl,prcp(jl)
write(6,293) j2,ph(j2),j2,dtk(j2),j2+[,ph(j2+1),
lj2+l,dtk(j2+ t),j2,prcp(j2)
293 forinat(' ph(',i3,')= ',el1.4,' dtk(',i3,')= ',e 1.4,/,
V'ph(',i3,')= ',,21 1.4,' d tk(',i3,')= ',ei1.4I,
2prcp(',i3,')= ',ell.4)
29-1 continue
292 frnat(' remax ',e12.5,' mdot ',e12.5,/,' dt
l12.5,' d psm= ',c12.5)
I 2 formnat(' jtotz- ',e1 2 .5 ,* theat= ',e12.5,' trad= ',e12.5)
irmpl(nt)=xL
dt 162 iptm=zz 1,IpLOt3S
422
tIrtim(iptmnt)=t(ipIt(iptm))
162 continue
nt=nt+1
tnt=nt
tnt=tnt/2.
if(tnt.ne.int(tnt).and.sgend.ne.1.0) go to 140
ngt=ngt+I
do 165 i=I,ntots+1
tpit(ngt,i)=t(i)
165 continue
if(sgend.eq.1.0) go to 215
C
c * done printing and plotting temps.
C
c ** add time step increment to time - proceed with calculation *
C
40 xt=xt+dt
if(xt.gt.time) sgend=1.0
126 do 131 i=1,ntots
t(i)=t5(i)
131 continue
qtot=qtot5
Lfheat=thet5
trad=trad5
dpsm=0.0
jr=f)
dtx=0.0
C
c * start spatial loop
423
--I- - --- --- ..........
c * first call CONVECT to get kextra, h, and mdot
C
c now we want to calculate the convection-related terms,
c * that is, mdot, ph(i-I), and ph(i) - we'll use the same
C *** values as last time unless the temperatures have changed
C or if we're still in the 'transient'
c
C if(rndot has changed) call subroutine
c if mdot is still not near steady state value, we must
c call convect even if deltt has not changed.
c
do 49 i=nchns,i,-1
do 59 j=stpt(i),enpt(i)
pflfrac(j)=flfrac(i)
if(i.eq.nchns) then
ptin(j)=tinlet
go to 59
endif
jtmp=stpt(i+ 1)
ptin(j)=t(jtmp)
59 continue
-49 continue
bchk=exp(-blainxt)
if(blam.eq.(i..ur.bchk.t.0.0005) then
mndss=alhs/(2.blhs)
iridcomp= abst midot-rndss)/mdss
if(mdcomp.t.0.05) then
do 69 i=1,nchns
do 79 j-stpt(i),enpt(i)
if(dit2.lt.t(j)) dlt2=t(j)
42 4
79 continue
69 continue
dlt2=dIt2-tinlet
dtrtio=abs(deltt/dlt2 - 1.)
if(dtrtio.lt.0.01) go to 89
end if
end if
C
pkextra(0)=0.O
ph(O)=0.O
pmdot(0)=O.
call convect(t,dtxtntots,tinlet,charea,chlenrhocp,mdot,
1 pmdot,ph,pkextra,nchns,stpt,enpt,deltt,tcsig,alhs,blhs,
2blam,flfrac,parrd,a I,remax)
C
C** if time step was LoO large for CONVECT, reduce it
C
if(tcsig.eq.2.5) go to 121
C *** calculate tenip.-dependent conductivity *
89 do 120 i= ,iitots
ptk(i--i)=ptk i(i-1)*t(i-1)+ptk2(i-)+pkextra(i-1)
ptk(i)=ptk 1(i) 4t(i)+ptk2(i)+pkextra(i)
ptk(i+"[)=[ptk ( i+1)*t(i+ 1)+ptk2(i+l)-pkextra(i+ 1)
c calculate conductivity term dk at zone interface *
dtk(i- 1)=izz0.)
asgn1-ptk((i- I)*ptk(i)
425
if(asgnl.eq.0.) go to 201
dtk(i-1)=(dx(i-1)+dx(i))/((dx(i-1)/ptk(i-1))+(dx(i)/ptk(i)))
if(ph(i-I).ne.0.0) dtk(i-l)=dtk(i-l)*
1(1.-(max(pflfrac(i),pflfrac(i-1))))
201 dtk(i)=0.0
asgn=ptk(i) *ptk(i+-1)
if(asgn.eq.0.) go to 100
dtk(i)-=(dx(i)+dx(i+1))/((dx(i)/ptk(i))+(dx(i+1)/ptk(i+1)))
if(ph(i).ne.0.0) dtk(i)=dtk(i)*
1(l.-(max(pflfrac(i+1),pflfrac(i))))
c write(6,710) i,dtk(i)
710 format(' dtk(',i3,')= ',e12.5)
C
c *** set conductivity boundary condition *
C
100 if(asgnI.eq.0.) ph(i-1)=0.0
if(asgn.eq.0.) ph(i)=0.O
if(ptk(ntots+I).eq.0.0) go to 145
dtk(ntots)=ptk(ntots+1)*(xr(ntots+1)-xr(ntots))
c write(6,710) ntots,dtk(ntots)
C
C * calculate temp.-dependent rho x Cp *
145 prcp(i)=prcpl( i)*t(i)+prcp2(i)
c
C
C
2:11 (1 Z1J
x t xxr i-xi).
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x2=xr(i)-t-dx(i)/2.
tl=xt
t2=xt+dt
do 130 1=1,npniso(i)
coeff=pa(i,I)/ (pxmu(i,l)*ptl(il))
xpartzexp(-pxmu(i,) *x2)-exp(-pxmu(i, l)*x1)
tpart=exp(- ptl(iI) *t2)-exp(-ptl(i,l) *tl)
q=q+(coeff*xpart*tpart)
130 continue
C
c *** add operating heat - q" to pt. 1 and q"'(op) to whole blkt *
c
tht=1.-((xt-htl)/(ht2-htl))
fht=min(tht,1.0)
fht=max(fht,0. U)
qop=(paop(i)/puop(i))*(exp(-puop(i)*x1)-exp(-puop(i)*x2))
q=((adp 1*kk(i)+qop)*dt*fht)+q
q=q*ai/anorm
qtot=qtot+q
e write(6,6()() ijt(i-1),t(i),t(i+I)
c oiuo format(' 1=',i3,' t(i-I)=',eI2.5,' t(i)=',e 12. 5,'t(i +1)=',12.5)
" calculate qtrpr
(lpart=q/(prc:p(i)*dx(i))
C [j)~dltk(i-1 /( prcp(i)*dx(i))
c lpzc Ip*(t(i- I.)-t(i))/(xr(i)-xr(i-1))
c2pz=<tk(i) /(prep(i)*dx(i))
c ~ ~ ~ * ~) ~+1)/x~+)x~)
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c *** now see if point i radiates - if not, calc. new a,b,c,d,e,f ***
C
if(ep(i).ne.0.) go to 135
rip=0.0
r2p=.A
go to 125
C
C * if point i radiates, calculate temp. rise due to radiation *
c
135 jr=jr+1
c write(6,600) i,t(i-1),t(i),t(i+1)
if(ep(irad(jr,1)).eq.0.) then
eprl =0.
go to 136
end if
epp1=( 1./ep( irad(jr,1)))+( I./ep(i))-l.
epri=(1./eppl)
136 if(ep(irad(jr,2)).eq.0.) then
epr2=0.
go to 137
end if
epp2=(1./ep(irad(jr,2)))+(./ep(i))-1.
epr2=( 1./epp2)
137 uip=sigeprl/( prcp(i)*dx(i))
r2p-sig'epr> (prcp(i)*dx(i))
r2p=r2p4 (t(i) *4.-t(irad(jr,2))**4.)
c *** found radiation temp change *
C
4 28
c *** find aimp(i),bimp(i),cimp(i), and dimp(i)
c
125 aimp(i)=dt/(dx(i)*prcp(i))*(dtk(i)/(xr(i+I)-xr(i))+ph(i))
ovrfl =(pmdot(i)*cp*dx(i))/(charea*chlen)+
I(dtk(i- 1)/(xr(i)-xr(i-1))) + (dtk(i)/ (xr(i+ 1)-xr(i))) +ph(i- 1) +ph(i)
bimp(i)=(dt/(prp(i)-'dx(i)))*ovrf1 + 1.
cimp(i)=dIt/(dx(i)*prcp(i))*(dtk(i-1)/(xr(i)-xr(i-1))+ph(i-1))
dimp(i)=t(i)+(pmdot(i)*cp*ptin(i)*dt/(charea*chlen*prcp(i)))+
lqpart + (dt*(rip-r2p))
c
c * find eimp(i),fimp(i) from a,b,c,d and previous values
C
eimp(i)=aimp(i)/(bimp(i)-(cimp(i)*eimp('1-1)))
fimp(i)= (dlimp(i)+(cimp(i)*fimp(i-1)))/
t(bimp(i)-(cimp(i)*eimp(i-1)))
c
e *** now end first i loop.
120 continue
now calculate t(ntots) *
limnp( iitots)c)=cimp( ntots)+aimp(ntots)*t(ntots+1)
c
atmn=t(ntots)
t(nt(7ts)=((dimpi-)nt,)ts)+I(cimp(ntots,)*fimp(ntots-f)))
I/ (binmp(ritots )- cimp(ntots)*eirnp( ntots-1)))
Llheat= t heat+( t (L-tot s)-atmn)*pr cp( ntots)*dx(ntots)
tradz=trad--(dt*( u2p+c2p)*dx(ntots)*prcp(ntots))
c * 6tart nexL i loop from i=ntots, find t(i) from t(i+i) dud
429
c **a,b,c,d,e,f **
c
do 220 i=ntots-1,1,-1
atime=t(i)
t(i)=z(eimp(i)t(i+1)) + fimp(i)
tgai n= (t (i)- ati me)*-'prcp(i) *dx(i)
theat= theat+tgain
c * check time step *
C*** if temp change is too fast, reduce time step, go back and
C* repeat. If temp change is very slow, increase time step.
c * otherwise, continue as is
c
btim=abs(atime-t(i))
if(btim.It.4.) go to 122
tcsig=2.5
122 if(tcsig.gt.2.) go to 121
if(tcsig.eq.2.) go to 220
dps=btim/dt
if(dps.gt.0.05) tcsig=I.
if(dps.gt.O.5) tcsig=2.
if(dpsm.lt.dps) dpsm=dps
C
220 continue
C
121 itinc=3.-tcsig
tcsig=(i.
if(dtinc.ge.1.) go to 128
cit=dt*dtinc
write(6,124) btim,i,xt,dt
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I I I
124 format(" btmax=" ,e1.4,"at i=",i3,
1"at time= " ,f11.4,", decrease dt to ",ell.4)
xt=xt-(dt/dtinc)+dt
if(dt.lt.1.Oe-06) sgend=1.0
go to 126
128 dtzdt*dtinc
if(dt.gt.100.) dt=100.
C
c* end of time step - return, add dt to time, and continue *
c on to next time step
go to 110
c
c * calculation is complete - print the results *
c
c 215 call tmpplt(tplt,xrntotsngtxzn,nmzone)
215 write(6,735) dt
735 format(' at end, dt= ',ell.4)
C call timpit(timpltmtim,nt,nplots,iplt)
write(8,755) nt
write(10,755) nt
755 ftomat(' nt= ',i3)
do 740 n=1,nplots
write(8,747) ipilt(n)
747 format(//,'7 i= ',i4)
do 743 m=Iat
if*(n.eq.1) timpI~m)=timpl(m)/3600.
to-ltim(n,m)=tii-tim(n,m)-273.
write(8,171) tiinpl(m),tmtim(n,m)
741 continue
740 continue
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c *** The following lines inserted by John Snyder at 17:21 Hirs. , 1 Jun 86
write(1,801)time
801 format(' mesh # max temp after',
I f9.1,' sec',' time of max (sec)')
do 810.i=i,nplots
810 write(1,802)iplt(i),(rmax(i)-273.),tmax(i)
802 format(i5,f21.1,f20.1)
999 continue
c
stop
end
432
F.2 Listing of Subroutine CONVECT
C Subroutine CONVECT
c subroutine convect (tdtxt,ntots,tinletchareachlenrhocp,
lmdot,,pmdot, ph,pkextra,nchnsstpt,enpt,deltt,tcsig,
2alhs,blhs,blam,fifrac,parrd,al,remax)
real rho,betamu,tk,cp,deltt,
1thhght,tinlet,tcsig,remax,
2chlen,charea,chalph,chgeom,fric,frclam,frctur,
3bmag,blam,
4sigwall,thwall,
5dhe(50),arch(50),flfrac(50),flspl(50),
6grav,xt
real renb(50),nu,pe,
I prnb,psiehememonu,fivel,alhsalhs2,blhscrhsbfld
integer parrd,nchns,stpt(50),enpt(50)
double precision t(0:500),ph(0:500),mdot,pmdot(0:500),dt,
I pkextra(0:500 ),kextra(50),h(50)
see if this is first call to CONVECT; if it is, read
S*** input parameters. If not, then go straight to calculations *
e this information assumes "all one channel" to get mdot. -
e later we will get information on specific channels, so we
C can calculate the he (and hence h) for each channel *
grav=9.8
if(parrd.eq.1) go Lu
parrd=-I
433
write(7,30)
30 format(' reading convect info')
read(5,2) rho,beta,mu,tk,cp
2 format(5e10.3)
read(5,3) thhght,tinlet
3 forrmat(2e10.3)
read(5,4) chlen,charea,chalph,chgeom,frclam,frctur,mdot
mndot=mdot*al
4 format(7e10.3)
read(5,3) bmag,blarn
read(5,3) sigwall,thwall
c
c now read about channels to calculate Re, h *
c
read(5,5) nchns
read(5,7) (stpt(i),enpt(i),i=1,nchns)
read(5,6) (dhe(i),arch(i),flfrac(i),flspl(i),i=1,nchns)
6 format(3e10.3,f5.0)
C
5 format(i3)
7 format(2i4)
C now start calcs. - find deltt *
c
I deLtt.t
remax=0.0
do 9 i=I ,ndhns
fl vel-indo t/( L'I* arhd(i)*flspl(i))
renb( i)-=(rho"fIvel dhe(i))/mu
434
I ---- I
if(renb(i).gt.remax) remax=renb(i)
do 9 j=stpt(i),enpt(i)
if(deltt.lt.t(j)) dett=t(j)
9 continue
deltt=deltt-tinlet
C
c find maximum Reynold's number, distinguish between laminar
c and turbulent flow *
C
fric=frclam/remax
if(remax.gt.2 100.) fric=frctur*(remax**(-0.25))
C
c now find mdot
C
alhs=(rho beta*grav*thhght*deItt)
blhs=z-(sigwallt hwall*chlen)/ (charea*chalph*rho)
btld=bmag*(exp(-i.*blam*xt))
C
blhs=( blihs( bid**2. )+(fric*mdot))/2.
(:lhs=( blhs-( chgeom/dt))*mdot
if(clhs.ge.(0.5*alhs)) then
tcsig=2.5
go to 10
end if
alhs2=alhs-clhs
brhs=blihs+(dhgeom/dt)
mndot=(brhs 
-j-((brhs**I "2.) +(fric alhs2))**0.5) /(fric/'.)
C a
c calculated mdcot - now calculate Pr
435
Cprnb=(cp*mu)/tk
C
c now start channel loop, find renb, kextra, h for each channel *
C
(d0 19 i=1,nchns
Ilvel=mdot/(rho*arch(i)*f1spl(i))
renb(i)=(rho*flvel*dhe(i))/mu
emonu=(2.9024e-02*(renb(i)**7.6862e-01))
em=emonu*(mu/rho)
pl=prnb*(emonu**1.4)
psi=1.-(1.82/pi)
if(psi.It.0.) psi=0.0
eh=psi*em
kextra(i)=(eh*rho*cp)*fifrac(i)
pe=prnb*renb(i)
nu=5.0 + 0.025*((psi*pe)**0.8)
if(prnb.gt.0.2) then
if(remax.lt.2100.) kextra(i)=0.O
111=4.364
if(renb(i).gt.2100.) nu=0.023*(renb(i)**0.8)*(prnb**0.4)
end if
h~)(irac(i)*tk*IIL)/(dIhe(i)/(enpt(i.)-stpt(i)+f1))
19 continue
C**now set point values
do 10 i=I,nchns
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I
11
I
return
end
i
'I
iII
437
ph(stpt(i)-I)=h(i)
ph(enpt(i))=h(i)
do 10 j=stpt(i),enpt(i)
pmdot(j)=mdot/flspl(i)
pkextra(j)=kextra(i)
I) continue
C
F.3 Listing of Subroutine ISOTOPE
C Subroutine ISOTOPE
C
subroutine isotope(emax,ename,econc,rha,rhb,tha, thb,fac,
rnane)
real pct(10),conc(10),numd(500),econc(100),I,rha,rhb,
thathb,fac
integer num('10),emax,nmax
character*2 name(500),ename(100)
character*10 sname,tname,rname
c unit 11 is cntl.dat
c unit 12 is matlib.dat
c unit 13 is elconc.dat
ernax=(i
nmax=)
rha=0
rhb=0
tha=0
thb=0
* t-ead materials in zoiie
* then find the material in material library NIATLIB, find
c k, (rho x Cp), etc. tind average of these values for each zone
iead(11,'(i3)')nu msub
dto 10 i=1,numisub
read(i11,53)sname,pct(i)
53 fornat(a10,17.4)
438.
write(7,101)sname
101 format(' looking for',alO)
rewind 12
I read(12,'(aI0)',end=3)tname
if(tname.ne.sname)goto 1
goto 2
3 write(7,100)sname
100 format(' element ',alO,' not found in matlib database...')
goto 10
2 read(12,'(2e10.3)')ztha,zthb
read( 12,'(2e10.3)')zrha,zrhb
if(sname.eq.rname)then
ztha=ztha*fac
zthb=zthb*fac
end if
tha=tha + ztha-pct(i)
thb=thb + zthb*pct(i)
rha=rha + zrhapct(i)
rhb=rhb + zrhb*pct(i)
read(12,'(i3)')numn(i)
do 20 j-=1,num(i)
20 iead( 12,'(a2,e10.3)')name(j+nmax),numd(jt+ ninax)
nmax=r~inaxt- IuUn(i)
10 continue
do 24 i=1,100
econc(i)-0.0
2-1 ename(i)='
do 30 i=1,nmax
l=i
439
k=1
4 if((l/num(k)).Ie.1.0)goto 5
1=I-num(k)
k=k+1
goto 4
5 do 40 j=l,emax
if(ename(j).ne.name(i))goto 40
econc(j)=econc(j) + numd(i)*pct(k)*conc(k)
goto 30
40 continue
emax=emax+i
ename(emax)=name(i)
econc(emax) =numd(i)*pct(k)*conc(k)
30 continue
do 50 i=i,emax
write(13,'(a2,e 10.3)')ename(i),econc(i)
50 econc(i)=econc(i)/.08
return
end
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